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High-T Catalytic-C 


Pressure 


By D. B. ROSSHEIM,' 


The welded seams of three integral-clad catalytic- 
cracking unit reactors have been found to contain cracks 
after about 7 years of service. Examination has detected 
graphite in the carbon-steel base metal and heat-affected 
zones. This paper reports the findings of investigations 
made on these three and other reactors, both clad, lined 
and unlined, in similar service. The results of mechanical 
tests and microscopic examinations made on specimens re- 
moved from reactors and other high-temperature equip- 
ment in the same service are presented. Possible causes of 
the cracks are discussed with particular emphasis on the 
role of thermal stresses in bimetallic construction and the 
effect of graphite on mechanical properties. Recommen- 
dations are included relative to existing equipment and 
new construction for service at elevated temperatures. 


INTRODUCTION 


HE purpose of this paper is to present the results of some 

examinations made since the beginning of 1951 on pressure 

equipment operating at high temperatures in fluid catalytic- 
cracking units, to discuss the possible causes of cracking dis- 
covered in three integral-clad reactors, to describe the extent of 
graphitization found in this equipment, and to offer suggestions 
concerning existing high-temperature equipment and projected 
new construction. 

On February 8, 1951, a leak developed in the reactor of a fluid 
catalytie-cracking unit constructed of Type 347 integral-clad 
carbon steel after 53,000 hr of operation at 900 to 975 F (de- 
signated unit A herein). Examination disclosed a crack ad- 
jacent to and paralleling a longitudinal weld, and further ex- 
amination disclosed numerous cracks of a similar type in the 
carbon steel at welds throughout the vessel, as well as cracks in 
the inside alloy weld deposits. Examination of samples cut from 
the vessel revealed the carbon-stee] base metal to be graphitized. 
The graphite was nodular and, in general, uniformly distributed. 
A tendency toward local concentrations was evident, at heat- 
affected zones, but only one sample showed graphite approaching 
a chain type; no “eyebrow’’ type formations were observed. 

There are seven other clad reactors of essentially identical 
construction with similar service and operating time. Two of 
these (units B and C) have been found subsequently to contain 
numerous cracks similar to those in the first reactor. Specimens 
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from unit B had only relatively small amounts of graphite while 
those obtained from unit C contained substantially no graphite. 
Two others, units D and E, have been reported free from cracks, 
although samples of base metal from unit D contain heavy nodu- 
lar graphite. The other three units have not been examined 
fully; however, one, unit F, visually examined while in operation, 
has been reported to have one 9-in-long crack adjacent to the 
weld joining the top cone to the overhead line. 

To date, the sampling and examination has been extended to 
include other carbon-steel reactors in similar service, some without 
alloy linings and some with 18 per cent Cr-8 per cent Ni or 11-13 
per cent Cr alloy-steel spot-welded liners. Pipe operating above 
900 F also has been sampled. No cracks have been found; 
although some samples contain nodular graphite in varying de- 
gree of concentration, most are not graphitized. 

The discovery of graphite in conjunction with cracks in pres- 
sure equipment in petroleum refineries was a new experience 
and was disturbing because of the history of failures in steam 
piping in power plants caused by severely graphitized welded 
joints. Consequently, primary emphasis has been placed on the 
detection of graphite in operating pressure equipment and on 
the evaluation of its possible contribution to the failures in these 
reactors. Consideration also has been given to other factors 
which may have contributed to formation of cracks in these re- 
actors; in particular, the influence of differential expansion strains 
inherent in bimetallic clad steel has been extensively studied. 

The experience of the petroleum industry with graphitization 
dates from the early days of thermal cracking when carbon-steei 
still tubes were found to be graphitized as a result of prolonged 
exposure to elevated temperatures. Examination of a failed 
carbon-stee] tube and identification of graphite was reported by 
A. B. Kinzel and R. W. Moore in 1935. 

Prior to the failure in 1943 of a welded joint in a carbon- 
moly-steel steam line of the West Penn Power Company at 
Springdale, Pa., no particular attempt was made to detect 
graphite in the steel of high-temperature equipment. If it was 
found it was usually accidentally during the examination of a 
furnace tube which had ruptured, usually as the result of over- 
heating, and the presence of graphite was considered of academic 
interest only. Since the detection of graphite by microscopic 
examination requires highly experienced polishing and etching 
techniques to retain the exposed graphite particles, it is possible 
that some cases of graphitization may have gone undetected in 
the examination of material! from failed equipment. 

From the time of the Springdale failure until early in 1951, 
the petroleum industry had carried out a limited examination of 
operating equipment for graphite. Most of these examinations 
yielded negative results, although in a few instances some graphite 
has been found. The graphite found was of a scattered nodular 
character not associated with serious impairment of the metallic 
structure or its load-carrying capacity. 

With the failure of a welded joint at Springdale, graphite was 
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found for the first time to be concentrated in chain or “eyebrow” 
type formation at the outer edge of the heat-affected zone in the 
parent metal, and serious deteriovation of physical properties 
could be attributed to it. Subsequent examination of other 
steam-power equipment resulted in the detection of graphite in 
carbon-moly and carbon-steel piping. In most cases the graphite 
was of the scattered nodular type primarily occurring in the heat- 
affected zones of welded joints. In a few cases the graphite oc- 
curred in chain-type formations which caused planes of weakness 
adjacent to the welds, and in one or two instances concentrations 
of graphite were located in strain lines in the base metal away 
from welded joints. 

As a result of these findings the power industry is selecting 
materials with emphasis on long-time resistance to graphitiza- 
tion. Practically all of the individual and co-operative research 
efforts on this problem have been directed toward an understand- 
ing of the factors contributing to and the mechanism of graph- 
itization in carbon and low-alloy steels, with emphasis placed on 
the development and selection of graphitization-resistant steels. 
Difficulty has been experienced in laboratory tests in reproducing 
heavy chain-type graphite formations adjacent to welds. Addi- 
tional knowledge is required on the influence of nodular graphite 
on room- and high-temperature tensile properties, shock re- 
sistance, and fatigue properties for better evaluation of the serv- 
iceability of equipment. 

Until early in 1951 no chain graphite was found in the limited 
number of samples obtained from petroleum-refinery equipment 
With a successful background of experience and absence of deti- 
nite evidence that graphitization will result in failures, the use of 
carbon steel has been continued, principally because of its eco- 
nomic advantage and ease of field fabrication, alterations, and re- 
pairs. The power industry's unsatisfactory experience with 
carbon-molybdenum steel has had some influence in that this 
analysis has been increasingly avoided in new refinery installa- 
tions in favor of low-chrome-molybdenum steels which have the 
added advantage of increased high-temperature strength. 


Fartep Reactors 


Of the catalytic-cracking units which have been designed and 
built by the company with which the authors are associated 


Rerivery A 


Typical 
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eight have reactors which are constructed of integral-clad steel 
plate composed of ASTM Specification A201, Gr. A, carbone — 
steel backing with Type 347 ailoy-steel cladding. The vessel shell 
size of 23 ft diam X 47 ft shell length, with 90-deg-included-angle 
top and bottom cones, necessitated field erection, and stress- 
relieving at 950 to 1000 F was employed due to the shell and cone — 
thickness of 1*/, in. and 1%/,; in., respectively. Fig. 1 shows an 
outline sketch of a typical reactor, clad plate being used except — 
for the top and bottom torus sections which were made of ASTM 
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: A-201 Gr, A plate and strip-lined with Type 347 alloy sheet. 
7 The vessels were designed and constructed in accordance with 
the 1936 API-ASME Unfired Pressure Vessel Code, and the 
_ ASME interpretations. The cladding thickness is nominally 
a per cent but varied considerably as supplied, usually on the 
heavy side. The butt welds are also composite as shown in Fig. 
s the base-metal portion being welded with carbon-steel rod 
and the alloy portion welded with 25-20 and 25-12 Cr-Ni elee- 
trodes. 

All of these units began operation between November, 1943, 
and August, 1944. The operating conditions of these reactors 
are quite steady. They contain hydrocarbon gases and powdered 

catalyst under pressure of from about 15 to 25 Ib, and operating 
_ temperatures have been between 900 and 1000 F. Their ex- 
_teriors are heavily insulated so that the shell metal temperature is 
reasonably uniform and close to the internal gas temperature, 
although arrangement of internals and coke deposits lower the 
metal temperature in some areas. Continuous operating runs of 
a year or more are not unusual. Fig. 3 shows a typical layout of 
the arrangement of the reactor, regenerator, and interconnecting 
piping in a fluid catalytic-cracking unit. Of these eight integral- 
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clad reactors, three have been found to contain extensive cracking. 
Three more have been examined partially and the only crack 
found was a 9-in-long crack in the top head-nozzle neck at the 
fillet weld to one of the vessels. The remaining two reactors 
have been in continuous operation with no opportunity for in- 
spection since the first reported discovery of cracking. 

As mentioned in the Introduction, unit A developed a leak 
in service after 53,000 hr of operation at 900 to 975 F. Follow- 
ing shutdown, visual examination disclosed a crack which was 8 
ft long on the outside and about 4 ft long on the inside. After 
preparation of the exterior weld surfaces by sandblasting and 
grinding, visual inspection supplemented by Magnaflux ex- 
amination disclosed numerous other cracks of variable lengths 
and depth at the edge of both longitudinal and girth welds. Some 
cracks also were found at the edge of fillet welds attaching nozzle 
necks or manhole reinforcing pads to the shell. The total length 
of cracks at the main seams was approximately 75 ft in a total 
weld footage of about 1500 ft. The upper portion of the shell 
showed the greatest percentage of cracks, and cracks adjacent to 
girth welds were at least as extensive as at longitudinal welds. 

Following preparation of the interior alloy weld surfaces by 
grinding, visua] inspection supplemented by Zyglo examination 
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revealed profuse vracks in the alloy'weld metal throughout the 
entire vessel, These cracks were of two types. One was the 
crazed random-directional type characteristic of the micro-crack- 
ing common in austenitic weld deposits; the other was a trans- 
verse-type crack which stopped at the junction of the alloy weld 
and cladding. These latter cracks occurred in some locations as 
frequently as 1 or 2 in. apart, and examinations of trepanned 
plugs and cutouts showed that they generally penetrated no 
farther than the junction of the alloy weld with the carbon steel, 
although a few penetrated into the carbon-steel weld metal. 
The cracks in the alloy welds are disturbing and deserve study; 
however, they appear to be a separate problem from that of 
graphitization and of the cracks in the carbon-steel portion of the 
clad plate, and consequently will be considered in this paper only 
in so far as they may have influenced the development of cracks 
in the base metal. 

The cracks in the carbon steel appeared to have originated on 
the outside carbon-steel surface at or near the edge of the heat- 
affected zone. Macro and microscopic examination of trepanned 
plugs and cutouts showed the path of the cracks tended to par- 
allel the contour of the welds at the far edge of the heat-affected 
zone and to propagate into the base metal perpendicular to the 
surface. All the cracks were of the branching, intergranular 
type characteristic of those found in the laboratory at the frac- 
tured surface of long-time stress-rupture specimens, There was 
no indication that the cracks originated at the junction of the 
carbon-steel and alloy weld deposits. Fig. 4 shows the orienta- 
tion of a typical crack. 

The results of examination and tests of samples and cutouts 
are given in Tables 1 to 5 inclusive, for this unit as well as for 
other units subsequently examined. The tabulations include the 
results of examinations and tests performed by others which have 
been made available to the authors. The following comments 
apply to unit A. 

The examinations of the cracks in the carbon-steel base metal 
revealed the presence of graphite in all of the samples examined. 
No graphite was found in weld metal. In general, the base metal 
consisted of free ferrite, spheroidized carbides, mostly at ferrite 
grain boundaries, and nodules of graphite as large as 0.0015 
in. diam. These nodules were scattered throughout the base 
metal, with heavier concentrations in the heat-affected areas. 
In the areas containing a system of intergranular cracks, nodules 
of graphite were observed to be located in the cracks, 2s shown 
in Fig. 4, indicating that the graphite particles constitute a 
preferred path of propagation, if they did not actually enhance 
the cracking. 

In one sample the structure of the metal at the base of a crack 
system appeared to contain graphite in a continuous platelike 
form outlining grain boundaries in an orientation parallel to the 
direction of the cracks. This is shown in Fig.5. Accurate iden- 
tification of this structure is difficult and questionable and there 
is some belief that this constituent may consist of oxides rather 
than of graphite. 

Mechanical tests were made on plate materia] and welded 
joints cut from the vessel to determine the degree to which the 
carbon steel had deteriorated. The results: of these tests are to 
be found in Tables 1 to 5. Room-temperature tensile tests on 
base metal showed average yield-strength values of 25,000 psi 
and tensile strength of about 45,000 to 46,000 psi, which is about 
what might be expected of extremely low-carbon steel. Ductility 
as shown by tensile and bend tests was of the order of 50 to 60 
per cent. Similar properties were found in specimens including 
welded seams with one notable exception. At one location, two 
free-bend test specimens broke at the edge of the heat-affected 
zone with substantially no elongation, and examination showed 
the fractured surfaces to be peppered with tiny black particles. 
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Fio. 4 Rerinery A—Typicat Crack at or Heat-Arrecrep Zone 
(Top, Crack system at X4. Lower left, Crack system at 100. Lower right, Graphite nodules in crack system at ahead 


TRANSACTIONS OF THE ASME OCTOBER, 1952 
a? 


’*, CAUGHEY, HOYT—EXAMINATION OF HIGH-TEMPERATURE EQUIPMENT 


TABLE 1 


Sample 


Type 347 clad 


Regenerator internal 
Reactor internal 
Recycle cat. standpipe 


m. cat. standpipe 
Reactor shell 
Reactor shell 
Cat. standpipes 
Reactor shell 


TABLE 2 


Material 
Type 347 clad A201. Gr. A, F 920 53000 26 
Type 347 clad 
Type 347 clad A201, 


TYPES OF EQUIPMENT TESTED 


Approximate service conditions 
em Time, 
Cycles 


. lined-Type 347 
, lined Type 405 


lined Type 405 


CHEMICAL COMPOSITION 


IDENTIFICATION 
SPECIMEN 


SERVICE. 
HRS. 


REFINERY MATERIAL 


ASTM A201 
GR.A 


ASTM A201 
ASTM A106 


REACT AEP 


CAT. STANDP IPE 


ASTM A201 


REACTOR GR. A 


REACTOR AST™ A201 


CAT. STANDPIPE AST A 106 


RECYCLE REGEN. AST A201 


ASTM A201 


REACTOR GR. A 


REACTOR 


It is apparent that in at least this one location sufficient concen- 
tration of nodular graphite may have existed to produce a serious 
plane of weakness. 

Before concluding this summary it is of interest to note that a 
sample taken from the top torus ring, which was not integral- 
clad plate, showed only slight spheroidizing of the carbide phase 
but no graphite. The carbon content of the torus plate was 0.21 
per cent compared with 0.08 to 0.11 per cent in the base metal of 
the clad plate. 

The second clad reactor to fail was that of unit B. The seams 
of this vessel were being stripped of insulation for inspection 
when a leaking crack, approximately 30 in. long, was discovered 
adjacent to a circumferential weld joint in the shell. After the 
unif was shut down and the welds prepared for examination by 
sandblasting, cracks in the base metal and alloy welds were found 
which were of the same type and to approximately the same ex- 
tent as in the reactor of unit A. Although the total linear extent 
of the cracks in the carbon steel was about the same, the cracks 


in unit B were not as severe in depth or individual length as those in 
unit A. There was one new type of crack as described in the 
following paragraph which is of interest, but which appears 
unrelated to graphitization or cracks in the heat-affected zones. 

During the fabrication of the vessel, some defects were found 
in the carbon-steel weld metal which were chipped out and the 
cavities rewelded. When these defects were so deep that the 
repair weld might fuse into the alloy-steel cladding or weld metal, 
the repair weld was made with austenitic stainless-steel electrodes. 
At the location of these full-penetration alloy welds, a crack fre- 
quently was found at the junction between the alloy weld metal 
and the carbon-steel base metal. Microscopic examination of a 
section including such a crack showed heavy concentrations of 
carbides in the alloy weld metal which have migrated from the 
carbon steel. The crack appears to be located in the band of 
pure ferrite in the carbon steel immediately adjacent to this car- 
burized band. 

It is worth noting that this type of crack is not uncommon in 
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TABLE 3 


ra 
OCTOBER, 1952 


SHORT-TIME TENSION TESTS 


IDENTIFICATION 
SPECIMEN 


SERVICE 


HRS. F 


REFINERY MATERIAL 


TENSION TESTS 


TEST 0.2% YIELD ULT. STR. % ELONG. 
TEMP. PSI PSI IN © IN, 


REACTOR 


» 800 


25 
ROOM 25,300 


REACTOR 


ROOM 


950F 


REACTOR 


REACTOR 


RFACTOR 
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950F 
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GRAPHITE 


100 


welded joints between austenitic and ferritic steels operating at 
elevated temperatures. This type of construction needs study 
to determine the conditions under which it will perform satis- 
factorily or cause trouble in service. 

Microexamination of samples removed from the reactor of 
unit B revealed some scattered graphite particles located prin- 
cipally in the heat-affected areas of the carbon-steel base metal 
The amount of graphite was considerably less than that found in 
the unit A reactor, and there was no evidence of heavy concentra- 
tions which might cause planes of weakness. Mechanical tests 
showed excellent ductility across welded joints. The cracks in 
the carbon steel of this reactor have since been repaired and the 


unit is back on stream. Until such time as a new reactor can 
be made available, the repaired reactor is operating with an in- 
ternal insulating liner to decrease the metal temperature to a — 
point where further deterioration is unlikely. a 

The third clad reactor found to be badly cracked is designated 
as unit C herein. This unit was shut down for inspection in 
May, 1951, and after preparing the outside surfaces of the welds _ 
by sandblasting and some local grinding, Magnaflux inspection — 
revealed cracks in the carbon steel adjacent to the welds to ap-— 
proximately the same linea] extent as found on units A and B. 

The majority of these cracks were shallow although one crack 
about 3 ft long in a shell girth seam extended practically through 
the entire plate thickness, The cracks were of the same type as 7 
found in unit B, that is, in the heat-affected base metal adjacent 


to carbon-steel welds and along the junction between carbon- 


steel base metal and alloy-steel repair welds. 


Approximately 90 per cent of the alloy welds on the inside of ont 


the vessel were sandblasted and examined by the Zyglo method. _ 
Except for one section about 12 ft long which contained some _ 
transverse cracks, the alloy welds were sound and free of cracks. G 

A limited number of weld probe specimens obtained from the e 
vessel shell and cone seams contained traces of graphitization 
away from the welds with no concentrations of graphite in the 
base-metal heat-affected zones. 

This reactor has since been repaired, and the unit is back on— 
stream with an internal insulating liner installed to minimize the y 
possibility of further deterioration. 


EXPLORATION OF CAUSES OF CRACKING 


General. The occurrence of cracks along the edge of welds in 
high-temperature pressure vessels is a more general problem than 
indicated by the specific cases reported herein. When such 
cracks have occurred in the past, the problem of why the affected — 
area should be inherently weak usually has received only the 
limited attention necessitated by the repair or replacement of | 
the vessel affected. Vessels in cyclic service, such as hydro-— 
former reactors or coke drums, which are subject to repeated — 
changes of temperature, have been found to be susceptible to— 
cracking at weld edges. . 

The following factors have been considered as to their possible — 
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TABLE 4 COMPARISON, MICROSTRUCTURE AND BEND TESTS 


IDENTIFICATION RVICE MICROSTRUCTURE MCQUAID EHN | COMPOSITION 


REFINERY SPECIMEN MATERIAL GRAPHITE GRAIN ABNORM™ 
1 SIZE ALITY 


SCATTERED NODULAR 
HAZ AND BASE METAL 
cali? AREAS IN 


SCATTERED NODULAR 
HAZ AND BASE MPTAL 
as 
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NONE Passrn 

SCATTERED NODULAR 

HAZ AND BASE METAL i PASSED 


PASSED 


NONE 
NONE PASSED 


REACTOR 3 SCATTERED NODULAR 
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D BASE METAL 
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NONE 
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NONE PASSED 


NONE PASSFT 


PARSFN 
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TABLE 5 


OCTOBER, 


ROOM-TEMPERATURE MECHANICAL TESTS 


IDENTIFICATION 
SPECIMEN 


SEF VICE 


MATERIAL | HRS. F 
xic> 


REFINERY 


TYPE 
SPEC IMEN PSI Ps! IN 2 


ROOM TEMPERATURE TE’’SION TESTS 


YIELD STR. ULT. STR. % ELONG. REMARKS 
IN. FRACTURE 


WELD 


eee 


BASE METAL 


~ 
° 


WELD 
BASE METAL 
BASE METAL 


FREE BEND TESTS ON WELD SPECIMENS 


ANGLE OF REMARKS 
BEND 


FRACTURED AT FUSION LINE 
OF WELD 


SATISFACTORY 
FRACTURED ON LOADING 
SATISFACTORY 


FREF REND TESTS ON PLATE SPECTMENS 


ANGLE OF REMARKS 
REND 


SATISFACTR Y 


SATISFACTORY 


SIDE BEND TESTS ON WELD SPECIMENS 


REMARKS 


SATISFACTORY 
SATISFACTORY 
SATTSFACTORY 
S4TISFACTORY 
SATISFACTORY 
SATTSFACTORY 
SATTSFACTORY 
SATTSFACTORY 


SATTSFACTORY 
SATTSFACTORY 


influences on the initiation or propagation of the cracks at the edge 
of welds in the three integral-clad reactors: 

1 Underbead cracks 

Although these might be a factor in the case of high-carbon or 
low-alloy steels, such cracks were not encountered during the 
fabrication of these vessels, which are mild steel, and no evidence 
was found to indicate that they developed during service. 

2 Stress concentration due to undercutting at the edge oi 
welds or heavy weld reinforcement. 

A limited amount of undercutting and heavy reinforcement 
was present on the main seam welds on each of the three reactors; 
however, no correlation with cracks was observed. Some of the 
cracks occurred at the edge of such welds requiring grinding to 
enable correct interpretation of Magnaflux indications. 

3 Hydrogen embrittlement due to the use of electrodes not 
of the “low-hydrogen”’ variety 


The use of low-hydrogen-type electrodes has been of benefit 7 
in eliminating cracking in heavy welds and welds under a high on 
degree of restraint. Although these vessels were welded before 
the low-hydrogen-type rods were extensively used, no unusual 
trouble was encountered during fabrication with cracks in the— 
carbon-steel weld metal and no cracks occurred in the base metal. 
The only seams which involved considerable cracking difficulties _ 
were at the intersections of the cones to shel] where intersection — 
effects enhanced the shrinkage stresses. Since hydrogen em- 
brittlement due to welding would be at its maximum during | 
fabrication and would subsequently diminish as the hydrogen — 
diffused out of the steel, it does not appear that such embrittle- _ 
ment would be responsible for the development of the reported — 
cracks. 

4 Fatigue in cyclic service. 

The conditions under which these vessels operate are not 


’ 
26,300 44,04 ASE 
26, 600 44, 60 METAL 
24,300 47,00 ASE METAL 
25, 000 46, 60 ASE METAL 
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25, 900 46, 80 
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AST™ Az01 57 900 
; B REACTOR . 30, 000 49, 000 2 
a 
4 
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AN 
‘ A REACTOR as™ a201 | 63 920 380 
Lae 
as™ a201 900 180 
R RRACT® 60 960 180 
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cyclic in the usual sense, the total number of operating cycles 
ranging from 11 to 26. Apparently a limited number of cycles is 
of importance in evaluating the effect of thermal stresses in- 
herent in a bimetallic structure, as will be discussed later. 

5 Impact and vibration effects. 

The inertia effect of the fluid-catalyst bed and incoming catalyst 
stream does result in low-frequency vibration of low amplitude 
which increases during start-up and shutdown operations. 
The magnitude of the vibration amplitudes in the vessel are 
minor as compared with that in the connecting catalyst pipe 
lines and are considered relatively unimportant. 

6 Effects of graphitization on mechanical properties. 

There is no positive connection between the graphitization 
and the development of the cracks. In the reactor in unit A 
which showed appreciable nodular graphite, the cracks primarily 
followed the heat-affected zone where there was a tendency for 
graphite concentrations. The segregated graphite observed in 
heat-affected zones, however, was not of the eyebrow type 
found on the Springdale failure, but was nodular and might be 
more descriptively termed “bead” type, Fig. 6. Bend tests have 
shown that moderate amounts of bead-type graphite do not 
adversely affect ductility, although a few tests of welded joints 
with particularly heavy concentrations have shown reduced 
ductility in a degree proportionate to the quantity of graphite 
Little is known about the possible effect of such 
segregation on the long-time high-temperature strength and 
ductility or the fatigue or shock resistance of welded joints. 
While segregated graphite appears to have been an influence in 
the development of cracks in the case of unit A, this is not sup- 
ported by the findings on units B and C, unit B having little 
graphite and unit C being practically free of graphite. The de- 
gree of spheroidization also varied. The steel for all three vessels 
was supplied from the same source at the same time; in fact, 
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some heats are represented by plates in more than one vessel. 
The difference in degree of deterioration is not readily explained 
but the difference is sufficiently marked that graphite cannot be 
ascribed as a primary influence in causing the cracking. 

7 Notch effect at edge of alloy weld deposit due to its greater 
depth than the alloy cladding thickness. 

In no case were cracks found which originated at this location. 

8 Propagation of initial fabrication cracks in alloy or carbon- 
steel welds, such as micro-cracks or cracks at the junction bet ween 
the carbon and alloy steel. 

It is known that some difficulty with micro-cracking of alloy 
weld deposits was experienced during fabrication and it is probable 
that some such cracking existed at the start of service. These 
cracks undoubtedly propagated within the alloy weld deposit 
although the depth of these multidirectional cracks was quite 
shallow; in most cases they could be eliminated by surface-grind- 
ing. Transverse cracks also developed; however, the origin 
of these is not clear since this type of crack was not observed dur- 
ing the fabrication and original inspection of these vessels. Even 
though these cracks did not propagate into the carbon steel to any 
extent they could have had an important influence on the develop- 
ment of cracksin the base metal since the internal force system due 
to thermal and other effects would be disturbed locally. This 
could introduce appreciable additional local stress concentration 
on the base metal at this point. It should be noted, however, 
that the alloy welds in the reactor of unit C were reported to be 
sound except for one 12-ft length so that in that instance at least, 
alloy-weld-metal cracks could not contribute to the carbon-steel 
cracking that occurred. 

As pointed out in (3), there was negligible trouble with cracks 
in carbon-steel welds during fabrication. With the inspection 
means employed it is unlikely that cracks of significant dimen- 
sions would have been present e time the reactors began serv- 


he 
5 
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ice; also it would be expected that large cracks would have 
propagated and become evident in a much shorter time period. 

9 Thermal stress resulting from difference in expansion of alley 
and carbon steel in integral-clad plate or composite welds. 

10 Fatigue attendant to thermal cycling in integral-clad 
plate construction. 

11 Stress-rupture failure due to combined operating stresses. 

These last three factors require more detailed consideration 
and are discussed in the following section 


TuHeoreticaL Srupy or Srresses AND Lastic 


InTEGRAL-CLAD Pressure 
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Since the integral-clad plates of the reactors discussed in units 
A, B, and C involve cladding and base metals of different thermal- 
expansion characteristics, the contribution of thermal stresses to 
the interaction and/or propagation of flaws should be assessed. 
It is the purpose of this section to examine the stress cycle and 
attendant deformation for such vesse}s. 

The API-ASME Code to which these reactors were built ac- 
cepts part or all of the alloy thickness of integral-clad plate as 
part of the required thickness, provided the allowable stress for 
the base material is used for the entire thickness. This practice 
stems from reasoning that in high-temperature service, thermal 
stress as a form of internal loading would rapidly be lowered by 
creep or relaxation, similar to that in boiler or furnace tubes, so 
that essentially only pressure stress would exist under service 
conditions, 

For vertical refinery vessels of the type being discussed, other 
influences such as dead load, piping reactions, wind load, and so 
on, are insignificant at the shell areas where the cracks occurred. 
Attention therefore can be confined to thermal expansion and 
pressure effects, 

In an effort to gain a better understanding of actual behavior 
of a clad vessel in high-temperature service, expressions are de- 
veloped in the Appendix for the elastic thermal] stresses for the 
general case of a thin integral-clad plate cylinder. These are 
followed by expressions for the local bending and hoop stresses at 
a welded joint; for the relaxation of thermal stress with time at 
temperature in the presence of pressure stress; and finally, for the 
subsequent division, under steady-state creep conditions, of the 
internal pressure load between the alloy cladding and the carbon- 
steel backing. The local stresses at welds result from the differ- 
ence in thickness, composition, and attendant differential expan- 
sion of the alloy portion of the weld, and the expressions derived 
for them, together with the equations for relaxation, permit ex- 
ploration of their possible influence on the cracks, Only principal 
stresses are calculated and, for convenience, available creep data 
under uniaxial tension is assumed to apply. The precision of 
strain evaluation and load-carrying capacity will be affected by the 
meager creep and other high-temperature data available and by 
certain simplifying assumptions; nevertheless, a 
valuable indication of general trends is achieved. 

The general formulas of the Appendix will now be applied to an 
exploration of the integral-clad reactors in which cracks de- 
veloped. The following data are pertinent (units defined in 
Appendix): 


necessary 


Operating temperature. . .(7' = 975 — 70 = 905) 
Operating pressure. ..P = 16 to 25 psi 
Composite shell thickness. . .f = in. 


TRANSACTIONS OF THE ASME 


OCTOBER, 1952 


Thermal expansicn coefficient 
Carbon steel. . a, = 7.95 x 10~* 
Type 347 steel a, 10.15 & 10~* 
Modulus of elasticity 
Carbon steel. .E, = 29 X 10% at 70 F 
19.3 X 10° at 975 F 
29 X 10* at 70 F 
19.3 at 975 F 


Type 347 steel 


(Note that E, is taken equal to E, for convenience since little 
error is introduced ) 
Poisson’s ratio y = 0.3 (assumed constant for all temperatures) 
Pressure Stress: Considering internal pressure stress alone, if 
thermal stresses were to relax completely with time at tempera- 
ture and the vessel is maintained at the operating temperature, 
the alloy cladding and base metal would divide the pressure load 
so that each creeps at the same rate. The expressions relating 
creep, stress, and time at the operating temperature of 975 F are 
taken as follows: 
For carbon steel 


A(S,)* o4 


= 646 x 107 in. per in. per hr 


For Type 347 steel 
= 10" in. per in. per hr 
Application of Equations [14] and [15] in the Appendix for the 
maximum operating pressure of 25 psi gives for B = 0.2 fds’ os ou 


Per cent load carried by alloy = 57- ch: : 
Composite creep rate = 0.000052 per cent per 1000 hr anh 
and for B = 0.3 — 


S, = 970 psi; — 


Per cent load carried by alloy = 73 

Composite creep rate = 0.000019 per cent per 1000 hr 

The presence of the austenitic cladding has a considerable 
strengthening effect on the base metal in so far as taking the in- 
ternal pressure load alone is concerned, and creep due to internal 
pressure would be at a very low rate. 

Thermal Stress. Turning to a consideration of thermal stress, 
application of Equations [2] and [3] in the Appendix results in 
calculated thermal stresses upon first coming up to temperature 
as shown in Table 6. 


S, = 1364 psi; S, = 7250 psi 


8. = 6200 psi 


TABLE 6 CALCULATED THERMAL STRESS IN 18-8 C 
STEEL PLATE ON FIRST HEATING FROM 70 TO 975 F 
NO YIELDING 
B 
0.2 
0. 
0.4 
Nore: Plus sign indicates tensile stress; minus sign indicates compression 
streas. 


Actually, the maximum stress in the alloy would be limited by 


its yield strength. The base-metal stress therefore would be pro- — 


portionately lower and there would be compressive plastic strain 
in the alloy. This would be followed by creep of both the carbon 


steel (tensile) and of the alloy (compressive) with time at tem- _ 
perature, which would result in further plastic flow and reduction _ 
of the hot thermal stress. If the vessel were maintained at tem- _ 
perature a sufficient time for complete relaxation to occur, thermal — 
stresses again would be introduced upon cooling down to atmos- — 
pheric temperature and would be of reversed sign from the 
original stresses when hot. In the cold condition the calculated 


Base metal. . .carbon steel (ASTM A201 Gr. A) = 
f nominal 
Cladding. . .18 per cent Cr-8 per cent Ni-Cb (Type 347) = 20 
per cent of {nominal (B = 0.2) 
(Note: Alloy-cladding thickness exceeded the nominal thick- 
ness in areas. ) 


80 per cent 


“ 
: 
‘ 


TABLE 7 STRAINS IN 20 PER CENT INTEGRAL-CLAD (TYPE 347) STEEL REACTOR (P = 25 PSI) 


—0 000725 


+0.000724 
—0. 000725 


0 
+0. 000724 


+30000 
20000 

0 


PLASTIC FLOW IN 
CARBON STEEL OVE 
TO CREEP 


TOTAL PLASTIC FLOW 


COLO YIELDING 
(TENSILE) 


Net 
-——per cyel«, in/in— 
Cladding Base metal 


—0.000181 
+0.000181 


0 
000181 


0 
+0 | 


+0.000777 
3 


+0.000777 +0 


—0 000128 
0 
+0.009777 


NET STRAIN RATE 
TENSILE AND EQUAL 
iN CLADING AND 
BASE METAL 


— PLASTIC FLOW IN 
TYPE 347 CLADDING 


THERMAL ELASTIC 


| 


10000 15,000 


OPERATING TIME - HOURS 


Fic. 7 Terma Srrains in Type 347 Reactor Wits Oreratine Cyc ies 


_ values would be equal to the values given in Table 6, increased by 
3 ratio of the cold to the hot moduius of elasticity. The stress in 
4 the cladding would exceed the cold yield strength of the alloy 
which again would limit the actual stress level, and there would be 
tensile plastic flow in the alloy. The establishment of a residual 
stress system of reversed sign in the cold condition is favorable 
since it reduces the hot thermal strain in all succeeding cycles. 
Depending on the percentage cladding thickness, little or no 
further hot plastic flow would occur in the alloy because of exceed- 
ing the hot yield strength. Relaxation due to creep, however, 
would continue during each cycle and there also would be a 
repetition of tensile plastic flow in the alloy on cooling to atmos- 

pheric temperature. 

Table 7 has been prepared to indicate the amount of plastic 
- flow which might be expected to occur in the carbon-steel and 
alloy cladding on successive operating cycles, each cycle being 
B= long to permit relaxation of thermal stress. The plate 
is assumed to be stress-free to start with and the time indicated is 
that estimated for complete relaxation by application of Equation 
_ [12] of the Appendix in the presence of an internal pressure stress 
of 2540 psi corresponding to the maximum operating pressure of 
25 psi. Relaxation was assumed to take place in the carbon steel 
and alloy in the ratio of 6:1. This ratio, while not exact, seems 
reasonable from the creep properties of the two materials at 975 F. 
The yield strength of the alloy was assumed as 30,000 psi at 70 F 
and 20,000 psi at 975 F. Two cycles are tabulated, but any sub- 
sequent cycles of similar duration would repeat the second cycle. 


It is noted that on each cycle there is tensile plastic strain of the 
base metal which occurs owing to creep in the hot condition and 
a net tensile strain of equal amount in the alloy. The net tensile 
alloy strain is the result of tensile yielding upon cooling to room 
temperature, which is only partially offset by compressive yielding 
and creep in the hot condition. The plastic and elastic strains are 
more effectively shown in curve form in Fig. 7. These curves 
bring out the greater amount of working of the alloy even though 
the net tensile growth per cycle is the same for both materials. 

If the time of a cycle were to be increased beyond that which 
causes complete relaxation, the rate of creep during the additional 
time would be dictated by pressure stress alone and the net rate of 
creep per cycle would decrease. If the time were to be shortened, 
the net rate of creep would increase. The effect of the number and 
duration of the temperature cycles is therefore of interest. 

Table 8 has been prepared to indicate the effect of cycling on 
the total strain which might be expected for the same total operat- 
ing time, taken as 50,000 hr. 

TABLE 8 EFFECT OF cree sting CYCLES ON NET RATE OF 


CREEP; TYPE 347 INTEGRAL-CLAD STEEL REACTOR; TOTAL 
OPERATING TIME CONSTANT AT 50,000 HR 


Number Duration 
of of each 


0.00158 
0.00645 


a 
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“Sets 
eyeles cycle, br B= 0.2" 
2 25000 0.00176 0.000818 
10000 0.00402 | 0.00815 
10 5000 0.00777 0 00821 S 
15 3333 0.01060 0.01225 
20 2500 0.01316 0.01038 0.01554 = 
30 1667 0.01680 0.01329 0.02145 
ate 
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In preparing Table 8, a favorable residual-stress system of re- 
versed sign was considered to have been established prior to the 
first cycle, as would be accomplished by the thermal stress relief 
which these reactors received. The influence of the number of 
cycles is quite marked. Since the results are affected by the 
cladding thickness and the pressure stress, three elongation col- 
umns are included to show the effect of changes in these variables. 
‘The first column is based on a pressure of 25 psi and 20 per cent 
cladding thickness; in the second column the pressure is reduced 
to 16 psi; in the third column the pressure is again 25 psi but the 
cladding thickness is increased to 30 per cent. In the range of 10 
to 30 cycles, lowering the pressure 36 per cent lowered the elonga- 
tion approximately 20 per cent, while an increase from 20 to 
30 per cent in cladding thickness raived the elongation 6 per cent 
for 10 cycles and 27 per cent for 30 cycles. 

Local Effects at Welds. The preceding analysis applies to 
integral-clad plates away from welds. An analysis for approxi- 
mating the stress conditions at welds is given in the section, 
Local Temperature Stress in Welded Circumferential Joint in 
Clad Plate, of the Appendix. The resulting equations have been 
applied to the vessels under consideration, assuming the following 
weld proportions and cladding thickness as typical of the actual 
construction; weld metal was 25 per cent chromium—12 per cent 
nickel-alloy steel: 


0.3; B, = 0.5 
in. (allows for '/,-in. weld reinforcement) 
1 in. 

= 9.72 10-*; 


Other data are as given in the preceding analyses. 
[6] to [9] of the Appendix yield the following results: 


i 
Si = +542 psi 
Su: = +287 psi 4. 
Su = + 85 psi (outside fiber) 
+201 psi (inside fiber) 
3816 psi (outside fiber) 
3644 psi (inside fiber) 


Equations 


These stresses must be superimposed on the thermal stresses 
calculated separately for the clad plate and the composite weld by 
Equations [2] and [3]. These thermal stresses are given in Table 
6 for the clad plate. For the weld metal the values are 


Su = 


Sia = +22,050 psi 


S, = —22,050 psi 


At outside fiber of carbon-steel base 
ee 


The net stresses are therefore as follows: 


+ 16,842 psi longitudinal 
+ 16,585 psi circumferential 


At outside fiber of carbon-steel weld metal, part ( 2) 


+ 22,337 psi longitudinal 
+ 18,234 psi circumferential 


| 


TABLE 9 


At inside fiber of alloy cladding, part (1) 


——38,842 psi longitudinal 
—38,209 psi circumferential 


At inside fiber of 25-12 alloy weld metal, part (2) 


—22,337 psi longitudinal 
— 25,694 psi circumferential! 


The actual stresses would be lower as dictated by the hot yield 
strength of the material which has not been considered in the 
foregoing figures. The values indicate that less plastic flow would 
occur in the 25-12 alloy weld metal than in the Type 347 cladding 
of the base metal. The discontinuity stresses obtained from 
Equations [6] to [9] of the Appendix are surprisingly small. It is 
apparent that owing to the lower coefficient of expansion of the 
weld compared to the Type 347 cladding of the base metal, the 
use of an alloy weld depth greater than the adjacent cladding 
thickness is advantageous in lowering the local discontinuity 
effects. 

The stress in the carbon-steel weld metal is shown to be some- 
what higher than the stress in the adjacent carbon-steel base 
metal. To gain a better appreciation of what influence this 
might have on plastic flow in the weld metal with temperature _ 
cycles, Table 9 has been prepared for the composite weld for com- 
parison with Table 7. 

The yield strength of the weld metal was assumed as 35,000 psi 
at atmospheric temperature and 25,000 psi at975F. It is apparent 
that on the second and all subsequent cycles the net plastic flow 
in both the carbon-steel weld metal and the 25-12 weld metal 
would tend to be appreciably lower than in the adjacent clad 
plate because of the lower coefficient of expansion of the alloy 
weld metal and the more favorable residual stress system set up 
in the cold condition. 

Discussion. The foregoing analyses are useful in judging the 
trend of the many variables involved and the relative role of 
thermal and pressure effects in causing plastic flow. 
flow indicated cannot be taken as an accurate estimate as it can be 
altered by variations in the assumptions made in the approach 
and for the physical properties of the materials used. Variation of — 
the actual metal temperature from the assumed 975 F would have 
a very marked effect. Raising the cold yield strength as a result 
of straining also would operate to reduce the plastic deformation 
per cycle. 

Pressure stress has been shown to have a negligible influence on 
total creep as compared to thermal cycling. The number of 
temperature cycles in a given total operating period is indicated — 
to have a direct influence on total creep. The unit A reactor is 
reported to have had 53,000 hr of total operating time and to have © 
had 26 cycles with temperature ranging from 900 to 975 F and 
pressure from 16 to 25 psi. The unit B reactor had approxi- 
mately the same total time and temperature but only 11 cycles 
with pressure at 16 psi. Table 8 would indicate a total creep of — 
approximately 1.4 per cent for unit A reactor and 0.7 per cent for 
unit B reactor, assuming 975 F metal temperature and 20 per . 
cent cladding thickness. Heavier cladding thickness would in- 
crease this, but lower metal temperature would reduce it con- 


LONGITUDINAL COMPOSITE GIRTH WELD IN 18-8 CR-NI-CLAD 


EL REACTOR 
(Cladding thickness taken as o0 pe cent, alloy weld depth 50 per cent, alloy weld metal 25 per cent Cr- 


per cent Ni alloy. 


Total 
operat- 
i Thermal stress, 


Tome, Alloy 
deg F weld weld 
975 — 22337 + 22337 
975 0 
70 + 33500 — 33500 
975 0 0 


ing 
time, 
br 


0.00081 
0 


Pressure = 25 psi) 


Elastic strain, in/in— Added plastic strain, in/in 
Allo: cs Allo cs 


weld wel 
0.00081 0 
0 —0.00021 
| 


weld 
0 
+0.00139 
0 
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siderably. While no original strapping dimensions are available, 
circumferential strappings at various levels on the shell after 
failure showed several readings at or close to the theoretical circum- 
ference when new and 8 maximum difference between minimum 
and maximum readings of 2*/, in. for the unit A reactor and 3*/,5 
in. for the unit B reactor. These correspond to elongations of 
only 0.3 and 0.4 per cent, respectively. 

The cracks under consideration herein were located at welds. 
Neither the base metal nor cladding showed ill effects away from 
_ welds. The approximate analyses described herein indicate that 
stress conditions in the composite welds are such that both carbon- 
and alloy-steel weld metal would be expected to have less total 
plastic flow than the adjacent carbon-steel base metal and alloy 
cladding. However, differential strains would be encountered at 
the edge of welds owing to different stress conditions and varia- 
tions in the yield and creep properties of weld and base materials, 
the effects of which cannot be assessed accurately. 

Stress-rupture test data are not applicable in evaluating ther- 
mal effects, as we are dealing with internal stresses which are the 
result of strains rather than forces and which vary with time. On 
each temperature cycle there is a locked-up thermal strain of 
limited magnitude. The relief of this strain is dependent on the 
ductility of the material rather than its load-carrying ability. 
_ The approximate analysis herein presented indicates that the total 


elongation would be 1.4 per cent or less, and vessel measurements 


indicate actual elongations were considerably lower. The materials 
used in these vessels normally would be expected to yield such 
amounts without distress as is evidenced by the absence of any 
cracks away from welds. Analysis indicates less strain at welds 
than away from welds and hence offers no explanation for the 
cracking at welds or for the peculiar regular pattern of transverse 
cracks in the alloy weld metal. 

It is the opinion of the authors that thermal strains and strain 
_ gradients at welds were not sufficiently severe to initiate cracks in 
sound material of the expected physical properties. However, 
cyclic thermal strains could initiate cracks in zones of low duc- 
tility or fatigue resistance or propagate existing flaws or cracks. 
The prevalence of cracks adjacent to welds points to some weak- 
ness which is inherent or which developed in the structure of this 
zone. The extent of cracking at girth welds, which was at least 
as extensive as at longitudinal welds, would appear to be an indi- 
cation that thermal rather than pressure effects were responsible 
for disclosing weak zones. It is known that some difficulty was 
encountered with inicro-cracking of the alloy weld deposits during 
the vessel fabrication and that the original welds contained some 
These may have contributed to stress concentra- 
tions at the weld areas. Another factor which would add to the 
local stress effects at welds is the variation in the cladding thick- 
ness encountered on these plates, which varied up to 40 per cent of 
the total thickness and might be different on either side of the 
weld. The unit B reactor was cracked practically as badly as the 


cussing the thermal effects in integral-clad plates it may be of 
interest to include a comparison of the expected performance of 
11-13 per cent shromium integral-clad steel on the same basis, 
since there are vocsels of this type operating in similar service. 
Assuming the same vessel dimensions and operating conditions as 
used previously, but changing the cladding material to 11-13 
per cent Cr steel, gives the following results: 

Against pressure loading alone the alloy cladding again would 
have a strengthening effect because of its greater creep strength. 
For 25 psi operating pressure and 20 per cent cladding thickness, 
it is estimated that after relaxation of thermal stress the carbon- 
steel stress would be 1940 psi and the alloy stress 4950 psi, the 
alloy carrying 39 per cent of the total pressure load. 

In so far as thermal strains are concerned, Tables 10 and 11 are 
given for comparison with Tables 6 and 7. In calculating the 
values shown in these tables the following data were used: 


= 6.47 X 10-4, E = 19.3 X 10 at 975 F 


Alloy yield strength = 35,000 psi at 70 F 
25,000 psi at 975 F 


The initial calculated stresses are lower than those for Type 347 
integral-clad steel since the differential strain is reduced one 
third. The plastic flow per cycle on each cycle after the first is 
indicated as very low and as compressive rather than tensile. This 
brief comparison indicates that 11-13 Cr clad plate is more favora- 
bly disposed to absorb thermal strains without difficulty. How- 
ever, conditions at composite welds where the alloy weld layer is 
made with 25-12 or 25-20 Cr-Ni electrodes involve local discon- 
tinuity effects as great or greater than with Type 347 cladding. 
Application of Equations [2] to [9] of the Appendix for B, =0.2 
and B, = 0.4 give the following results: 


Longitudinal stress 


Outside fiber C.S. base plate 
Outside fiber C.S. weld 
Inside fiber alloy cladding 
Inside fiber 25-12 weld 


Cireumferential stress 


Outside fiber C.S. base plate 
Outside fiber C.S. weld 
Inside fiber alloy cladding 
Inside fiber 25-12 weld 


It is noted that at the edge of the weld the stresses in the ad- 
jacent parts are of opposite sign; therefore differential straining 
in this area can be expected which would accentuate any local 
weakness, should such exist, as in the case of 18-8 Cr-Ni cladding. 
No difficulty has been reported thus far, and experience must re- 
main the proof of whether such effects are of practical significance 
or not. It would be well to follow the service performance of such 


unit A reactor even though it had only 11 cycles as pared to 
26 for the latter vessel, while the unit D reactor of the same de- 
sign and operating time is still intact after having gone through 20 
cycles; other units are not in difficulty as far as is known. Ex- 
perience, therefore, does not permit any firm conclusions to be 


drawn. 


Comparison With 11-13 Per Cent Chromium-Clad Steel. While dis- 


EFFECT OF OPERATING CYCLES: 


Thermal s psi— 
Be 
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ite welds, and, for that matter, the performance of all 
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welds involving materials having dissimilar coefficients of expan- 
sion and operating at high temperature. 


INSPECTION OF OrnerR Reactors 


The API Subgroup on Graphitization is currently circularizing 
the petroleum industry with the aim of initiating a program of 
sampling and examining high-temperature equipment of all kinds 
in an effort to accumulate experience on the tendency of carbon- 
and low-alloy steels to develop graphite, particularly of the segre- 
gated variety. Because of the particular interest focusing on 
catalytic-cracking units as a result of the reported deterioration 
found in three reactors, some inspections already have been made 
in these units and the more pertinent findings will be described 
herewith, 

Tables 1 to 5 list the reactors which have been inspected, their 
description and history, and the results of tests and the examina- 
tion of samples. A summary of this information is as follows: 

Of the three other Type 347 integral-clad reactors which have 
been inspected, the first is designated unit D herein. During a 
regular shutdown in March, 1951, two series of vertical seams were 
uncovered and Magnafluxed and one series of vertical seams on 
the alloy side were examined by “Dyecheck.” No cracks were 
found. Two plugs were removed from a shell plate away from 
the welded seams and were found to contain heavy nodules of 
graphite, with almost complete spheroidization of the carbide 
phase. No specimens were obtained from welded seams. 

The next integral-clad reactor, unit E, also was inspected in 
March, 1951, by Magnafluxing the outside surface and Zygloing 
the inside alloy surface of about one*half of the vessel seams. No 
cracks were found. No samples were cut from the vessel although 
a specimen was obtained from an extension into the top of the 
reactor of the overhead vapor line, which also is of Type 347 
integral-clad plate. This was found to contain a small amount of 
carbide spheroidization but no graphite. 

The integral-clad reactor, unit F, at the time of preparing this 
paper, had not been shut down for inspection although about 20 
per cent of the vessel seams had been uncovered and visuatiy ex- 
amined. No cracks were detected; however, a 9-in-long crack 
was observed in the overhead vapor line, which also is of Type 347 
integral-clad steel, immediately adjacent to the butt weld joining 
this line to the reactor-top cone. 

In addition to the six integral-clad reactors which have been 
discussed, five other reactors of ASTM Specification A201, Gr. A 
carbon steel also have been inspected or sampled; two are un- 
lined, two have resistance spot-welded linings of Type 405 stain- 
less steel, and one has a resistance spot-welded lining of Type 347 
stainless steel. 

The two carbon-steel reactors are designated as units G and H. 
Unit G began service in 1944, and unit H in April, 1949. Weld- 
probe specimens were taken from both vessels and although the 
metal from the older vessel shows the carbides to be about 50 per 
cent spheroidized, neither one contains any graphite. No cracks 
have been observed. 

The reactor of unit J has a resistance spot-welded liner of Type 
347 and began operation early in 1944. Plugs cut from a welded 
seam and base plate in the top cone showed scattered nodular 
graphite with heavier concentrations in the base metal heat- 
affected zones. Despite these concentrations of graphite, minia- 
ture bend specimens had good ductility in base metal and across 
welded joints. 

The reactors of units K and L are both lined with resistance 
spot- welded liners of Type 405 and both went into service in 1946. 
Examination of a sample removed from the unit L reactor in 
February, 1951, reveals about 50 per cent spheroidization but no 
signs of any graphite. Weld-probe specimens obtained in April 
from the unit K reactor show the steel in the top and bottom cones 


to be substantially unchanged by service, while material from the 
shell shows some spheroidization and traces of graphite in the 
base material and in the heat-affected zone. Magnaflux examina- 
tion of a series of vertical seams and adjacent portions of girth 
seams in the unit K reactor revealed no cracking. 


INsPecTION OF OrHeR EQuipMENT 


In addition to the inspection and sampling of reactors, some 
samples have been taken from carbon-steel and Type 347 integral- 
clad carbon-steel pipe lines and vessel internals which are operat- 
ing at high temperatures in these catalytic-cracking units. Re- 
sults are included in Tables i to 5. There are two cases which 
have been examined in the laboratory of the authors’ company 
which are of some interest. 

A plug was cut from a carbon-steel internal in the regenerator of 
unit D. This material had been exposed to temperatures of ap- 
proximately 1050 F for about 58,000 hr. Visual observation of 
the saw-cut surface of the plug revealed smeared black specks 
which microscopic examination showed to be massive nodules of 
graphite with diameters as large as 0.020 in. These nodules have 
a definite structure and probably consist of mixtures of pure 
graphite and one or more other constitutents whose identity is 
not yet determined. Fig. 8 is a photomicrograph of one of these 
massive nodules, 

The other case concerns the regenerated catalyst standpipes 
joining the regenerator to the reactor inlet lines of unit K. 
These lines are made of ASTM Specification A-106 seamless 
carbon-steel pipe and have been exposed to flue gas and powdered 
catalyst at approximately 1050 F for a period of about 48,000 hr. 
During the April, 1951, shutdown these lines were cut in sections 
and removed from the structure to permit the installation of in- 
ternal insulating linings which would permit operation at higher 
temperatures than those for which the lines were designed. After 
the insulation was installed they were rewelded in place and con- 
tinued in service. Samples cut from the original welded joints in 
these lines were examined and found to contain large graphite 
nodules which were scattered throughout the base metal with 
heavy concentrations in the heat-affected areas. In some areas 
these concentrations were sufficient to cause planes of weakness 
which resulted in definite impairment of ductility in miniature 
side bends tested with the heat-affected zones at the point of 
maximum bending. Instead of being able to obtain full 180-deg 
bends as was the case when testing the graphitized base metal 
away from welds, it was possible to bend two specimens only about 
90 deg with 6 per cent and 12 per cent elongation, respectively, 
before rupture occurred at the edge of the heat-affected zone. It 
is interesting to note that despite the severity of the graphitiza- 
tion which has occurred in this pipe, the mechanical properties 
are such that further satisfactory life is anticipated. 


WeELpING ON STEEL 


The discovery that graphite in the plate materials was asso- 
ciated with the cracks in the unit A reactor posed the problem as 
to whether or not suitable and serviceable weld repairs could be 
made. Favorable precedent established in the power industry 
notwithstanding, noticeable differences in the form and distribu- 
tion of the graphite observed in refinery-equipment materials 
suggested that preliminary weldability tests probably were war- 
ranted. In samples removed from the unit A reactor graphite was 
found concentrated in the heat-affected zone of weld joints, which 
was not unlike the power piping experience. However, it was 
observed that graphite was also present in the unaffected base 
metal, in certain cases in copious quantities; this condition, in the 
experience of the authors with power-piping equipment, has been 
the exception rather than the rule. Repair of graphitized weld 
joints in steam piping usually has involved the complete removal 
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ofa weld joint including the graphitized heat-affected zones. 
The new welds were then made on material substantially free 
_ from graphite and it has been found that this procedure has in- 
sured the elimination of graphite effects for limited service at 
least. Since comparable procedures were not practicable in the 
_ repair of a reactor shell, the question was raised as to what effect 
_ welding would have on graphite particles in the initially unaffected 
base metal, and the associated effects on the mechanical be- 
havior of a repair weld joint. This problem is now under con- 
sideration by a subgroup of the ASME-ASTM Joint Research 
Committee. Pending the completion of these studies it may be of 
_ interest to report the results of some limited test welds made in 
_ heavily graphitized carbon steel. 
Two test repair welds were made in the shell plates of the inte- 
_ gral-clad reactor of unit A. The first was made on a vertical seam 
in the vessel and followed a procedure which was being con- 
sidered as a possible method of repairing the cracked vessel 
seams. 
A crack adjacent to the carbon-steel weld was ground out to a 
depth of approximately */, in.; total shell plate thickness was 1*/, 
in. The resultant groove was then repaired by the deposition of 
three beads of weld metal, each bead being inspected by Magna- 
flux. The alloy weld on the inside of the shell contained trans- 
verse cracks and this was then gouged out by metal-are melting. 
In removing the alloy weld metal, the groove was flared out to a 
width of approximately 8 in. with a depth of about '/: in. at the 
center. 
The reason for this method of removing the alloy was a tenta- 
tive suggestion that the vessel might be temporarily salvaged by 
repairing the cracks in the carbon steel and cutting out the 


the backing material without the cladding was adequate for the 


operating conditions of pressure with metal temperatures reduced 
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by the addition of an internal insulating liner, and corrosion had 
not been found to be a factor. 

It was observed that the carbon-steel welding on the outside 
caused the joint to move inward, radially, approximately */s in. 
in the 18-in. length of the repair weld. The melting of the alloy 
from the inside caused an additional '/, in. of distortion. The 
bending appeared to take place within 12 in. of the joint and was 
presumed to be caused by residual stresses in the integral-clad shell. 

A 12-in. X 12-in. plate containing this repair weld was cut from 
the shell and sectioned for mechanical testing. Fig. 9 is a sketch 
of a cross section showing the relation of the repair weld to the 
original weld and also indicating the locations where cracks oc- 
curred during the bend tests. It may be noted that one crack 
system which was located underneath the repair weld coincides 
with the location of the far edge of the heat-affected zone of the 
original weld. The other crack system originated at the toe of the 
repair weld on the side removed from the original weld and ex- 
tended to a depth of about */, in. in a direction perpendicular to 
the plate surface. The results of this preliminary test cast grave 
doubts on the possibility of repairing satisfactorily the cracks in 
graphitized plate. 

Another test weld was made in plate cut from the reactor from 
which the alloy had been machined. No original weld metal was 
involved in this test plate. Mechanical tests cut from this second 
test weld were satisfactory, with reduced-section tensile bars 
showing strengths of about 47,500 psi and ductilities of about 43 
per cent, with fractures in the base metal. 

As mentioned previously, the amount of graphite found in the 
reactor of unit B was much less than that in the reactor of unit A. 
No difficulty was experienced in making test welds and in repair- 
ing the cracks in the carbon-steel base metal of this reactor. The 
reactor of unit C contained even less graphite, and here also there 
was no difficulty in making repair welds. 
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described for the test weld and replaced in service without any 
apparent difficulty. 
Sample cross sections of the test weld joint were examined 
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The only other example of welding on a heavily graphitized 
carbon steel, related to the recent refinery-equipment investiga- 
tions of which the authors are aware, was in the case of the recycle 
catalyst standpipes in unit K which were ASTM A106 seamless 
pipe. Large nodules of graphite, Fig. 10, were observed to be 
concentrated in the heat-atfected zones and randomly dispersed 
throughout the base metal. A test weld joint was made on a 
sample section of the graphitized pipe, using a preheat tempera- 
ture of 500 F and holding the preheat temperature as a postheat 
for 30 min after welding. The preheat and postheat conditions 
were chosen with the realization that the graphite nodules are 
potential carburizers, and when rapidly cooled from tempera- 
tures above about 1350 F can produce localized hard spots which 
also might initiate cracks. No difficulty was reported in making 
the test weld and visual inspection did not disclose cracks. Sub- 
sequently, 180-deg-bend tests, including both root and face 
bends, were made satisfactorily without evidence of crack failure. 
However, the outside surface of the bend at the maximum radius 
did show a myriad of superficial surface fissures which could not 
be accounted for on subsequent microscopic examination. 

These standpipes have been rewelded by the same procedure 


microscopically. Fig. 11 shows the effect of weld heat on the 
graphite. Each graphite particle in the heat-affected zone car- 
burized the immediately surrounding metal matrix to produce a 
hypereutectoid zone around each. The structure of the former 
graphite nodules apparently has changed and micro-hardness 
examination reveals them to have a hardness on the order of 450 
Vickers; the surrounding hypereutectoid zones showed a hardness 
of about 200-220 Vickers, which is consistent for the slow-cool 
following welding. The composition of the hard phase has not 
been estab.ished, although the microstructure resembles the cast- 
iron eutectic of ledeburite. It is not assured from this limited test 
that the hard particles may not effectively lower the mechanical 
strength of a weld joint; however, it appears to be probable that 
satisfactory weld repairs can be made, hard spots notwithstand- 
ing. This aspect of graphitization effects will receive further in- 
vestigation. 


METALLURGICAL CONSIDERATIONS 


Two major factors have been examined which may have pro- 
moted the cracks at weld joints in the carbon-steel base metal of 
the three integral-clad reactors. The first of these considers the 
possibility of operational stresses acting on the integral-clad ma- 
terial to produce failure in the carbon steel by the creep-to-rup- 
ture phenomenon. The crack pattern observed in almost every 
case is typical of this type of failure. The second is the graphitiza- 
tion of the carbon steel, which past experience in the power- 
piping field has demonstrated may seriously impair the load.- 
carrying ability of weld joints and cause sudden failure. Although 
graphite does not appear to be a primary cause for the cracks 
in the three integral-clad reactors, the presence of concentrations 
of graphite in the areas of cracks in the unit A reactor and the im- 
paired ductility shown in bend tests of welded joints containing 
concentrations of graphite suggest that graphitization may have 
contributed to failure to an indeterminate degree. For this 
reason, and with the view toward future selection of materials to 
resist graphitization it is pertinent to review the outstanding 
metallurgical considerations which have been developed by 
laboratory research and service experience on carbon and carbon- 
molybdenum steels. 

Graphite may be expected to develop in carbon or carbon- 
molybdenum steels with long-time exposure at temperature rang- 
ing from about 850 to 1200 F. It is the result of decomposition of 
iron carbide (cementite) and is considered a nucleation and 
growth phenomenon. Its form is usually nodular and it occurs 
scattered in the matrix. However, in some operating equipment 
the graphite has been aligned or concentrated as “chains”? which 
formed planes of weakness and in a few cases resulted in failures. 
It should be emphasized that the chain formations were local- 
ized in weld joint heat-affected zones only and were peculiar to 
operating equipment; attempts to duplicate these formations in 
the laboratory have been unsuccessful. Laboratory experimenta- 
tion has succeeded in producing concentrations of nodular graph- 
ite but not the chain or eyebrow formations which were the 
cause of failure in steam piping. 

The potentiality of a steel, carbon or carbon-molybdenum, to 
graphitize at elevated temperature is dependent on such factors 
as composition, deoxidation practice, heat-treatment, and the 
effects of welding and working processes. 

With respect to the effects of composition, carbon content in- 
fluences both the amount of graphite and its rate of formation; 
thus the higher the carbon the greater is the amount of graphite. 
Manganese, phosphorus, sulphur, and silicon are not considered 
to have an influence in the normal amounts in which they occur in 
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vteels. Molybdenum has been shown to inhibit graphitization 
Chromium also will retard graphitization and when present in 
sufficient quantities, probably | per cent or more, will prevent the 
formation of graphite. Limited work has been done with other 
carbide-forming elements and it is generally agreed that vana- 
dium, titanium, and columbium also will act as inhibitors. 

The deoxidation practice in steel melting, with particular regard 
for quantities of aluminum added, was recognized carly as having 
the greatest influence on the potential of carbon and carbon- 
molybdenum steels to graphitize. Additions of about 1 Ib per ton 
or more of aluminum tend to promote graphitization, while steel 
produced with 0.5 Ib per ton or less has been observed to be 
highly resistant. Investigations also have indicated the level of 
residual aluminum in the steel, but not alumina, to be a reasona- 
bly dependable indication of the tendency of a stec! to gra shitiz« 
Later it was observed that the degree of “abnormality” in the 
microstructure of the accepted MeQuaid-Ehn carburized tests 
for the inherent grain size of steel also would esta lish the 
probable potential of a steel to graphitize. 

The microstructure developed by prior heat-treatment of the 
steel is believed by some to be indicative of the type of graphite 
which may occur. Chain graphite usually can be identified in 
carbon-molybdenum steels with a coarse-grain Widmanstatten- 
like structure produced by a relatively high-temperature normal- 
izing heat-treatment. Scattered nodular graphite is ordinarily 
associated with the pearlite structures developed as the result of 
low-temperature normalizing. Incarbonsteelit has been observed 
that microstructures produced by rapid cooling, for example, 
martensite, graphitize readily; in carbon-molybdenum steels, 
however, this structure is highly resistant. 

Laboratory tests have not yielded clear results concerning the 
effeets of welding on graphite formations. On the other hand, 
literally hundreds of service examinations which have been made 
by the power industry almost always have shown graphite to be 
located in the weld-heat-affected zone. The reason for the latter 
is not well understood. It is generally agreed, however, that the 
temperature gradient esteblished during welding is probably a 
contributing factor, steep gradients causing more localized 
graphitization. The use of high preheat temperatures to avoid 
localized graphite has been suggested. It is of interest to note 
that graphite, except for one unexplained case, never has been 
found in weld metal. The relatively low carbon content of weld 
deposits is probably a reasonable explanation. 

The influence of certain procedures on 
graphitization is not entirely clear. The effects of hot-working, 
cold-working, and postweld heat-treatments have all been subject 
to limited investigation. 


other fabrication 


Hot-working as such does not appear to be a factor. Cold- 
working, on the other hand, is definitely suspected of promoting 
graphitization; important examples have shown graphite to be 
localized in “Liiders lines” in the macrostructure of steel which 
could be traced to fabrication strain. Accordingly, residual strain 
or stress also probably accelerates graphitization. Relatively 
high-temperature post-heat-treatments (1300 to 1400 F) for periods 
as long as 4 hr have been found in the case of carbon-molybdenum 
steels to inhibit graphitization; it is understood that the effect is 
to produce a more stable iron-molybdenum carbide. This practice 
has not, to the authors’ knowledge, been employed for carbon 
steels, which would not be expected to be benefited since the form 
of iron-molybdenum carbide is not involved. 

The effects of graphite on the mechanical behavior of steels has 
received attention in thousands of laboratory examinations made 
on weld-joint probe specimens. These examinations have con- 
sisted primarily of room-temperature miniature bend tests supple- 
mented by microscopic examinations. Unfortunately, there is a 
dearth of data on elevated-temperature tests which would be 
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valuable in estimating the anticipated service life of graphitized 
material. 

Two distinct types of graphite must be considered in their rela- 
tive influence on the mechanical behavior of the graphitized steel. 
Chain graphite, or forr:stions which approach chain graphite, in- 
variably cause brittle behavior in room-temperature miniature 
bend tests—a miniature bend test being a thin cross-sectional 
specimen of a weld joint which is bent in two places so that the 
heat-affected zone on each side of the weld deposit is located at 
the maximum bend radius. Scattered nodular graphite, on the 
other hand, has not been found to impair ductility. The minia- 
ture bend test is commonly employed in. periodic examinations of 
power pipe installations to determine the progress of graphitiza- 
tion, and serves as a basis for decisions as to whether or not to re- 
weld or completely replace steam-pipe lines. 

The same distinction between chain and scattered nodular 
graphite also has been observed in a limited number of other 
types of mechanical tests which have been made on graphitized 
steels, For example, Charpy impact tests, room and elevated- 
temperature short-time tensile tests, and elevated-temperature 
stress-to-rupture tests all have shown that chain graphite at weld 
joints may impair seriously the ductility and shock resistance 
of a material; the effect of scattered nodular graphite seems only 
to be reflected in a lowered but insignificant loss in tensile 
strength 

The results of observations and tests made on samples ob- 
tained from certain of the refinery vessels and component parts 
are shown in Tables 1 to5. The macro and microscopic character- 
istice of a representative crack which occurred within the heat- 
affected zone of a weld seam in the carbon-steel base material of 
the reactor at unit A is shown in Fig. 4. This crack propagated 
through about one third of the vessel wall and probably only in 
this respect is it different from the crack which caused the leak. 
Noteworthy is the intergranular path of the crack system, the 
presence of graphite nodules (white in the photomacrograph), 
and an unidentified intergranular black particle phase. Fig. 5 
also shows the presence of the latter-mentioned phase located in 
an area on the same specimen apparently away from the open 
crack failure. Also notable is the somewhat marked orientation 
of the intergranular constituent relative to the path of the crack 
failure. Attempts to resolve this phase microscopically have been 
unsuccessful, Cognizant, however, of the potential carburizing 
power of graphite, a specimen containing this black intergranular 
phase was heated at 1550 F for 15 min. Fig. 12 shows this heat- 
treated specimen, from which it appears that a carburizing effect 
was attained. Accordingly, it is suggested that the black inter- 
granular phase represents a high-carbon phase which behaves not 
unlike graphite in this test. Whatever its composition, the inter~ 
granular phase probably incorporated planes of weakness along 
which cracks could have propagated. 

It is noteworthy that a similar structure was observed asso- 
ciated with a crack in the unit C reactor, although no graphite 
nodules were observed in the heat-affected zones (see Fig. 13 and 
compare with Fig. 5). 

The results of routine chemical analyses are shown in Table 2, 
together with the results of analyses made for Al and Al,O; con- 
tents. The compositions, exclusive of the aluminum data, do not 
vary from the normal expected for each steel analyzed. On the 
other hand, the aluminum content in certain cases indicates that 
large amounts may have been used in the steel-melting deoxida- 
tion procedures. In Table 4 the aluminum contents are re- 
peated and related to the results of the miniature bend tests and 
microstructure observations. Noteworthy are the test results on 
samples from ASTM Specification A106 seamless pipe. Correla- 
tion between high aluminum content (0.020-0.025 per cent), the 
quantity of graphite observed and the high degree of abnormality 
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in the McQuaid-Ehn test seems to be established. Relative to the 
level of aluminum contents which may promote graphitization, 
although a clear-cut maximum has not been established, it has 
been claimed that graphitization steels contain aluminum in 
amounts greater than 0.003 per cent. On this basis it appears 
that most of the steels examined are susceptible to graphitization. 

The results of mechanical tests which were made to investigate 
the probable service behavior of equipment in which graphitiza- 
tion was evident and sample materials could be provided are 
shown in Tables 3 and 5. The average tensile strength of 28,000 
psi at 950 F and the high-ductility results are in line with observa- 
tions made concerning the probable effects of scattered nodular 
graphite on the mechanical properties. Also, the comparable 
room-temperature tests for this same material are consistent with 
the reported effect of scattered nodular graphite. 

Shown in Table 5 are the results of mechanical tests which were 
made at unit A on reactor-plate sections including weld joints. 
Graphite was present in all the samples tested. The reported 
ultimate strengths and ductility are considered normal for low- 
carbon steel. The free-bend specimens made on welded joints 
show definitely that planes of weakness within the heat-affected 
zones were present in this vessel,.even if only in localized areas. 

Certain conclusions appear warranted, based on the foregoing 
history of graphitization as related to the experience of the power 
industry and the evidence presented in this paper for graphite 
occurrence in refinery equipment. 


1 The damaging effects of graphite in refinery equipment to 
the degree experienced by the power industries is not obvious at 
this time. 

2 Graphitization does not appear to be solely responsible for 
the cracks in three integral-clad reactors. 

3 Added limitations on the use of carbon stecls in refinery 
equipment appear unwarranted in view of the lim:ted hazard of 
graphitization so far established. 
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4 As with any form of material instability, continued use of 
susceptible materials should be accompanied by service examina- 
tions to develop its progress and serve as a basis for rehabilitation 
considerations, 

5 One fundamental gleaned from research on graphitization to 
date probably should be incorporated in future materials specifi- 
cations with the view towerd increased resistance to graphitiza- 
tion; that is, restrictions on the quantities of aluminum per- 
mitted fer deoxidation purposes in steel melting would be justi- 


6 It seems likely that the economics of large initial invest- 
ments and early obsolescence relative to refinery equipment com- 
pared with the power industry would dictate that certain amounts 
of graphite can be tolerated. In this light, continued research 
should assess the effects of both “‘chain” and scattered nodular 
graphite on the load-carrying ability of carbon steel at elevated 
temperatures. 
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Existing Equipment. For carbon or carbon-moly steel in serv- 
ice above 850 and 900 F, respectively, the following precautions 
should be considered: 

(a) All equipment operating at temperatures where there is 
continuous plastic flow with time should be inspected periodically 
for the possibility of cracking at welded seams and locations of 
stress concentration, The frequency and extent of inspection 
should be based on the severity of the operating conditions-tem- 
perature, pressure, thermal or mechanical shock, fatigue effects, 
and so on. Visual inspection should be supplemented by mag- 
netic-particle examination in so far as practical, and any doubtful 
area should be ground to facilitate examination. Such inspection 
practice can be expected to give reasonable warning of any unsafe 
condition, whether due to graphite or other cause. If any crack- 
ing should be discovered, the examination should be extended and 
intensified, grinding where necessary and using magnetic-particle 
examination, and samples should be taken as in (6). 

(b) For equipment in service over 30,000 hr, or where cracks 
have been located by visual or magnetic-powder inspection, weld- 
prober or plug samples for micro-examination are desirable. 
Where pressure equipment is operating well above the minimum 
temperature at which graphite might form, sampling at an earlier 
period would be advisable, say, 10,000 hr for carbon steel operating 
at 1000 F or more. Specimens should contain base metal, heat- 
affected zone and weld metal; weld-prober samples across welds 
are preferred since they permit miniature side-bend tests of the 
heat-affected zone as a check on ductility. The need for and fre- 
quency of subsequent sampling will depend oa the condition of the 
initial samples. 

As mentioned previously, the API has initiated a co-operative 
program among interested refineries for securing and examining 
samples from operating equipment. 

The limitations of sampling as an accurate index of the status 
of graphitization in a given piece of equipment should be appre- 
ciated. The susceptibility of steel to graphitization has been 
known to vary from heat to heat and even over adjacent areas of 
a single plate or pipe so that freedom from graphite in samples will 
not give positive assurance of the complete absence of graphite or 
that concentrations of graphite may not be present. Sampling, 
nevertheless, is the most valuable available tool and the reliance 
to be placed on information obtained is proportionate to the 
variables present and the degree to which the selection, location, 
and number of the samples represent them. 

(c) Where cracks, significant loss in ductility, heavy concentra- 
tions of nodular graphite, or chain graphite are present, additional 
specimens are desirable to assess their extent. Decision must be 
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reached as to the feasibility of repairs, and safety in continued 
operation subject to frequent check inspection and sampling, or 

whether replacement is desirable. 

(d) As a means of prolonging the life of impaired vessels or 
large piping or arresting the progress of graphitization at any 
stage, internal insulation can be considered where the service 
permits such construction. Insulating concrete linings are dis- 
cussed under new construction. 

(e) Where welded joints involving materials with dissimilar co- 
efficients of expansion operate at elevated temperatures, par- 
ticularly in cyclic service, care should be taken to subject them to 
periodic inspection for cracks, The frequency of inspection 
should depend on the magnitude and frequency of the cyclic 
service as well as on the degree of difference between their co- 
efficients of expansion. 

New Equipment. For projected construction or replacement of 
pressure equipment the following suggestions are offered in the 
light of present knowledge of graphitization: 

(a) Piping: The choice of piping materials for service over 850 
F involves considerations of material strength, resistance to oxida- 
tion and corrosion, availability, ease of fabrication and possible 
alterations or repair, as well as stability against graphitization. 

Where operating pressures are low and the possibility of severe 
mechanical shock or vibration effects are remote, carbon steel 
would seem to be justifiable choice. The use of carbon steel would 
be particularly appropriate for use in lines which normally operate 
at temperatures below 850 F but which are designed for higher _ 
temperatures because of occasional operation for periods of limited — 
duration at temperatures over 850 F. Although carbon steel with 
unspecified deoxidation practice may be used, it would be de- 
sirable to obtain, where possible, steel which is melted with con- 
trolled deoxidation practice as indicated in (c). 

For service considered to be more critical as a result of high 
pressures, shock or fatigue effects, possible overloads, inaccessi- 
bility, and so on, the use of an alloy steel is justified. Except for 
improved high-temperature strength, carbon-molybdenum steel 
offers little advantage over carbon steel and, in view of the 
unsatisfactory experience in the power industry, its use is not 
recommended. The 1 per cent Cr - '/: per cent Mo or the 1'/, 
per cent Cr - '/, per cent Mo steel provides good elevated-tem- 
perature strength and immunity to graphitization to at least — 
1050 F. 

For large-diameter piping, above 30 in. diam., the suggestions 
given for pressure vessels in (b) may be applied. 

(b) Pressure vessels: Three alternatives may be examined. For 
individual applications the choice will depend on the influence of _ 
vessel size, desired life, pressure, temperature, degree of cyclic or 
shock loading, service, necessity for field erection and alterations, 
maintenance, and relative economics. 

Killed carbon steel: For metal temperatures over 850 F carbon 
steel, if used, should preferably be low-aluminum-deoxidized as — 
specified subsequently in (d). Its use should be on the basis of 
providing adequate inspection and metallurgical examination in — 
service. For temperatures over 900 F, design provisions should be | 
incorporated in the inside dimensions, supporting steel and — 
foundations for a possible future internal insulation. Should — 
significant graphite be discovered, the internal lining could be 
economically and readily installed to arrest its progress at any 
stage desired. As indicated previously, graphite in base metal 
would be of little concern but on any indication of a tendency to _ 
form and build up concentrations in the weld-heat-affected zones — 
the lining should be installed. ; 

Carbon steel with internal insulation: By providing internal in- — 
sulation initially the shell-metal temperature can be maintained _ 
below 800 F with internal flow temperatures well above this. The 
type of steel used and the deoxidation practice is not important 
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“from considerations of graphitization unless overheating occurs 
due to loss or ineffectiveness of insulation. This should be guarded 
against by special attention to insulation choice and details and 
by providing a reasonable margin between expected metal tem- 
perature and actual design metal temperature. With design 
‘metal temperature of 650 F, which permits full use of the material 
strength, the metal weight saving will often offset the cost of the 
liner, and for higher flow temperatures (over 900 F) and larger- 

"size vessels, the relative cost is in favor of internally insulated 

construction. 


Graphitization-resistant steel: It is indicated that '/; per cent 


=e oc ~1/,; per cent Mo, and | per cent Cr —'/; per cent Mo steels 


are resistant to graphitization up to 950 F and 1050 F, respec- 
tively, and are presently the most economic choice of resistant 
materials. Both are slightly air-hardening, the former compara- 
ble to carbon-moly steel, and are commonly considered to require 
preheat to 400 F and thermal stress relief. Tests and fabrication 
experience in the Jersey City plant of the authors’ company 
indicate that underbead cracking is effectively eliminated by the 
use of low-hydrogen electrodes so that welds in low-carbon (about 
0.08 per cent C) 1 per cent Cr—'/: per cent Mo steel can be made 
safely with preheat reduced to 200 F, with no postheat necessary 
to reduce hardness or obtain desirable ductility. These ease- 
ments are not very significant on shop-constructed pressure ves- 
sels where the higher preheat and stress relief can be provided 
without great difficulty, and are still advised; however, for field 
fabrication involving positicn welding and limited experience of 
local welders with low-hydrogen electrodes, a simple procedure 
which is not too sensitive to variations in preheat and postheat is 
practically essential. Even so, unsuspected difficulties and ex- 
cessive repairs might be encountered on initial field installations 
which might compromise fabrication economics and safe construc- 
tion. An example is the unexpected root cracking cited by A. H. 
Goodger* in trying to use low hydrogen electrodes in welding 
1 per cent Cr —'/; per cent Mo pipe. 
As yet, no known installations of 1 per cent Cr — '/; per cent 
Mo steel pressure vessels have been field-fabricated; however, 
it is understood that one vessel is scheduled for construction with 
carbon content probably around 0.12 per cent. It remains to de- 
termine whether this carbon content will be found practical under 
field conditions. With either shop or field fabrication, radio- 
graphic examination would be considered essential and stress 
relief desirable even though limited to 900 F. A serious drawback 
under present conditions is the procurement problem, since ingots 
are not available and amounts less than full heats are subject to 
parallel orders for scheduling, which can cause serious delay and 


(c) Specification requirements: For high-temperature service 
(over 850 F) all carbon-steel material (plate, forgings, castings, 
tubing, pipe, shapes, and so on) should be produced from steel 
melted in accordance with a deoxidation practice restricted to the 
use of '/; lb of aluminum per ton maximum. Further, the ma- 
_ terial should have a coarse grain size and be free of abnormality on 
MeQuaid-Ehn carburization test. 

(d) Insulation liners: Internal insulation has been employed 
extensively over many years in high-temperature equipment. 
| With adequate design, materials, fabrication, and inspection, 
_ linings have been satisfactory. Large-diameter fluid-catalyst re- 
_ generators lined with panels of gunite-applied insulating con- 
- erete with a surface of refractory concrete reinforced with steel 
- grating and supported at frequent intervals to the vessel shell by 

welding studs have given maintenance-free service for over 5 
years. Similar linings have been used and are being specified 
for reactors in fluid-catalyst cracking units. Insulating concrete 

*“Heat Treatment Welds in Pipelines,’ by A. H. Goodger, Engi- 
neering, vol. 172, July 27, 1951, pp. 125-127. 
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linings with aggregate selected for structural strength and without 
surface reinforcement have been used in regenerators; they in- 
volve lower first cost, but are more likely to involve extensive 
maintenance. In reactor service the insulation will be infiltrated 
by coke which will raise its thermal conductivity, requiring proper 
allowance in design; this may cause cracking or spalling unless the 
surface is suitably retained. It is highly desirable to omit ex- 
ternal insulation, thus exposing the exterior to observation for 
evidence of overheating or deterioration. Vessels having both 
inside and outside insulation are much more sensitive to overheat- 
ing owing to deterioration or ineffectiveness of the internal insula- 
tion. 

Internal! insulation may lower the inside steel shell temperature 
below the dew point of the flowing medium; also condensate may 
be retained during shutdowns unless lengthy drying out with non- 
condensable vapor is exercised. While ganister concrete linings 
have been reasonably effective against corrosion in thermal 
cracking, such installations were provided with external insulation 
and the dense concrete, aided by coke, probably sealed off the 
shell surface. It is possible that cement wash from the insulating 
concrete will serve as reasonable protection; on the other hand, 
porous aggregate may penetrate to the metal, providing paths 
for liquid flow. It may be advisable to protect the metal shell 
against condensation by a thin first coat of dense concrete, a ce- 
ment wash, two coats of acid-resistant high-temperature paint, or 
a silicate-of-soda wash, or similar treatment. 

(e) Dissimilar metal weldments: For elevated-temperature 
cyclic service it is advisable to avoid wherever possible the use of 
welded joints involving austenitic and ferritic steels. This is not 
always possible since many times carbon-steel vessels must be 
provided with stainless liners for corrosion resistance. Where 
lined vessels with composite welds operate in cyclic service, pro- 
vision should be made for periodic inspection of all main seams. 
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Appendix 
NOMENCLATURE 


The following nomenclature is used in the Appendix: - 
a = mean coefficient of thermal expansion from 70 F to 
operating temperature (in. /in./deg F) 
constant in creep equation 
per cent cladding thickness (expressed as decimal ) 
radial displacement, in. 
unit elongation, in. /in. 
modulus of elasticity, psi 
internal longitudinal bending moment (in-lb per in. 
circumference ) at weld 
exponents in creep equation 
Poisson’s ratio 
internal pressure, psi 
mean radius in. 
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thickness (in.): «4 — relaxation time (hr) 
temperature rise, deg F 

radial shear (Ib per in. circumference ) at weld 
width of weld, in 


Subscy ipls: 


b = base metal 

ce = cladding 

h = hoop (circumferential) stress 
L = longitudinal stress 

w = weld metal 


Temrerature Stresses—Ciap 


The unit thermal expansion, if unrestrained, is 


a,T' for base metal 
a,T for cladding 


When a clad plate is in cylindrical form there is biaxial re- 
straint to free expansion. Temperature stresses will be equal in 
the longitudinal and circumferential directions, Let e, and e¢, be 
the elastic unit strain caused by stress. Then for equality of 
strains between the base metal and cladding (radial stress as- 
sumed negligible, which is true for a thin cylinder) 

+e = a,T +e, 
Now 
Sl — v) S{1 — v) 


E, 


— 


S{1 — v) 
+ 


a,T + E 


Since there must be equilibrium of internal forces, the forces 


in base metal and cladding for unit width must balance, Fig. 14. _ 


Hence 


S,Bt = — B)t; S, = 


Substitution in Equation [1] gives 


“b 


a7 + (1 


from which 


Loca Temperature Srress at CIRCUMFERENTIAL 

Joint in Crap Pirate Due to Attoy Derra Berne 

Greater THan THE CLappiIne AND ALso or Dirrerent 
ANALYSIS 


This local effect can only be approximated. The following 
approximation can be made for a girth weld in a cylinder. It 
would be expected that local effects at a longitudinal weld would 
be about the same: 

In Fig. 15, part (1) represents the clad plate and part (2) repre- 
sents the weld. The internal thermal stresses in parts (1) and (2), 
exclusive of local effects, can be obtained by applying Equations 
[2] and [3]. The local discontinuity stresses can be determined 
by evaluating the shear and moment induced at the junction by 
the differential radial deflection A between the two parts. 


shown. 
w is assumed sufficiently small that shear V and moment M may 
be assumed constant over the weld width. 


Fie. 15 Locat Temperature Stress at WeLpep CIRCUMFERENTIAL 
Jownt tn Inrecrat-Ciap Plate 


Radial extension due to temperature and stress of part (1) 
(away from weld) is given by 
S,R 
A, = RT + (1—v) 
Ey 


= RT + (a,—a,)RT 
B, + — B) 

and similarly for part (2), if free, the radial extension would be 


= + (a, — RT 


The differential radial displacement is 


Let, A; = deflection of part (1) due to the induced shear V and 
moment M at the junction’ 


euy 


Note that modulus of elasticity of base metal and cladding are 
assumed equal. 


7“Formulas of Stress and Strain,” by R. J. Roark, McGraw-Hill 
Book Company, Inc., New York, N. Y., 1943, case 8, table 13. 


t 
T 
\ = 
| 
| = = | 8, 
Hen 
L 
B)|. 
— |‘ — ]s 
8, 
(a, — a,)TE, B Ey 
(a, — TE, 1—B 
B+— (1 B) 
E. 
where positive sign indicates tensile stress. 
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Let A, = deflection of part (2) 
2VR* 

For equal net deflection at the junction 

4: + A; = A; + A, or A; A, = A; 

VR? 2VR 
Exh 


(btw 
\on + tw 


From Roark’s formulas’ 


A 


Vv 
M= 


La eee 


 ‘engiadinal bending stress in part (2) 


3V 
= 


6M 
2 


Sa = 
1 


Hoop stress in part (2) 


2VR 
Se = - . . [9] 


tow 


These stresses may be superimposed on those calculated from 
- Equations [2] and [3] to obtain the total stress, 


_Reiaxation or THERMAL Stress Due To Creer Wirn Time at 
TEMPERATURE IN PRESENCE OF PRESSURE STRESS 


Relaxation of thermal stress will occur due to creep in both the 
base metal and the alloy cladding, one being tensile and the other 
aoe compressive creep. An evaluation of the simultaneous creep of 
= % the two materials proved too complex. Therefore in the follow- 
Pod ing development the relaxation is assumed to occur entirely in the 
base metal and the pressure and thermal stresses are assumed to 
be of the same sign; e’s and e’ are taken as the sum of thermal 
elastic strains in both the base metal and alloy. The relaxation 
time indicated is therefore too long. If the relation between the 
amount of creep which occurs in the alloy and base metal can be 
approximated, a closer approximation can be made by reducing 

e’, accordingly. Let 


initia! ««ed-up elastic strain at time 4, = 0 

residua! !ocked-up elastic strain at any time 4 

initial thermal stress in the base metal at time 4 = 0 (bi- 
axial) 

pressure stress (based on assumed uniformity over cross 
section ) 

total stress at any time ¢ in base metal 
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(1 —») 
= 


and since S, = S,(1— B)/B (absolute value) 


eo = (S + S, + S,—S, 


Sl — v) 


From Equations [10] and [11] 
S—S, 
S, 


e 


The amount of plastic relaxation is given by 


Hence 


dt, 


and if (de)/(dt,) = AS* in accordance with the usual assumed 
empirical creep relation 


e'o\ dS 


Substitution for e’s from Equation [10] and 


7. + Sp) 
from which 


Division or INTERNAL Pressure Loap Between CLADDING AND 
Base Merat Unper Sreapy-Stare Creer Conprrions Arrer 
Tuermat Srresses Have Revaxep To Zero 


The pressure stress in the cladding and base metal must produce 
equal rates of creep in each. If A,(S,)* and A{S,)" express the 
creep rates in base metal and cladding, respectively, then 


Af Ss = ALS)"; = (4) 


[13] 


Now for a cylinder under internal pressure and stress in the cir- 
cumferential direction 


S(1—B)+S.B = 


© A 
and stresses due to discontinuity effects at the junction bec« 
(upper sign applies to outer fiber; + denotes tension) 
(6) 
_ Hoop stress in pa 
Ss, = 7 B [14] 4 
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Equations {13} and [14) give 


A 
P R — S.B = a B) ( ‘) Ss,” n 
t A 


from which S, can be determined by trial. 
The percentage of the total load carried by the base metal is 
given by 


8 
100 S,(1 


and the percentage carried by the cladding is 


Discussion 


H. F. Brown, J. 8S. Crarxe, F. J. Feevy, R. H. Maass, 
anp M.8. Nortuup.* The background of failures in bimetallic 
reactors and a discussion of the possible causes have been presented 
by representatives of the M. W. Kellogg Company. This dis- 
cussion summarizes the views of the Standard Oil Development 
Company as to the most likely various possible causes. 

In the investigation of these failures, the authors’ company 
and that of the writers have independently explored all of the 
conceivable causes of failure. It is felt that certain ones can 
be reasonably eliminated. For instance, none of the many 
weld sections from these reactors had weld defects of a nature 
contributing to the observed failures. We agree with the paper 
on the type of structural changes which occurred, namely, spher- 
oidization and nodular graphitization of the carbon steel. Par- 
ticularly, we agree with the statement, “graphitization does 
not appear to be solely responsible for the cracks.” In fact, 
cracks occurred in the carbon steel of one of the three reactors 
where graphitization was not found. 

All investigators are agreed that the cracking of the carbon 
steel is typical of stress rupture, i.e., intergranular cracking re- 


* Standard Oil Development Co., Linden, N. J. 


sulting from stress at elevated temperature. Since stress rup- 
ture occurred, any plausible analysis must provide for the possi- 
bility of failure in the time these vessels were in service. 

Certain facts of the reactor failures point to the conclusion that 
rather large stresses were present. Primarily, the nature of 
the failure has been identified as typical of rupture due to stress 
operating at elevated temperature. Next, the failures occurred 
in both the circumferential and longitudinal seams, a circum- 
stance that indicates stresses from some source other than in- 
ternal pressure. Finally, the observed ruptures do not appear 
to be associated with piping or supports and cannot be explained 
by assuming such effects. 

Both the Kellogg and 8. O. D. parallel calculations show the 
probability of tensile stresses in the carbon steel of from 6000 to 
20,000 psi resulting from the differential expansion of the bi- 
metallic plate on initial heating. This variation is over the 
range of 10 to 50 per cent cladding thickness as actually ob- 
served. Calculation of the relaxation of these stresses indicates 
that thermal effects are the most logical source of stresses leading 
to the observed failures, 

For one explanation leading to results not at variance with the 
observed failures, we refer to Fig. 16 of this discussion. In this 
figure the following information is given: 


1 The range of etress to produce elevated-temperature stress 
rupture in low-carbon steel at 920 F, based on information given 
in the Miller-Heger report oa “The Strength of Wrought Steels at 
Elevated Temperatures.” 

2 Stress-rupture data for killed carbon steel at 920 F, extra- 
polated from information contained in the Timken “Digest of 
Steels for High Temperature Service.” This steel is believed to 
compare with that used in the reactors. 

3 The limits of stress relaxation from an initial stress of 
20,000 psi at 920 F, as calculated from creep-rate data given in the 
Miller-Heger report. 

4 Stress relaxation from an initial stress of 20,000 psi at 
920 F, based on creep data from the Timken Digest. 


The temperature of 920 F was selected as a basis for stress cal- 
culations as it appears to be representative of the average metal 
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temperature of the reactors at units A, B, and C, where failures 


% of the vessels occurred. 


The stress-relaxation curves were calculated from the initial 
thermal stress caused by the differential thermal expansion of a 
bimetallic plate with 50 per cent cladding thickness, but neglect- 
ing the effect of the alloy cladding on stress relaxation. From 
this plot it is seen that the zone of possible failure begins at 
about 10,000 hr, with the time of most probable failure at ap- 
proximately 100,000 hr. While this is a rough check on the ob- 

_ served failures, which occurred after about 60,000 hr, if the effect 


of the alloy cladding on relaxation is considered, the residual 


stress at any given time is somewhat higher. 

Referring to Fig. 17 of this discussion, there is plotted the fol- 
lowing: 

1 Stress rupture of killed carbon steel at 920 F, based on Tim- 
ken data. 

2 A family of curves showing relaxation of the initial stress in 
the carbon-steel base metal with thickness of cladding varying 
from 10 to 50 per cent. These relaxation stresses are based on 
Timken creep data interpolated for 920 F. The 10 per cent 
curve is dotted because actually the alloy cladding will be plasti- 
cally deformed and the stress in the carbon steel will be reduced 
accordingly. 

The stress-relaxation curves were calculated from the equation 
shown. In deriving this equation, it was realized that the elonga- 
tion of the base metal must equal the elongation of the cladding. 
The deformation of the base metal is the sum of the thermal ex- 
pansion, the elastic tensile deflection, and the tensile creep. The 
total deformation of the cladding is its thermal expansion minus 
the elastic compressive deflection and minus the compressive 
creep. 


These terms may be expressed as follows: Deformation of 


base metal is 


@lAT + 


Deformation of cladding is 


oJAT — — ZalAt X 


2 


coefficient of thermal expansion of base metal, in /in/ 
deg F 

coefficient of thermal expansion of cladding, in/in/ 
deg F 

unit length, in. 

temperature of bimetallic plate minus atmospheric 
temperature, deg F 

instantaneous thermal stress in base metal, psi 

instantaneous thermal stress in cladding, psi 

Young’s modulus of base metal at temperature 7’, psi 

Young’s modulus of cladding at temperature 7’, psi 

creep rate of base metal, per cent per 1000 hr at tem- 
perature 7’, in./in./hr 

creep rate of cladding in per cent per 1000 hr at tem- 
perature 7’, in./in. hr 

incremental time, hr 


Since the deformations are equal, then 


BE, 

= aJAT — —ralAt 10+ 
2 


For the particular case in question where the cladding repre- 
sents an appreciable portion of total thickness, the term ZaslAt x 
10~* has been neglected since the creep rate in the cladding at 920 
F is negligible compared to that of the carbon steel. 

Now, since the force in the base metal must equal the force ir. 
the cladding to satisfy equilibrium, then 


= FP, = a,Ayh = 


A; = per cent thickness of base metal 
A; = per cent thickness of cladding 
h = thickness of bimetallic plate 


Then, substituting for o2, dividing by /, and rearranging, we 
have 


(a, — a )AT — x 10-* 


Ay 
41 


The circumferential pressure stress can be expressed as 


{23} 


PD 
< 2h 
where 


P = internal pressure, psi 
D = mean diameter, in. 


For the bimetallic reactors of units A, B, and C, the instan- 
taneous stress in the carbon-steel base metal ¢,, and in the 18 
per cent Cr-8 per cent Ni cladding o,, can be calculated from the 
following equations 


4 


_ {167.5 — Za,At} 100 (38) 
[9.495 + 0.427 


[167.5 — 100 
(0.427 + 0.495 


a 


when 


T = 850 F 

= 7.96 X 10~* in/in/deg F 
a, = 9.93 X 10~* in /in/deg F 
E, = 20.2 X 10° psi 

E, = 23.4 X 10° psi 

P = 22 psi 

D = 23 ft 

h = 1.375 in. 


The initial instantaneous stress in the carbon steel and alloy 
at various cladding thicknesses upon heating to 920 F are listed 
as follows: 


Per cent -——BStress, psi 


Alloy 
16000 
20000 
24000 
28200 
32500 


The variable term in Equation [23] of this discussion is the 
summation of creep in carbon steel over short increments of time 


ae 
‘a 
1123 
| 
= 
24) 
“= 
@ 
where 
4 
E; 
4 
£ 
(20) 


with relaxation stresses being calculated by mechanical integra- 
tion. For example, with 50 per cent cladding and an initial total 
stress of 20,400 psi, the creep rate is 1.5 per cent per 1000 br. In 
10 hr the elongation at this rate is 15 * i0-* in. per in., 
indicating relaxation of the stress to 18,000 psi. The creep rate 
at this strese is 0.9 per cent per L000 hr, The stress relaxation for 
subsequent intervals may be calculated similarly. 

The calculated stress-relaxation curves for 30 and 50 per cent 
cladding intersects the Timken stress-rupture curve for killed 
carbon steel at 80,000 and 90,000 hr, respectively, Fig. 17. Ac- 
tual failures oceurred at approximately 60,000 hr. The shorter 
time is directionally correct because of other factors which tend 
to increase these stresses. Also, it is within the range of expected 
accuracy for the calculation basis employed. In our calculations 
we made certain simplifying assumptions such as neglecting the 
effect of operating temperature fluctuation, periodic return to at- 
mospheric temperature, and stress concentrations, It was as- 
sumed also that creep in the thicker alloy cladding (30 to 50 per 
cent) was negligible. Some of these factors may have increased 
and others reduced the stresses. For instance, the effect of the 
periodic return of the vessels to atmospheric temperature is not 
clear inasmuch as the extent of cracking on unit A, which experi- 
enced 26 plant shutdowns, was approximately the same as that 
of units B and C, which were subjected to only 11 shutdowns. 
In our opinion, the simplifications we have made do not alter the 
fact that the stresses in these vessels were above tolerable limits. 
Also, the stress-rupture curve is based on application of a con- 
stant stress. In the case of the relaxation curves, the stresses 
have been at higher levels and failure should occur somewhat 
prior to the times indicated, 

While these calculations have been based on plain bimetallic 
material, there are several factors that cause stress concentration 
near the welds. The effects of these stress raisers are indeter- 
minable but explain why failure may be expected at the welds. 
Some of these factors are as follows: 


1 Local flattening of the plates at the welds resulting from 
forming and welding shrinkage. 

2) The effects of a reinforcing bead such as remained on the 
reactor of unit A and /or undercutting. 
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3 The effect of an abrupt change in alloy depth where plates 
of different cladding thickness adjoin with the resultant wedge ac- 
tion of the alloy weld as shown in Fig. 18:which shows a section 
through a trepanned plug from unit A. 


The effect of such concentrations of stress would either main- 
tain the stress at higher levels or use up the total elongation 
before failure at the localized regions of the welds. It may be 
concluded, therefore, that the region of the welds provided the 
most probable location of failure due to stress application. 

It ix our opinion that these reactors failed primarily because of 
continuing stresses of unforeseen magnitude resulting from the 
thermal expansion difference of the thickly clad bimetallic plate 
of carbon and austenitic steels. 

From the metallurgical standpoint, we are not overly con- 
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cerned by the effects of spheroidization and nodular graphitization 
_ of the carbon stee) such as used in these reactors at these tem- 
peratures, We do plan, however, to follow the effect of tempera- 

> ture on the structure of carbon-steel vessels now in service. 
_ The writers wish to make the foll»wing acknowledgments: 
_ failures of the bimetallic reactors and on determining the disposi- 
- tion of these vessels. To Prof. J. P. den Hartog of the Massa- 
chusetts Institute of Technology, for his review of the stress an- 
alysis and for his helpful suggestions in preparing this discussion. 


_ To the M. W. Kellogg Company for assistance in evaluating the 


M. A. Scuert’ anv R. A. Husesy.* The examinations and con- 
clusions reported by the authors in this paper are of great interest 
_ to us since the writers’ company fabricates reactors with applied 
- linings. The performance of mild-steel and stainless-lined equip- 
x ment in cyclic therma! service has been followed by our staff since 
_ the first welded equipment was furnished to the industry. 

At this time we would like to contribute some data on welds 


_ which have a bearing on cyclic thermal service. Physical proper- 


ties of welded joints are commonly available; however, it is not 
4 generally appreciated that a wide range in yield strength can be 
set up between weld and plate under certain conditions, even 
‘d though welding is done with comparable electrodes. In Table 
_ 12 of this discussion, data on the properties of stress-relieved all- 
_weld standard 0.505-in. round tensile specimens tested at room 
temperature and 900 F are given with average properties of mild 
steel and Type 347 plate added for comparison. Specimens were 
taken from two full penetration welded joints made in 1'/;-in- 
thick ASTM A-201 Grade A stock which were welded from one 
side with mild-steel electrodes, then turned over, root pass chipped 
out, and completed with stainless electrodes. 

Dilution of the stainless-stee! deposit was held to a minimum 
by buttering the scarfed edge of the stainless-steel portion of the 
weld with the same stainless electrode. The welded plates were 
furnace-stress-relieved at 1000 F for 2 hr and furnace-cooled at 
150 F maximum per hr. Standard 0.5065 in. all-weld tensiles were 
prepared from each deposit and tested at room temperature and 
at 900 F. All tests were made using a Peters’ high-temperature 

extensometer and Southwark-Templin automatic strain-recording 
equipment. The class E-6030 electrode used represents a good 
shop electrode for positioned welding of heavy plate while the 


psi at room temperature and 16,500 psi at 900 F, taken from the 
same ASTM source, are probably more applicable to the yield 
strength of the backing material from the clad plates. In fact, 
the authors, in Table 7, report 46,000 to 48,000-psi ultimate 
strength and 25,000 to 26,000-psi yield strength at room tempera- 
ture for the backing material of reactor A with a carbon content 
ranging from 0.04 per cent to 0.10 per cent. In the same table 
data for the welds are given but from the remark that fracture 
took place in the base metal we judge these to be joint specimens. 

If in operation thermal stresses of yield-point magnitude are 
set up due to uneven heating or due to dissimilar coefficients of 
expansion a fairly sharp stress gradient may exist between weld 
and adjacent plate. This condition as regards dissimilar co- 
efficient of expansion will be aggravated as the depth of alloy weld 
deposit is increased. Plastic strain of the base material would 
also tend to concentrate near the weld junction. We feel that 
the fissuring and possibly the graphite concentration, shown by the 
authors in their Fig. 4, may be a result of these dissimilar yield 
strengths. While we have no data to support the statement it 
seems likely that creep rates follow the same genera! pattern which 
would mean that somewhat the same conditions would apply 
during steady-state operation. 

The authors have made a very detailed study of the problem 
but the difference in yield-strength properties may not be fully 
appreciated and we have submitted these data for their considera- 


tion. 


V. A. Stanton, Jr."° The conclusion that graphitization does 
not appear to be solely responsible for the failure of three reactors 
is well substantiated. 

We have had an opportunity to examine sections of the shell, 
conical head, and torus ring of one of the cracked vessels from 
the standpoint of susceptibility of the steels to graphitization. 
These three steels were found to have all the characteristics of a 
straight silicon-killed, coarse-grained steel which is known to 
possess an appreciable resistance to graphitization. We found 
only a very few isolated graphite nodules in the weld-heat-affected 
zone of the shell plate, and none in the cone and torus ring. 
The fact that this type of steel did graphitize, though only to a 
limited extent, points to unusual stress conditions. In so far 
as carbon steel goes, this silicon-killed coarse-grained type of ma- 
terial is the best steel available and one which is generally not 


_ E-6013 is a universal a c-d ¢ all-position electrode very popular for 

field work. 

‘The significant point in Table 12 is the yield-strength value of 
the weld as compared to the yield strength of the base plate. The 

¢ average value of 42,000-psi yield strength at room temperature 


prone to form dangerous chain graphite. This type of steel can 
be identified by very low residual metallic aluminum, by its grain- 
coarsening characteristics, and by coarse grain size and normal 
carbide structure in the McQuaid-Ehn test. The chemical, 
microstructural, and mechanical properties of the three steels 
examined by us are given in Tables 13 and 14, and Figs. 19 to 22 of 
this discussion. 

1 Associate Research Metallurgist, Research and Development 
Department, The Babcock & Wilcox Company, Alliance, Ohio. 


and 20,000-psi yield strength at 900 F, given by ASTM for the 
_ ASTM A201 steel, represents the average in a range of 0.08 to 
; 0.30 per cent carbon. The minimum yield strengths of 34,000 


* A. O. Smith Corporation, Milwaukee, Wis. 


TABLE 12 TENSILE PROPERTIES OF WELDS AFTER STRESS-RELIEVING AT 1000 F 


Yield strength, 
0.2 per cent, 


Ultimate 
strength, 


Test temperature 


temperature 


Type 347° Room temperature 
900 F 


Type 347° 


Noo 
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* From ASTM Special Technical Publication No. 100 ‘Strength of Wrought Steels at Elevated Temperatures.” 
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Type pai 
Mild stee! 3 E 6013 temperature 73500 
Mild steel oa E 6030 F t ature 71000 
Stainless 25-20 erature 84700 
Stainless 25-12 Room temperature 85000 
Mild steel 900 F 47000 4 
Mild steel E6030 900 F 49000 
Stainless 25-20 900 F 60000 
Stainless 900 F 64500 
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TABLE 13 CHEMICAL PROPERTIES OF STEELS EXAMINED 


Acid 
Total Total soluble 
Ma Si 8 N Al Al 
25 oll 003 
.32 2 024 012 -02 
2 015 03 


14 PHYSICAL PROPERTIES OF 

Yield Tensile Elongation 
in 2 in., 

psi per cent 


STEEL EXAMINED 

Reduction Type of 
in area, rac- 
per cent ture 


ASTM A-201 
Grade 
Shell 


minimum minimum 
27000 22 


23500 45.5 
23250 


27250 
28000 
ig SHELL 


40120 
40000 


_xy TORUS RING 


ASTM GRAIN SIZE 


1800 1900 2000 (DEG. F) 


oF Coarse-Gritn anp Fine-Grain Tyres or Stee. 
(Taken from “Metals Handbook,’’ 1948, page 341.) 
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A. B. Wixper."" The program being conducted by API on 
examining materials in various types of high-temperature oil- 
refinery equipment will establish valuable information concerning 
metal behavior. Graphitization is primarily a function of chemi- 
cal composition, metal structure, exposure time, and tempera- 
ture. Secondary factors such as those discussed by the authors 
are encountered in the operation of oil-refinery equipment and 
have considerable influence on the behavior of materials. Chain 
graphite, for example, is seldom observed in laboratory weld tests 
after exposure at elevated temperatures. However, chain 
graphite is considered much more objectionable in operating 
units than nodular graphite. 

The authors propose that carbon-steel pipe and tubing for tem- 
peratures above 850 F be made in accordance with a deoxidation 
practice restricted to the maximum use of 0.5 lb per ton of 
aluminum. Further, the material should have a coarse grain 
size and be free of abnormality in the McQuaid-Ehn carburizing 
test. The producers of this material would have considerable 
difficulty in meeting these requirements. Usually carbon-steel 
seamless pipe and tubing are made with greater quantities of 
aluminum and very little experience is available concerning the 
normality of this type of steel. 

It is important to have a properly killed steel for the manufac- 
ture of carbon-steel seamless products by the Mannesmann process 
and if graphitization is a problem, chromium in conjunction with 
molybdenum should be employed. The use of molybdenum not 
only increases the creep strength but also reduces the tendency 


'! Chief Metallurgist, National Tube Division, U. 8. Steel Co., 
Pittsburgh, Pa. 
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inhibit the formation of graphite. 


temperatures, 


J.G. Wison."* The authors have presented a fine report with 
reference to the studies they have made on the causes of failure o 
three catalytic-cracking-plant reactors, 23 ft ID & 68 ft straigh’ 
side. These are cylindrical vessels with cone heads and are made 
of carbon steel clad with +25 per cent of type 347 stainless steel 
The inside welds are 25-20 stainless and are +50 per cent of the 
total weld thickness, Of the three vessels which have failed 
two show signs of some graphitization and one does not, whict 
goes a long way to prove that graphitization is not the principa 
cause of failure. The extensive cracking encountered in the car- 
bon steel at or near the weld is of a brittle nature with little evi- 
dence of plastic flow. It would seem that further explanation is 
necessary to pin down the cause of such failures. 

In our stress analysis we have shown that the critical section is 
the weld where +50 per cent of the thickness is 25-20 stainless 
steel. This analysis is based on a bimetallic cylinder and the 
results are as follows: 

In the region of 75 F, for every 100 F, increase or decrease 
in temperature from a condition of no stress due to temperature, 
the resultant stress is 5100 psi. In the region of 975 F, the 
stress value is 3400 psi. There is no doubt that in both the car- 
bon steel and stainless steel the proportional limit is greatly ex- 
ceeded every time the vessel is heated or cooled. It would be of 
interest to know the fatigue limits of the steels under these con- 
ditions. 

Another consideration is the nature of the stresses at a location 
where a “wedge” of stainless steel projects into the carbon steel 
(a condition which exists at the weld areas), At the inner “cor- 
ners”’ of such welds, triaxial stresses of very large magnitude and 
of the same sign do exist. The concepts of plastic flow cannot 
prevail under this condition and the steel will act in a brittle 
manner. Steel subject to such operating conditions could easily 
fail in a brittle manner. The vessels have failed in such a manner 
in or near the carbon-steel welds. 

With reference to the use of graphitization-resistant alloy steel 
for use in vessel fabrication, we quite agree that greater difficulty 
is to be expected in welding this steel than would be expected in 
welding low-carbon or low-carbon-molybdenum steels. How- 
ever, two such reactor vessels made of '/; chrome '/; molybdenum 
steel already have been built and are in operation. It would 
appear that the authors have overemphasized the difficulties to 
be expected in the use of such materials for construction. How- 
ever, we are in agreement that a graphitization-proof carbon steel 
for high-temperature service is greatly needed and should be de- 


veloped 

Since the time when this paper was presented, the one chrome 
half-moly vessel 24 tt. in diameter referred to the paper, has 
been built and placed in operation. The vessel was welded with 
one chrome half-moly rod of the low-hydrogen type. The car- 
bon content of the steel! plate varied between 0.13 per cent and 
0.17 per cent carbon. No unusual difficulties were encountered 
in the fabrication of this vessel 


A. W. Zeurnen.'’ Relative to the exploration of causes of 
cracking, thermal stresses resulting frora differences in expansion 
of alloy and carbon steel appear to be largely responsible for the 
intergranular cracking which was observed. Graphitization ap- 
parently played a minor role since the cracking was reported ar 
nearly the same irrespective of the extent of graphitization. A 
factor which may have had an influence on cracking and which 
unfortunately has not been evaluated is grain size, Immediately 


Shell Oil Company, New York, N.Y aul 
Consulting Engineer, Port Washington, N.Y ay 
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adjacent to every weld is found an area of coarse grain structure — 


where the base metal has attained a high temperature (above 
1800 F). This is bounded by a fine-grained zone where grain 
refinement has occurred to the extent that the grain size is con- 
siderably smaller than that of the unaffected base metal. Fur- 
ther, since it is known that fine-grained materials have considera- 
bly poorer creep and stress-rupture properties, and since the 
cracks were typically high-temperature intergranular fractures 
and were located in this area, it appears that grain refinement 
may have influenced the failures. 

Metallurgica! examination of a repair weld made during the 
fabrication of the vessel with austenitic stainless-steel electrodes, 
disclosed a crack in the carbon-steel base metal in an area from 
which carbon diffused to the stainless-steel weld metal. Since it 
was stated that this type of crack is not uncommon in joints be- 
tween austenitic and ferritic steels operating at elevated tempera- 
tures, it would be of interest to know where similar cracks have 
been found, at what temperatures has the diffusion been observed 
to initiate and proceed to a serious extent, and has the diffusion 
appeared to be as rapid for all alloy weld metals or is it perhaps 
most severe for the austenitic materials? 


J. G. Avurnouse™ and L. W. Witxtams.'* The authors are to 
be congratulated on their collection of data on catalytic reactors 
and their excellent mathematical analysis of the problem. How- 
ever, while the authors have been most thorough in examining all 
phases of the problem, they fail to make clear that the clad ma- 
terial-they refer to as integral-clad was made by the now obsolete 
Pluramelt process, and not by the sandwich method. This dis- 
tinction has an important bearing on the problem of graphitiza- 
tion, because those factors contributing most to the promotion of 
graphitic formation and stress concentration, Le., overdeoxida- 
tion of the backing steel with three or four pounds of aluminum 
per ton and large variations in the thickness of the clid material 
(20 to 40 per cent), are inherent in the Pluramelt process but, for 
all practical purposes, do not exist in clad material manufactured 
by the sandwich method. 

The production of the Pluramelt-type clad plate required base- 
metal steel very low in carbon to prevent pickup of carbon in the 
stainless cladding (in order to maintain the maximum corrosion 
resistance of the stainless) during manufacture of the slabs. To 
produce this type of base steel, excessive amounts of aluminum 
were added to the metal during deoxidation in the open hearth. 
Because of this particular practice, the base metal was made sus- 
ceptible to the formation of graphite when subjected to long- 
time exposure at high temperature and stress. Excessive stress 
was present in the plates themselves during the operation of the 
vessel due to the nonuniformity of the austenitic stainless 
cladding. This nonuniformity of cladding thickness was fur- 
ther exaggerated by stainless welds deposited at the seams. 
These deposits, for the most part, were quite heavy and produced 
a concentration of stress in these areas. 

Stainless-clad plates now being manufactured by the sandwich 
method do not have these excessive cladding-thickness irreguiari- 
ties. Consequently, the magnitude of stress left in the plate is not 
as great. In addition, the backing steel on clad plates now being 
produced is of a normal coarse-grain type which is less susceptible 
to graphitization than the Pluramelt type. It is of interest to 
note that in reactor A, no graphite was found in the torus section 
which was 0.21 per cent carbon, while the low-carbon, overdeoxi- 
dized backing steel of the Pluramelt clad material was heavily 
graphitized. The uniform cladding thickness of the currently 


14 Metallurgical Engineer, Lukens Steel Company, Coatesville, Pa. 
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produced clad-steel plates reduces the local stresses created 
around welded joints. 

To date there has been no evidence of detrimental graphitiza- 
tion in installations of stainless-clad steels operating under high 
temperatures and pressures where the base metal has been 
coarse-grained and not excessively aluminum-deoxidized. 

As mentioned by the authors, until 1951 the main concern for 
graphitization was in power-plant equipment. Since that time 
the same detrimental graphite was found in some austenitic 
stainless-clad vessels. This equipment was examined, as well as 
considerable other equipment made from clad-steel or lined-steel 
plates, each with austenitic stainless or straight-chromium steel, 
also unlined or nonclad steels. The only material which had 
detrimental graphite present had the same condition present in 
the steel and had been subjected to the same general operating 

conditions, 
The only product in which detrimental graphitization in serv- 
ice had occurred had been in those steels which in their manu- 
facture were deoxidized with aluminum to a degree where the 
inherent grain size had been affected for the chemical composition 
involved. The function of the aluminum addition to steel in 
steelmaking is to remove as much iron oxide from the molten 
metal as possible in order to prevent reaction of this iron oxide 
with the carbon in the steel, which results in the formation of gas 
holes in ingots during solidification. When aluminum is added 
over the particular amount needed for this purpose, its next ac- 
tion is to reduce the inherent grain size of the metal. However, 
in order to accompany this function, some of the aluminum added 
must be in solid solution with the steel and occur in the steel as 
aluminum, and not as an oxide of aluminum. 
In all the steels which contained detrimental graphite, alumi- 
num had been added in excess of the amount necessary to achieve 
its prime function, and all had been given sufficient aluminum to 
affect the inherent grain size of the steel. 
It is to be noted from this paper, and other experience, that 
graphitization has not been found to occur in boiler-steel plates 
of straight carbon, carbon-molybdenum, or clad steels when the 
steel has received a normal deoxidation practice during its manu- 
facture. The majority of steel plates made for boiler or high- 
temperature services are of so-called coarse-grain nature. Con- 
sequently, it is our definite opinion, and proved by available facts, 
that from a steelmaking standpoint, a material having little, if 
any, tendency for the formation of detrimental graphite can be 
produced by adding a few simple requirements to existing speci- 
fications for steel which is intended for use at high temperature 
and where high stresses may be present. These simple require- 
ments would be that not more than */, lb of aluminum per net 
ton of steel be added during deoxidation and that the MeQuaid- 
Ehn grain size be between | and 4. 
This requirement for high-temperature service mentioned pre- 
viously would apply only when operating temperatures ex- 
ceeded 900 F. Graphitization in plate products has not been 
found at temperatures below this figure. 
We agree with the authors’ conclusions regarding the addition 
of alloying elements to steels to inhibit the formation of graphite. 
Theoretically, and actually, the addition of both molybdenum and 
chromium to high-temperature steels improves their high- 
temperature properties. Both of these elements are carbide- 
forming, and the carbide forms are more resistant to change at 
high temperature than those that would occur in straight car- 
However, graphitization of these will also occur 
during service if deoxidation of the metal by aluminum is of such 
a degree as to affect the grain size. 

The advantage these alloying elements give to steels for high- 
temperature service, in addition to forming carbides, is the 
formation of solid solutions in the ferrite constituent. Ferrite 


bon steels. 
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with molybdenum and/or chromium in solution is stronger at 
high temperatures than just normal ferrite. Consequently, they 
can withstand stresses more readily without too much movement 
of the metal during operation. Advantage can be taken of these 
superior high-temperature features in service above 900 F, whe- 
ther it be solid homogeneous plate or the use of clad plate in the 
base steel. 

It is agreed that the chromium-molybdenum steels are slightly 
air-hardening. However, it is believed that the authors are per- 
haps overconcerned with the difficulties anticipated in welding 
these steels in the field, especially since the authors have demon- 
strated, both in test and in fabrication experience, that preheat 
can be lowered to 200 F and postheat is not necessary. 

All of the Pluramelt reactors were clad with type 347 stainless, 
which the authors agree is not as suitable, relative to thermal 
stresses, as the straight-chrome type. However, the authors 
state that the discontinuity stresses at the weld are as great, or 
greater, than in a type 347 material; but since the magnitude of 
these stresses is of a low order, it remains to experience to prove 
their significance. In the past five or six years, clad steels with 
types 410 and 405 cladding made by the sandwich method have 
been used in petroleum applications with no difficulties to prove 
there are any serious discontinuity stresses at the weld. 

It is surprising that in the recommendations made by the 
authors, mention was not made of clad steels made by the sand- 
wich method which can produce a product incorporating the 
corrosion resistance of stainless steels and the graphitization- 
resistant backing steels, the two salient features demanded by 
conditions existing in various petroleum applications. 

In conclusion, the authors are again to be congratulated on the 
thorough manner in which they have collected their data and on 
their fine presentation. 


Autuors’ CLosuRE 


The authors wish to express their appreciation for the interest 
displayed by the discussers in this subject and for their comments 


and supplementary information. Many of the points raised 
are valuable, and will undoubtedly contribute to a better under 
standing of the causes for the cracking of integral-clad pressure 
equipment operating at high temperatures. 

Regarding the statements and hypotheses advanced by Messrs. 
Brown, Clarke, Feely, Maass, and Northup, the authors wish to 
make the following points: 

The concept of predicting failure by a comparison of the stress- 
relaxation and stress-rupture curves, Fig 16, is certainly novel and 
merits attention, The basic concept of this approach is, how- 
ever, questionable, inasmuch as it involves a comparison of stresses 
which result from dissimilar considerations and are accompanied 
by different modes of straining of the material. In the stress- 
rupture test the stress results froma constant load; plastic strain 
continues until the limiting strain for the material is reached, 
With stress relaxation the maximum strain (elastic) is fixed to 
start with and stress reflects only a change from elastic to plastic 
strain, without change in the total strain. 

The total strain due to differential thermal expansion initially 
locked up between the base metal and alloy cladding in the reac- 
tors in question is only 0.0017 in. per in. Ignoring creep due to 
pressure stresses, the plastic flow due to the relaxation of thermal 
stresses cannot exceed this value over any single thermal cycle. 
The authors believe that failure is not likely to occur in a stress- 
relaxation test, provided the magnitude of the initial strains does 
not closely approach the limiting strain the material can sustain. 
If this were not the case, one would be compelled to drastically 
reconsider the concepts relating to localized stress concentra- 
tions inherent in the design of high-temperature equipment, omis- 
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sion of or thoroughness of stress-relieving processes, and the self- 

springing tendency of piping systems, 

A more satisfactory examination would result if the. plastic 
flow developing over a given period of time were compared with 
the values of ductility developed in the stress-rupture test. Un- 
fortunately, data on the long-time ductility of materials are 
seldom encountered in the literature, and extrapolation from 
short-time stress-rupture ductility values is of uncertain accuracy. 

The formulas developed by Messrs. Brown, Clarke, Feely 
Maass, and Northup are fundamentally sound, Except for the 
fact that an incremental approach has been substituted for the 
integration involved in Equation [12], their derivation is basi- 
cally equivalent to the expressions developed in the first and third 
sections of the Appendix, noting that different moduli of elasticity 
for base material and cladding have been used and biaxial effects 
are omitted, Equation [12] can be modified to take care of dif- 
ferent moduli of elasticity and unidirectional relaxation and be- 
comes 


B+(1—B)* 

= E. E ( | 128} 
(n — 1)AE,BS"~' S, + S, 


As the equivalence of these approaches is not self-evident, stress 
relaxation curves for 30 and 50 percent cladding were calculated 
using Equation [28] and also using Equation [25] of the discussion 
based on the numerical values and physical constants following 
Equation [25] and the following expression for creep rate at 
920 F which was considered representative of interpolated creep 
data 

. S* 
Creep rate (in/in/hr) = 1.153 X 10% [27] 
where S is the stress promoting creep. 

These curves are shown in Fig. 23. The curves for the incre- 
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mental approach lie to the left of the Equation [28] curves pre- 
dicting shorter relaxation time for a given stress, Had more and 
shorter time intervals been chosen for use with Equation [25] 
the error involved would be considerably reduced. Fig. 23 is 
directly comparable to Fig 17 of the discussion; that it indicates 
shorter relaxation times for a given stress is undoubtedly due to 
the use of different creep data by the discussers than indicated 
by Equation [27]. 

The authors also believe that if the effect of creep in the alloy 
cladding were considered, lower residual stress at any time would 
result. 

With reference to the test data presented by Messrs. Scheil 
and Huseby, the generally increased mechanical strength, es- 
pecially the yield strength, of weld metal compared to wrought 
base metal of similar composition is well known and has been 
recognized by the authors in considering this problem. However, 
so long as the yield strength of the weld metal is as high as as- 
sumed in the paper, the analytical results would not be affected. 
It was realized and pointed out in the paper that these differences 
in the strength of weld and base metal can produce localized 
stress concentrations at the weld junction. Notwithstanding 
the variance in load-carrying ability, it is suggested that the 
relief of locked-up thermal strain is dependent on the ductility 
of the material. Relative to the cracks, the accompaning elonga- 
tion was observed to be markedly low and well under the normal 
expected range, which suggests that zones of inherently low duc- 
tility or fatigue resistance may have existed at the weld joints. 

The results reported by Mr. Stanton are interesting and some- 
what surprising. That the carbon-steel portion of a clad steel 
from one of the cracked vessels has the characteristics of a straight 
silicon-killed coarse-grained steel is contrary to the statement by 
Messrs. Althouse and Williams concerning the steelmaking prac- 
tice employed which indicates that substantial amounts of alu- 
minum were customarily added to the metal for deoxidation. 
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Analysis of specimens covered by this report appear to be half- 
way between these extremes. 

Mr. Stanton’s statement to the effect tha. the finding of graph- 
ite in such a steel indicates unusually high stress conditions is 
not supported by the available literature or the findings of this 
report. Although research into the phenomenon of graphitiza- 
tion has indicated the probable accelerating effect of stress, the 
preponderance of data points to time-temperature relationship 
as the important governing factor. Many examples have been 
reported where moderate to severe graphitization has been encoun- 
tered in carbon steels even though the residual aluminum was 
low and the steel otherwise apparently normal in all respects. 
It is generally accepted belief that any carbon steel, regardless 
of melting practice, will graphitize in time if the conditions of 
temperature and possibly stress are critical. 

Mr. Wilder states that producers of seamless carbon-steel pipe 
would have difficulty in meeting restrictions on the use of alu- 
minum in deoxidation practice on this product at this time. 
Basing their decision on this viewpoint, a subgroup of ASTM Sub- 
committee XXII, Section on Pipe, have recommended against 
any restrictions on deoxidation of steel for seamless pipe. How- 
ever, it is believed by the authors that restrictions on aluminum 
are not out of the question. For example, in the case of carbon- 
moly steel, as early as 1938 a coarse inherent grain was found to 
promote increased high-temperature strength. About 1939 
the carbon-moly pipe Specification ASTM A-206 was revised to 
provide such steel and consequently carbon-meoly pipe produced 
since that time has been made of steel melted with aluminum of 
about 0.5 lb per ton. It is also known that during World War II 
the use of aluminum for deoxidation was restricted by government 
order and allocated on the basis of 0.6 Ib per ton. Accordingly, 
although occasional heats may have required a greater quantity, 
the majority of heats were probably deoxidized with 0.6 lb 
per ton or less. Since it is well recognized that steels deoxidized 
with large quantities of aluminum are susceptible to the forma- 
tion of graphite, it is believed that a greater effort should be 
made to produce a more resistant-type carbon steel. The au- 
thors particularly deplore the growing tendency to recommend 
against the use of all-carbon steel for service at elevated tempera- 
tures where experience has shown lengthy and successful opera- 
tion, 

Mr. Wilson has offered the theory that the cracks may result 
from large triaxial stresses of like sign which exist at the inner 
corners of the alloy weld “wedge” with plastic flow restrained, 
The authors doubt the existence of high tensile triaxiality at this 
location and have pointed out that no cracks were found to initiate 
at the junction of the alloy weld and base metal. 

It is wele ome news that a one per cent eee one-half 
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per cent molybdenum steel vessel has been successfully field- 
ted without difficulty, ana the authors are pleased to learn 
of this successful experience. It should be noted that ASTM 
Specification A-301 Grade B permits carbon contents of 0.21 per _ 
cent maximum, while the highest carbon content Mr. Wilson — 
reported was 0.17 per cent. It is hoped that plates with the _ 
higher carbon contents can be fabricated as readily. 
The authors agree with Mr. Zeuthen that the high-temperature | 


question. Data available on this subject are scarce and as a 
result the Petroleum and Chemical Panel of the Joint ASTM- 
ASME Committee on the Effect of Temperature on the Prop- 
erties of Metals has initiated a project to investigate the high- 
temperature strength characteristics of welded joints. ‘ 

Cracks at the junction of austenitic welds and carbon-stee 1 
base metal have not been extensively discussed, being a problem 
separate from the type of deterioration with which this paper is 
concerned and on which a number of published papers dealing 
with weldments of dissimilar materials are available. . 

At the time this paper was presented the authors were of the 
opinion expressed by Messrs. Althouse and Williams that 
coarse-grained, silicon-killed sieels were not as susceptible to 
graphitization as the heavily aluminum-killed steels. However, 
recent preliminary reports by Battelle upon examination of 
samples submitted by petroleum refiners in connection with the 
API program indicate that in material from one refiner silicon- 
killed steels have heavily graphitized while aluminum-killed 
steels have not. 

Apparently Messrs. Williams and Althouse have misinter-— 
preted the authors’ statements to the effect that the magnitude 
of local discontinuity stresses at a composite weld in ferritic 
chromium clad steel are of a low order when the welds are aus-— 
tenitic steel. The authors have pointed out that differential — 
straining at the edge of the welds can be expected; however, — 
whether or not this is significant remains for experience to prove. — 

In closing, the following additional inspection results are given. 
The integral-clad reactor of Unit F was shut down for inspection 
in November, 1951. Magnaflux examination of the carbon-steel 
side of the welded seams revealed cracks of the same type ob- 
served on the reactors from Units A, B, and C, These cracks were 
repair-welded and the vessel was returned to service with an 
internal insulation lining. The integral-clad reactor of Unit D 
was removed from service in June, 1952, and replaced by a new 
reactor of 1 per cent chromium —"'/; per cent molybdenum steel. 
Examination of the scrapped reactor revealed some cracks in the 
carbon steel adjacent to the welded joints of large pipe connec- 
tions in the bottom cone and of the large manway in the shell 
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j The authors outline the fundamental principles of fre- 
quency-response analysis in terms familiar to the indus- 
trial automatic-control engineer, as well as present data 
obtained by frequency-response methods descriptive of 
the effect of typical variables on the behavior of the control 
system. These variables are gain, derivative time, reset 
rate, transportation lag, and capacity lag, with period of 
oscillation and stability as dependent variables. They 
have been combined to form three basic controllers and 
four basic processes, the data being presented for the vari- 
ous combinations of controller and process. The method 
of calculation and a specific example are given in the Ap- 
pendix. 


INTRODUCTION 


HERE is, without question, a need in the industrial auto- 

matic-control field for a more exact method of control 

analysis than the currently used empirical and rule-of- 
thumb methods, and which at the same time can be understood 
by more than a few. Such a method is available and is called fre- 
quency-response analysis. This versatile and powerful method of 
study was originally and thoroughly developed for use in feedback 
amplifier design and subsequently has been widely applied in the 
servomechanism field. It is now generally realized that servo- 
mechanisms and industrial automatic-control systems are basi- 
cally the same and, therefore, the methods of study used in one 
field can be applied directly to the other merely by a change in 
terminology and point of view or emphasis. 

The frequency-response method of analysis is based on sound 
mathematical principles, yet it is uniquely different from other 
mathematical approaches to control analysis in that it can be 
used with almost no reference to the mathematics. It is equally 
suited for either qualitative or quantitative studies, and the ac- 
curacy of the results obtained is in keeping with the accuracy of 
the information furnished. Considering the complex nature of 
control systems it is a method easily learned and easily applied 
since the experience gained from studying only a few examples 
provides avenues of reasoning afforded by no other method. The 
purpose of this paper is twofold—to explain in terms familiar to 
the industrial automatic-control engineer some of the salient 
features of frequency-response analysis and to present data on the 
effects of typical control-system variables as obtained by fre- 
quency-response methods. 

As a beginning, what is meant by frequency response? It is 
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well known that the response of a thermometer to a step change in 
temperature is called the step response of the thermometer. 
Similarly then, the response of the thermometer to a cycling or 
sinusoidal change in temperature over a range of frequencies is 
called the frequency response of the thermometer. In control 
analysis these terms are not confined to describing thermometers; 
they may refer to any part or combination of parts in the control 
loop. For each step response there is only one corresponding fre- 
quency response and vice versa. Frequency-response information 
is like a common denominator in dealing with fractions, for infor- 
mation can be directly added to or subtracted from the whole. 
The importance of this lies in the fact that if the frequency re- 
sponse of the entire system is known, then the behavior of the sys- 
tem when in control is also known, with an accuracy generally 
sufficient for studying industrial systems. Thus by studying the 
effect of each variable on the frequency response of the entire sys- 
tem, its effect on control will also be known. 

A study of a control system by frequency-response methods is 
divided broadly into three parts: (a) Transforming all informa- 
tion about the system into frequency-response information; (6) 
combining this information and studying the effect of each varia- 
ble on the entire system in terms of frequency response; and 
(c) interpreting these results to predict the behavior of the system 
when in control. Admittedly, performing these steps for the 
first time on an actual control problem is long and difficult; 
however, as familiarity with the procedure grows much of the 
effort is reduced. Experience with the system is much like filling 
in the blanks of a multiplication table, for once they have been 
filled in the work need not be repeated. 

To aid in establishing this foundational knowledge, the authors 
have chosen four basic types of processes and have shown the 
effects of typical variables on the control system. Specifically the 
variables studied are gain, derivative time, reset rate, transporta- 
tion lag, and capacity lag, with stability and period of oscillation 
as dependent variables. (These terms are defined under ‘“‘Ter- 
minology.”’) The results obtained can be used and understood 
without understanding the frequency-response method used to ob- 
tain them, but in keeping with the dual purpose of this paper, 
some understanding of the basic principles involved is desirable 
for it enables one to use the data more flexibly or investigate 
variables other than those specifically studied here. 

The frequency-response method of analysis as described here is 
strictly applicable only to those systems commonly referred to as 
linear. While this term is based on the type of differential equa- 
tion representing the system, it means only that effect is always in 
direct proportion to cause. In this sense all physical systems are 
nonlinear to some extent but, generally speaking, those industrial 
systems which are continuous are linear enough over a smal! range 
to be analyzed by the method described here. However, it may 
be necessary to analyze a single system under different operating 
conditions in order to complete the study of the system. 


Examp.e or Basic Principles 


To illustrate the steps involved in obtaining control informa- 
tion by frequency-response methods, first picture a control system 
as a loop as shown in Fig. 1. For present purposes the part of the 
loop from the controller output around to the recording pen will 
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be called the process and the remainder called the controller. If 
the controller is disconnected and a step change is applied in the 
controller output line, the pen will draw the step response of the 
process. Assume this response curve to be non-self-regulating 
with a transportation lag as shown in Fig. 2(a) and assume the 
controller to have only proportional action. All physical systems 
will exhibit some hesitation before the rising part of the curve 
even though it may be extremely small. 

First, it is necessary to determine the frequency response of the 
process, Frequency-response data include three variables: the 
period of cycling, the ratio of the magnitudes of the resultant and 
imposed cycles, and the phase angle between the imposed and re- 


& 


sultant cycle. To illustrate these on the foregoing process sup- 
pose that instead of the step change, a sinusoidal change had been 
applied in the controller output line. 
passed through the process and resulted in a cyclic pen movement 
as shown in Fig. 2(b). The three variables of interest—period, 
magnitude ratio, and phase angle—are shown in this figure Note 
that this is an imposed cycle while the loop is open and should not | 
be confused with the closed-loop cycle of an unstable controlled 
system. Values of r and A will vary as the period of cycling 4 
varies and while these variables usually can be determined by test 
as outlined, they very often can be calculated easily. As explained 

in the Appendix, this is the case for the process described and for 
all of the other variables considered in this paper. 

These three variables of frequency, magnitude ratio, and phase 
angle can be collected into one plot to form a single curve as 
shown ip Fig. 2(c). Each point on the curve represents a definite 
period of cycling and is plotted at a distance from the origin equal 
to r and at an angle equal to A, the nomenclature being the same 
for Fig. 2(c) as for Fig. 2(b). This curve is the frequency-re- 
sponse curve of the process and is a picture of the process charac- _ 
teristics in the same sense that Fig. 2(a) is the step-response curve 
and is a picture of the process characteristics. While complete 
frequency-response data would include all: eriods of cycling from 
zero to infinity, generally only those periods necessary to form as 
much of the curve as shown in solid are of interest. For the proc- 
ess chosen, the curve terminates in the origin for periods ap- 
proaching zero and goes to infinity at a —-90 deg angle for periods 
approaching infinity. 

Since a frequency-response curve must represent the entire loop 
before it can be evaluated in terms of system behavior when in 
control, the frequency response of the controller must be obtained 
and combined with that already obtained for the process. The 
rule for combining frequency-response data is to multiply the — 
radii (magnitude ratio) and add the angles for corresponding — 
periods of cycling. An ideal controller with only proportional ac- 
tion has a phase shift of —-180 deg and a magnitude ratio which is 
fixed for each controller setting. The —i80-deg shift is inherent 
in a controller which is to produce corrective action because the 
controller output must be in opposition to the error signal; it is 
the result of a mathematical minus sign which the controller puts 
into the loop rather than the result of lags in the controller. Since 
it is a factor common to all systems, convention is to disregard it 
in the combining step and base all reasoning on 180 deg less phase 
shift than is actually occurring in the loop. Thus the effect of 
adding the controller frequency response to the process frequency 
response is to proportion the radii in accordance with the con- 
troller setting as shown in Fig. 3(a). An increase in controller 
gain (decrease in throttling range) increases each radius in that 
proportion and may be thought of as changing the scale of the 
plot without changing the shape. 

The combined curve could be obtained by test by breaking the 
controller output line and imposing a sinusoidal air pressure to 
the valve as before. The relationship between this pressure and 
the controller output pressure would then be the frequency re- 
sponse of the complete system. Actually, it is immaterial where 
the loop is broken but the location suggested is probably as easily — 
visualized as any. Not enough stress has been put on the fact 
that the frequency response is the common denominator for com- _ 
bining all information. It can be either calculated or obtained 
by test and it can be readily added to or subtracted from other 
data by the rule described. Thus control loops may be built up _ 
as desired by assembling the frequency-response data of the in- | 
dividual components in the loop. In fact, the frequency response 
of the process in this example as shown in Fig. 2(c)is a combina~- __ 
tion of that for a transportation lag (for which A = —360L/P 


Then the cycle would have 
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deg andr = 1) and that for a ramp (for which A = —90 deg and 
r = PR,/2n). 

Since the curves in Fig. 3(a) represent the frequency response 
of the entire loop (each curve being for a particular controller 
gain) they can be analyzed in terms of system behavior when in 
control. The criteria for this evaluation are as follows: If the 
curve passes to the right of the —1 point (the point on the —180- 
deg line at a distance 1 from the origin) as curve C;, the system 
is stable if it passes through the —1 point as curve C; the system is 
unstable with a constant amplitude of cycling and has a period of 
oscillation represented by that point on the curve. If it passes to 
the left as curve C; the system is unstable with increasing ampli- 
tudes of cycling. Thus the —1 point quickly establishes stability 
or instability. If the curve is peculiarly shaped near the —1 
point more complete rules must be applied (1, 2, 3).* 

Generally speaking, the further a stable curve misses the —1 
point the more stable the system is; that is, curve C, is more 
stable than C;. The transition from the complete loop frequency 
response to the transient response to be expected after set point 
changes or load changes in the controlled closed loop is not, in a 
mathematical sense, exact. For each frequency response there 
will be a definite transient response but all of the methods for 
making this transition analytically are, to the authors’ knowl- 
edge, only approximate. While work has and is being done in 
this field (3, 4) to make the transition more exact there exists a 
criterion which is sufficiently accurate for use in the industrial 
automatic-control field. This criterion is based on a closed-loop 
magnitude ratio and will be discussed more fully in the Appendix 
along with the —1 point criterion. For present purposes the cri- 
terion may be thought of as being based on what are called M- 
circles. These are circlesof radius M /(M*—1) with their centers on 
the —180-deg line and at a distance M*/(M*— 1) from the origin. 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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A family of M-circles is shown in Fig. 3(b). By changing the scale 
of the plot as shown in Fig. 3(a), the curve can be made tangent to 
a selected M-circle in the manner shown in Fig. 3(c). 


Stability increases as the value of M decreases, For instance,  —__ 


the transient response of the system to a small change in set point _ 
when the curve is tangent to an M =2 circle will have approxi- | 


to the change in set point is very nearly M, while for higher — 
values of M this ratio is less than M. The period at the point of — 
tangency between the curve and the M-circle approximates the — 
period of the damped oscillation, this approximation being very — 


Since load changes generally do not occur as abruptly as the step — 
change in set point the load-change stability will be better than — 
shown in Fig. 4 (5). The value of 1.3 for M has been chosen be-— 
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cause it is popular in servomechanism studies and the other value 
2, has been chosen because it is an integer and represents a degree 
of stability often sought in industrial control systems. 

The steps involved in a frequency-response analysis of a control 
system have been outlined and at best are somewhat lengthy 
when compared to empirical and rule-of-thumb methods. How- 
ever, as pointed out, once a few examples of basic systems are 
worked out the results are useful not only for the particular sys- 
tems studied but form a basis of reasoning for studying all sys- 
tems. Also, as familiarity with the system grows it will become 
evident that there are many short cuts and simplifications which 
can be applied to the methods used to obtain the results. It is not 
the purpose of this paper to develop or advocate the method of 
approach and analysis for there are numerous ways of treating the 
data which are described in servomechanism books (2,3). Much 
can be said in favor of plotting the frequency-response data on 
rectangular co-ordinates rather than circular co-ordinates but 
since it is perhaps easier to learn the circular method first (even 
though it is more difficult to use) that is the method described. 
It is quite conceivable that a technique of analysis and synthesis 
might be developed which is more suitable for use on industrial 
systems than on servomechanisms 

While controller settings can be determined by frequency-re- 
sponse methods the primary value of the system does not lie here 
but in its ability to show the effect each variable has on the whole. 
It is a means of studying why a system behaves in a certain man- 
ner, or in a more positive and aggressive sense, what can be done 
to improve the behavior to meet certain requirements. The 
authors are not advocating frequency-response analysis as a cure- 
all or even as a substitute for empirical methods, for empirical 
methods will always play a major part in industrial-control analy- 
sis. Rather it is a tool which can be used where empirical meth- 
ods are not satisfactory and where the expected results justify 
the additional effort. Before the method can be applied with fa- 
cility, however, files or libraries of actual test data must be estab- 
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mately the stability shown in Fig. 4(a), while Fig. 4(6) shows the 
it stability to be expected from tangency to an M=1.3 circle. For 
jeer nee : values of M around 1.3 the ratio of the peak on the first overshoot a. on 
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TRRMINOLOGY 


Somewhat thorough descriptions of the symbols and terms used 
are in order before presenting the data. Letters have been as- 
signed to each of the specific processes studied to avoid a complete 
description with each reference. 


Type A refers to a process consisting of a transportation lag and 
& ramp or non-self-regulating response and has a step re- 
sponse as shown in Fig. 5(a). 

Type B refers to a process consisting of a transportation lag 


and a single capacity and has a step response as shown 
in Fig. 5(6) 
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Type C refers to a process consisting of a transportation lag, a 
single capacity, and a ramp, and has a step response as 
shown in Fig. 5(c). Itisa type A process with an added 
capacity. 

Type D refers to a process consisting of a transportation lag 
and two capacities and has a step response as shown in 
Fig. i(d). It isa type B process with an added capacity. 

Ramp refers to the non-self-regulating step response shown in 
Fig. 

Capacity refers to the classical capacity whose step response is 
the exponential shown in Fig. 5()). 

Degrees of stability are noted in the following manner: 

Ultimate refers to conditions existing when the frequency-re- 
sponse curve passes through the —1 point. 

M =2 refers to conditions existing when the frequency-response 
curve is tangent to the M =2 circle. 


A M =1.3 refers to conditions existing when the frequency-re- 


sponse curve is tangent to the M = 1.3 circle. 
M is a closed-loop magnitude ratio and will be defined further 
in the Appendix. 


For sake of brevity, letters have been assigned to the co-ordi- 
nates on the polar plot but have not been used directly as variables 
under discussion. The co-ordinates are as follows: 


A = phase angle, deg. 
plus 


Lag angles are minus, lead angles are 


r = radius vector or magnitude ratio, arbitrary units 


The variables fall into two classes, those which are in terms of 
time and those which are not. The following variables are func- 
tions of time: 


L = transportation lag or velocity-distance lag and is shown — 
in Fig. 5(a) 
period of oscillation, the oscillation being either continu- 
ous or damped 
slope of ramp as -bown in Fig. 5(a). Its dimension is —_ 
somewhat arbitrary but when multiplied by K, the 
product must have the dimension of 1/time 
time constant of a single-capacity lag and is shown 7 
Fig. 5(b) 
another single-capacity time constant used in conjunc-— 
tion with type D process (The symbol 7, has not — 
been used in order to avoid possible confusion with T;) 
derivative time of controller sometimes called rate, hy- 
per, or preact action 
integral time or reset time of the controller: 
ciprocal of reset rate 


-s is the re- 
reset rate 


Since the units of time are only relative, all the results are re- 
duced to a time scale based on L by referring «ie time variables 
T, T:, Tz, T;, and Pto L. This technique eliminates one vari- 
able in the calculation and presentation of results and is necessary — 
in a dimensionless approach. 

The following variables are not a function of time: 


= controller gain, sometimes referred to as controller 
sensitivity; it is the reciprocal of throttling range 
or proportional band ef controller 

= process gain and is shown in Fig. 5(b); its units are 
arbitrary as are those of K, but they must be the 
reciprocal of the units of K,. For instance, if K, 
is in psi/in. then A, will be in in./psi so that the 
product 4,K, is dimensionless pA 

K=K,K, = loop gain in process types B and D > ee 
K.LR, = loop gain in process types A and C — 

loop gain = product of all individual gains in loop 


K, 


It is realized that many of these definitions could be ex- 
pressed mathematically but the authors believe the foregoing to 
be less confusing and sufficiently defining. ued 48 


The following sections are classified according to the type of 
process A, B, C, or D, and in each section the use of controllers _ 
having proportional only, proportional-plus-derivative, and pro- 
portional-plus-reset actions are discussed. The general pattern 
in which the data are presented is to show the loop gain and period — 
of oscillation along the vertical axis of the graphs and one of the 
independent variables along the horizontal axis. Logarithmic 
co-ordinates have been used throughout in order to present an 
undistorted picture but ore disadvantage is that a zero cannot be — 
shown. In order to overcome this disadvantage, the authors 
have introduced a vertical line on the left side of each graph which — 
represents zero for the independent variable. Thus, if the deriva- 
tive action in & proportional-plus-deriv ative controller is plotted 
along the horizontal axis and it is desirable to know the data for 
proportional control only, one need only refer to the data for zero 
derivative action which is shown on the additional vertical line 
mentioned. All data for ultimate conditions were obtained di- 
rectly by slide-rule calculation while data for M = 2 and M = 1. 3 
conditions were obtained graphically. 

Because process requirements are quite variable and indeed — 
sometimes opposite, the authors purposely have avoided any 
statement of optimum conditions and have concentrated on 
showing the effects of common variables over a wide range. It is 
believed this type of information is particularly valuable for ll 
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process industries because industrial systems are notably prone to 
changes in process parameters (lags, gain, and so on) with changes 
in operating conditions (load, through-put, and so on). In gen- 
eral, the optimum conditions defined by others (6, 7, 8, 9) fall near 
the M =2 conditions. 


A Process Wirn Transportation Lac 


For a process whose step response consists of a transportation 
lag and ramp as shown in Fig. 5(a), the effects of using controllers 
having proportional only, proportional-plus-derivative, and pro- 
portional-plus-reset actions are shown in Fig. 6 and the corre- 
sponding frequency-response information is shown in Fig. 7. 

Proportional Action Only. The control system with only pro- 
portional control action is represented in Fig. 6(a) when 7, is 0, 
or in Fig. 6(b) when 1/7, is 0. These curves show that the ulti- 
mate period will be 4 times the lag (P/L = 4) and that the con- 
troller gain, at ultimate stability is 


2LR, 


The fact that K,LR, can be treated as a single variable can have 
several interpretations but they are all basically the same. Proba- 
bly the most popular interpretation is that with all other varia- 
bles held constant, controller gain is inversely proportional to lag 
and to the slope of the ramp which is consistent with the empiri- 
eal-control theory. Thus, while the data are plotted in terms of 
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K.LR,, they can be converted quickly to any of the variables K,, 
L, or R,. Actually, it is believed the results are as useful in the 
relative sense as in the absolute sense, in which case the variables 
need not be separated. 3 

For M =2 and M = 1.3 stability the period increases to 5L and 
6.3L or 25 and 57 per cent above the period for ultimate stability. 
The loop gain has to be reduced to 0.92 and 0.73 which, for a 
fixed process, means a reduction in controller gain to 59 and 46 
per cent of the controller gain for ultimate stability. 

The frequency-response curves for this process and a propor- 
tional controller have been discussed already. 

Proportional-Plus-Derivative Action. Data on the system 
when using a proportional-plus-derivative controller are given in — 
Fig. 6a). For any degree of stability, it is seen that an increase 
in derivative action always decreases the period but that the al- 
lowable loop gain first increases and then decreases. The curves 
show that derivative times in the order of 0.5 to 0.6L will allow 
the same controller gain as with no derivative action but,will re- 
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duce the period to about 2.61 almost regardless of the degree of 
stability desired. The gain for M =2to M =1.3 stability is about 
one half that for ultimate stability when derivative action is in 
use, For these and all gain curves shown in this paper the region 
above the ultimate gain curve represents unstable conditions 
and the region below it, stable conditions. 

Derivative times greater than 0.5 to 0.6L do not reduce the 
period materially and require a considerable reduction in gain, it 
being almost inversely proportional to 7',/L for values of T,/L 
above 1, and the minimum period which can be approached is 21. 
Since this system does not have reset action, a decrease in gain in- 
creases the offset due to a load change. 

A technique commonly used in combining frequency-response 
curves is first to separate those variables which affect only the 
seale of the plot from those variables which affect the shape. 
Then, after the shape is determined using a loop gain of unity, 
the loop gain is varied to establish the desired scale of the curve. 
The frequency response of an ideal proportional-plus-derivative 
controller is shown in Fig. 7(a), the word ideal meaning one which 
adheres exactly to the defining equation, not meaning best or 
most desirable. "The effect derivative action has on the shape of 
the curve for the process in question is shown in Fig. 7(b) for 
which the loop gain is unity. The new curve is shaped from the 
original by moving each point on the original curve a distance 7’, 
L along a line perpendicular to the radius vector and in a counter- 
clockwise sense as shown. The points obtained in this manner 
represent the same periods that they did on the original curve 
Having established the shape of the curve, the loop gain is then 
adjusted to meet the desired stability criteria. It must be em- 
phasized that Fig. 7(a) is a general curve while its application in 
Fig. 7(b) is specific to the type A process. 

The over-all effect as derivative action is first added is to swing 
the frequency-response curve counterclockwise away from the — 1 
points and the M-circles, bringing the part of the curve represent- 
ing shorter periods around to be tangent to the M-circles. The 
effect on gain and period have been shown already in Fig. 6(a). 
However, if large amounts of derivative action are added, the ef- 
fect is to produce a bulge in the curve near the —1 point as shown 
in Fig. 7(b) for 7,/L = 1. This effect requires a reduction in 
gain and the geometry of the curve is such as to permit little addi- 
tional decrease in period for the large amounts of derivative action 

On the polar plot, it is customary to refer to angles in a clock- 
wise sense as angles of lag and to angles in a counterclockwise 
sense as angles of lead. From the stability criteria, it is easily 
visualized that increasing lag angles tend toward instability while 
increasing lead angles tend toward stability. Thus derivative 
action in general is a stabilizing influence because it provides lead 
angles. However, the phase angle is not the only variable to be 
considered when adding derivative action. As seen in Fig. 7(a), 
the length of the radius vector also increases as derivative action 
is increased, slowly at first, and then at large angles almost in 
proportion to it. At the same time, the proportionate increase in 
lead angle becomes less and less. Realizing the way the radius 
vector and angle vary with each other makes just another way of 
visualizing the results already shown in Fig. 6(a). 

Proportional-Plus-Reset Action. Fig. 6(b) shows the effect of 
reset action on the variables period and gain for various degrees of 
stability. An increase in reset rate always increases the period 
and decreases the allowable gain for all degrees of stability. Data 
can be collected from these curves to indicate that provided 
gain, K,LR, is held constant, the period of oscillation is not greatly 
affected by varying reset rates, only the degree of stability is af- 
feetec. These curves also show that in certain ranges if reset 
rate is held constant and gain varied, the period of oscillation can 
change appreciably without comparable changes in the degree of 
stability. 
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As the product of reset rate times the lag approaches 1, the al-— 
lowable gain goes to rero and the period to infinity for this par-_ 
ticular process and the process cannot be stabilized for values of 
L/T; greater than 1 by changing the proportional action. The 
terminations of the M =2 and M =1.3 curves signify that there is a 
limit to the amount of reset action which can be used and still 
meet the M-circle criterion. These curves are the only ones pre-- 
sented in this paper which have such a termination. The rea 
son for the termination will be more evident after viewing the 
frequency-response curve. Fig. 7(¢) shows the frequency re- 
sponse of an ideal] proportional-plus-reset controller and is a gen- 
eral curve corresponding to Fig. 7(a). The way proportional- 
plus-reset action shapes the curve for the particular process in 
question is shown in Fig. 7(d). With the gain factor unity, points 
representing the same period are moved a distance 

along a line perpendicular to the radius in a clockwise sense. 

Again the loop gain was chosen as unity for plotting purposes. 
Note that in a sense reset action is opposite to derivative action 
but that the perpendicular distance plotted increases as the radius 
increases, having its greatest moving effect on the long periods 
while derivative action has its greatest effect on short periods. 

After reset is added to the process in question, the tail of the 
curve, instead of approaching —90 deg, approaches —180 deg as 
the period increases. As shown in Fig. 7(e), this effect could be 
interpreted as partly encircling an M-circle because sufficient re- 
duction in gain can draw the curve away from the M-circle on its 
right side, but cause tangency on its left side. This point of tan- 
gency represents a longer period of oscillation than did the pre- 
vious point of tangency and further reductions in gain only tend 
toward instability. In this relationship lies the reason there is a 
limit to the amount of reset action which can be used ana still 
meet an M-circle criterion, for the curve can remain so close to 
the —180-deg line that it always passes through the desired M- 
circle rather than becomes tangent to it. Actually the curves for 
M stability of Fig. 6(b) reverse themselves to allow two values of 
gain and period for one reset rate but the other gain is so low and 
the period so long that the curves have been terminated rather 
than reversed, to avoid confusion. <7 

Se Process Wits TRANsPoRTATION 

Since most processes are self-regulating to some extent, it i 
necessary to determine how their behavior might differ from a 
non-self-regulating or ramp process. As a first approximation of 
the self-regulating process it is considered to have a step response 
as shown in Fig. 5(b), and is called a type B process for conveni- 
ence. The study of this process involves one more independent 
variable than did the study of the type A process, this variable 
being 7 or the ratio of T to L. The components in the loop gain for 
the B process are slightly different from those in the loop gain 
for the A process. The reason for this difference stems from the 
fact that in the A process the slope can be treated as a gain but in 
the B process it cannot be so treated with universal accuracy. 
The data are shown in Figs. 8, 9, and 10 in the manner previously 
used, it being necessary to choose finite values of 7'/L to show the 
information since for each curve in the A process there is now a 
family of curves because of the additional variable. 

Proportional Action Only. The type B process differs notice- 
ably from a type A process at low values of 7'/L and impercepti- 
bly at high values of 7/L. Fig. 8 provides a picture of this dif- 
ference from which it is seen that the allowable loop gain is al- 
ways higher in the type B process and never less than 1, while the 
period is always less in the type B but never being less than 2L. 
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For all practical purposes, the two types of processes are the same 
for values of T/L of 10 and above. Exactly what the lowest 
values of 7/L are that is of practical importance is not known 
though it is possibly around 1. Lower values of 7'/1. are of aca- 
demic if not of practical interest. 

If a load change is imposed on a type B process controlled with 
proportional action only it is well known that there will be a re- 
sulting offset of pen a1 pointer. If the controller is not acting, 
i.e., the valve is held fixed, and the same load change is applied, 
there will be a larger steady-state offset. The ratio of the uncon- 
trolled to controllev offset is 1 + K on any self-regulating sys- 
tem, a relationship which forms a quick basis for estimating the K 
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of an existing system or for choosing a desirable K. This rela- 
tionship does not exist on a type A process. 

Proportional-Plus-Derivative Action. The curves for propor- 
tional-plus-derivative action on the type B process are shown in 
Fig. 9(a) for 7/L = 1 and in Fig. 9b) for T/L = 10. For high 
values of 7'/L, Fig. 6(a) may be used by substituting 7'/L for 1/ 
(RL). As for the type A process, the general effect as derivative 
action is added is to reduce the period toward some limit (which 
can be less than 21 for a type B process) and allow some increase 
in gain at first but then require a reduction in gain. These ef- 
fects of decreased period and increased gain become less as the value 
of 7'/L decreases until at 7'/L =0 (not shown) there is no gain peak 
and only slight period reduction. Notice that the loop gain for 
M = 2and M = 1.3 stability bears about the same relationship 
to ultimate gain as it did for the type A process but that the period 
of oscillation for these degrees of stability approaches the period at 
ultimate stability as the ratio of 7'/L decreases. Thus it is 
seen that as the value of 7'/L decreases, derivative action becomes 
less effective as a period reducer and stabilizer. 

The frequency-response eurve of a type B process differs from 
that of a type A process in that its tail swings around counter- 
clockwise in a sort of semicircle and terminates on the 0-deg line 
at a point equal to K. In the extreme when 7/L = Oand K = 1, 
the curve is a circle of radius 1 with its center at the origin. 

Proportional-Plus-Reset Action. The effect of reset rate on pe- 
riod and gain is shown in Fig. 10(a) for 7/L = 1 and in Fig. 
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106) for 7/L = 10. Again, for high values of 7'/L, Fig. 6(b) 
may be used by substituting 7'/L for 1/(R,L). The most noticea- 
ble effect is that the lower 7'/L the greater the amount of reset 
action which can be used for equivalent increases in period and 
decreases in gain. Also, the effect is more gradual as 7'/L de- 
creases as evidenced by the less pronounced knee in the curves 
of Fig. 10(a) as compared with those of Fig. 10(b). Otherwise, 
the effect of adding reset action to a type B process is similar to 
the same operation on the A process and within the limits of 
practical interest the first paragraph under proportional-plus- 
reset action for the type A process also applies here. 

The frequency-response curve for the B process with reset ac- 
tion will be similar to that for the A process with proportional 
action only; the tail of the curve will approach the —90-deg line 
as the period goes to infinity. As a consequence the M-circle 
criteria can be met through sufficient reduction in gain regardless 
of how much reset action is used; however, the sacrifice for large 
reset rates is always in period and gain 


A Process Wirn Transrortation Lac 
AND A CAPACITY 


Perhaps the next step in the approximation of actual processes 
is to add a capacity to a type A process, the result being a type C 
process whose step response is as shown in Fig. 5(c). Curves for 
ultimate conditions are shown in Figs. 11, 12, and 14, and for the 
various degrees of stability in Fig. 13. 

Proportional Action Only. In Fig. 11 is shown the effect the 
additional capacity has on period and gain at ultimate stability. 
The loop gain decreases from 4/2 and approaches 1 while the pe- 
riod increases from 4L indefinitely. The slope of the period 
curve after a T/L of about 2 is '/, which means that period is pro- 
portional to the square root of 7'/L. One interpretation of these 
curves might be that the use of a restriction in the controller- 
output line to provide stability is a futile attempt if the process 
is originally a type A process controlled with proportional action 
only for it serves only to decrease allowable gain rather than in- 
crease it, and in addition, the period is greatly lengthened (the 
restriction and the capacity of the valve top offer a capacity lag, 
an increase in restriction being an increase in 7'/L in Fig. 11). 
Another factor which aggravates this situation still further but 
which is not shown in Fig. 11, is that as 7'/L increases there is a 
greater spread both in period and gain between ultimate condi- 
tions and M =2 or M =1.3 conditions. Thus, if the loop gain of a 
type C process having a 7/1 of 10 changes, say, due to valve char- 
acteristics, then stability does not vary greatly, only the period 
varies. This same effect was noted for proportional-plus-reset 
action on the type A process and stems from the same reasoning 
on the frequency-response curve 

Proportional-Plus-Derivative Action. There are two major 
differences between the type A and the type C processes when 
derivative action is used. One is that much greater benefits can 
be derived in the way of decreased period and increased gain, and 
the other is a lack of uniform correspondence between ultimate, 
VU =2,and M = 1.3stability. By the latter is meant the lack of 
parallelism or near parallelism between the ultimate, M = 2, and 
M = 1.3 curves which was so evident in the type A process, Fig 
O(a). 

Fig. 12 shows the data for ultimate conditions from which it is 
seen that the processes having the higher 7'/L are the ones most 
benefited by derivative action. However, too many conclusions 
must not be drawn from these curves alone because the conditions 
for M = 2and M = 1.3 stability are not shown. For these con- 
ditions on a type C process with 7'/L = 10 refer to Fig. 13. Note 
that for no derivative action the gains for M = 2and M = 13 
stability are considerably less than one-half ultimate; in fact, for 
M = 1.3 the gain is about 0.1 ultimate. There is also a larger 
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sacrifice in period for M-stability as compared with the type A 
process. These features were mentioned in connection with pro- 
portional action only. On processes such as this it would be 
difficult to determine ultimate loop gain exactly by test because a 
wide range of gains would produce slowly damped cycling which © 


might be judged just short of the continued cycling of ultimate 


stability. 

There is little effect on either gain or period as derivative action — 
is first added but then a region is reached in which there is great 
effect on both as shown; in fact, the effects are more prominent 
on the M-curves than on the ultimate curves. These effects also — 
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increase as 7'/L increases. Shortly after the gain peak is passed 
the periods are near their minimum and at a 7,/L of 10 the sys- 
tem is the same as a type A process, with proportional action 
only. This is true because if in a proportional-plus-derivative 
controller the derivative time equals the time constant of a ca- 
pacity the effect of the capacity is canceled. Note that it is not 
desirable to have a derivative time large enough to cancel com- 
pletely the effect of the capacity. 

The frequency-response curve for the foregoing process crosses 
the —180-deg line at a shallower angle than that for the type 
A process. Thus to obtain tangency with a given M-circle the 
gain must be reduced from ultimate much more than previously. 
But it is on just such curves that derivative action is most effec- 
tive as a stabilizing tool because of the general counterclockwise 
rotation it imparts to the curve There is, however, a practical 
limit to the attainment of the high gain peaks and that is the 
difference between actual and ideal derivative functions. An 
ideal derivative function can produce a phase advance approach- 
ing 90 deg while actual derivative functions must fall short of 
this, the amount depending on the design. It is for such ap- 
plications that double derivative or two derivatives in series are 
valuable but it is not within the scope of this paper to dis- 
cuss this function. Probably other practical limitations on the 
attainment of the high gain peak and great period reduction are 
friction, dead spot, and noise. 

Proportional-Plus-Reset Action. Reset action is generally less 
exciting than Gerivative action and in most cases is only a neces- 
sary evil to obtain zero error. Fig. 14 shows the application of 
the proportional-plus-reset controller to the type C process for 
ultimate stability from which it can be seen that all curves are 
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basically the same except for the location of the knee in the curve. 
The vertical distribution of the curves corresponds to Fig. 11 


A Two-Capacity Process Wirn Transportation Lao 


A two-capacity process with transportation lag or type D proc- 
ess is a type B process with one more capacity. The added capa- 
city has the effect on the step response of making it S-shaped or 
“toed in’’ as shown in Fig. 5(d). While the time constants of the 
two capacities 7 and 7:, can be determined from the step-re- 
sponse curve it is not as direct a procedure as it wae for the type 
B or C process. 

For each curve used in describing the type B process there is 
now necessarily a family of curves because of the additional varia- 
ble. The curves pertaining to the type D process are shown in 
Figs. 15 through 22, all of them being for ultimate conditions 
only, except for Fig. 19 which shows M-stability also. It is im- 
material which capacity is considered 7 and which 7; so there is 
some duplication in the presentation of the curves as necessary to 
provide a complete picture. For instance, curves for 7/L = 1 
and 7;/L = 10 are identical to those for 7/L = 10 and 7;/L = 1. 

Proportional Action Only. Fig. 15 provides an over-all picture 
in terms of loop gain and period of the effect of adding the second 
capacity to a proceas already characterized by 7'/L of 1, 10, and 
100. The effect on the allowable loop gain as the new capaeity is 
added is first to decrease it and then finally to increase it. It is 
interesting to note that the ultimate loop gain is very nearly its 
original value when the time constant of the additional capacity 
is one half the time constant of the original capacity (7:/T = 
1/,). The period, however, is not subject to this reversal and 
continues to increase as the new capacity is added, approaching 
some limit and essentially reaching it by the time 7;/T7' is 10. 
Thus, while an added capacity could not be used to stabilize a 
type A process, it can be used to stabilize a type B process, 
and the sacrifice in period is dependent on the original value of 
T/L. Generally those processes having a low 7'/L are the ones 
difficult to stabilize within the limits of the controller gain and it 
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is on these that the sacrifice in period is least. Again, too many 
conclusions should not be drawn from the curves in Fig. 15 be- 
cause only ultimate stability is shown; the M-curves would show 
more severe effects on gain and period. 
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Proportional-Plus-Derivative Action. Data for ultimate sta- 
bility using proportional-plus-derivative action for the type D 
process are shown in Figs. 16, 17, and 18. For each figure one of 
the capacities is held constant and the other is varied to form a 
family of curves. The same general effects of derivative action 
are again noted and the vertical distribution of the curves cor- 
responds to Fig. 15. The period is uniquely tied to the gain and a 
derivative time setting slightly longer than that for the peak ¢ain 
provides most of the reduction in period which can be achieved 
with the derivative function. Again, however, too much stress 
cannot be put on curves for ultimate stability because W = 2 and 
M = 1.3stability might be vastly different. 

As an extreme case, the M = 2 and M = 1.3 stability curves 
have been worked out for 7/L = T:/L = 100 and are shown in 
Fig. 19. The effects are the same as those in Fig. 13 but more 
extreme both in the separation of the curves at 7',/L near zero 
and in the improvement effected by the use of derivative action. 
The peculiar reversal of the curves indicates more vividly than 
previously that gain can be varied over a very wide range without 
influencing stability to any extent, the period being the factor af- 
fected. The possible limitations on the attainment of such bene- 
fits on a physical system have been mentioned already in connec- 
tion with Fig. 13, but at least it is enjoyable to speculate that pe- 
riod might be reduced 30-fold and gain increased 100-fold through 
the use of derivative action. Another point of interesting con- 
sideration is that of purposely changing a process approaching 
the type B into one decidedly a type D through use of a restric- 
tion and capacity and then, through use of derivative action, ob- 
tain high gain. This seems contrary to common sense and there 
will be a sacrifice in period, but the thought is interesting in any 
event 

Proportional-Plus-Reset Action. Figs. 20, 21, and 22 are offered 
as a guide for visualizing the effect of reset action on a type D 
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process, but since they represent only ultimate conditions no 
comment will be made. 


CONCLUSION 


The foregoing treatment of the method and data illustrates 
that frequency-response analysis can be largely free from the 
complicated mathematics usually associated with control theory. 
The practical interpretations which may be applied to the data 
presented are abundant but only a few have been mentioned for 
it is not within the scope of this paper to discuss the numerous 
physical factors which contribute toward transportation lags, 
capacity lags, ramps, or the gain, derivative, and reset effects 
which may manifest themselves in the process as well as in the 
controller. Rather, the authors have concentrated on present- 
ing the information in a perfectly general form for simple proc- 
esses, which data can form stepping stones toward the interpre- 
tation of specific process problems. 

In view of the fact that frequency response is such a versatile 
basis on which to assemble knowledge, it would seem advisable 
for the process and instrument industries to accumulate and tabu- 
late such information about the component parts of the control 
loop and about the closed loop. This information can be from 
actual frequency-response tests, from accurately converted step- 
response tests, or from applicable theoretical considerations. 
While concepts derived from studying the few systems presented 
do form a concrete basis of reasoning in the design or revision of 


processes or in the explanation of existing phenomena, a collec- © 


tion of quantitative data as suggested would be invaluable in the 
design or selection of equipment. In this connection, frequency- 
response data provide a consistent basis on which to compare 
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competitive or alternate pieces of equipment or evaluate new 
equipment. 

In a sense the types A, B, and C processes are all special cases 
of the type D process, but rather than treat them as such the 
authors have chosen to discuss them separately for purposes of 
simplicity. However, the types C and D or even only D ap- 
proximate real processes more closely than do types A and B and 
therefore deserve a fuller treatment than has been given in this 
paper. Also, the use of a three-term controller (proportional- 
plus-derivative-plus-reset) is of widespread interest but the prob- 
lem of presenting the data for such a controller on a type D proc- 
ess in an easily interpretable manner is not a smal] one. The 
fuller coverage of the types-C and D process as well as the intro- 
duction of a three-term controller are left for a possible later pa- 
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Appendix 


The Appendix is intended to show how the data presented in the 
body of this paper were calculated and at the same time show 8 Je pal | 
how similar data not presented in the paper can be obtained. In | | 
connection with the method, a typical example is set up and dis- 
cussed, A little more information is given about the —1 point 
and M-circle criteria and a method of obtaining time constants — = 
from a two-capacity step response is also discussed. No proof of 
any of the algebra or trigonometry is given for it can be obtained _ 


elsewhere. Fie. 22 Use or Proportionat-Pius-Reset Controt on Tyre D 
Method. One of the important concepts in the field of control Process, T/L = 100, Vartaste T:L, Untimate STaBiLity 
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_ theory is the relationship between what comes out of a piece of 

equipment to what goes in, or more briefly, the ratio of output to 

input. This ratio, called the transfer function, is normally writ- 

ten in algebraic form and is the basis of calculating frequency- 

response data. In Fig. 23 are shown the step response, the fre- 

quency response, and the transfer function for all of the in- 
dependent variables studied in the body of this paper. 

The symbols not used previously are defined as follows: 


e 


Naperian base = 2.718 
imaginary symbol, 7? = —1 
individual! gains of each function; 

for the complete loop is K 
complex variable = real + 7 imaginary 
angular frequency = 2*/P 


their product 


8 


= 
A brief review of the symbols previously used which also occur 
in the table are listed below: | 
transportation lag 


period of oscillation 
magnitude ratio 
slope of ramp 


derivative time | 


reset rate 


To obtain frequency-response data from the transfer function, 
substitute j for s and separate the real from the imaginary part. 
Then plot these data, for variable w, on rectangular co-ordinates 
with the real axis horizontal and the imaginary axis vertical. 
The result will be exactly the same as shown in the frequency-re- 
_ sponse column of Fig. 23 whose co-ordinates are polar rather than 

rectangular. 

The unitized frequency-response curves and the transfer func- 
tions shown in Fig. 23 are building blocks for assembling a com- 
plete loop. If the components they represent are in series or cas- 


per, the frequency response of the complete loop can be obtained 
by the addition of angles and the multiplication of radii, as men- 
tioned previously, or the transfer function of the complete loop 
may be obtained by multiplication. For instance, if the process 
in question is a type D process and it is to be controlled by pro- 
portional-plus-derivative action the transfer function is 


Kye ~ + Ts) 


(Ts + 1) (Ts + 1) 


K(e~**) (1 + Ty) 


(Ts + 1) + 


The i a a and 5 are used to differentiate the two capac- 
ity-lag gains. As used in the body of the paper (Ki) (Kis) 
(Ky) = K,and Ks = K,. The frequency-response co-ordinates 
for the foregoing process and controller would be 


-180L@ 


- tan — + tan“'Tw.... 


To obtain ultimate conditions merely equate r to 1 at A = 


— =? —180 deg. To obtain M = 2 and M = 1.3 conditions the fre- 
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quency-response curve must be calculated and plotted in the re- 
gion of the M-circles and a tangency produced. There are graphi- 
cal techniques which can be used to determine the K necessary 
to produce tangency to a given M-circle but these will not be 
discussed here. 
This in brief is how the data which have been shown in the 
body of this report were obtained. As mentioned earlier, the 
‘ open-loop frequency-response plots on circular co-ordinates are 
possibly easier to understand on first encounter than other meth- 
ods of presentation but such plots do not lend themselves to syn- 
thesis as well as other methods of plotting do. It is definitely 
not the purpose nor within the scope of this paper to describe a 
method of synthesis but a few words are not out of order. Widely 
accepted and used in the servomechanism field are rectangular 
plots of phase and log magnitude versus log frequency. These 
are convenient for analyzing, combining, and filing test and cal- 
culated data. They also lend themselves to graphical approxima- 
tions of the frequency-response information and thereby by-pass 
most of the calculating labor. Plots of the frequency-response 
curve on rectangular co-ordinates using log magnitude ratio ver 
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Fie. 23. Frequency-Reseonse But_pine Blocks 
sus phase also have advantages over the circular co-ordinate 
plots, after a reasonable acquaintance with frequency response 
is established. 

Example. As an example, consider an air-heating system whose 
loop is assembled in the following manner: The controller output 
operates a 3-way valve which mixes hot and cold water and sup- 
plies it to a finned-tube heater. Air passes over the heater and 
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the temperature is sensed by a mechanical tube system. The 


tube system operates a pen in a proportional-only pneumatic 
controller. 

Taking a trip around the loop the lags and gains might be ana- 
lyzed in the following manner: The resistance in the controller 
output tubing and the capacity in the valve top offer a capacity 
lag which is small in this case, by observation having a time con- 
stant less than '/, sec. The gain is 10 per cent of valve travel 
per psi. Next there is a negligible lag in achieving a new water 
temperature once the valve has been moved but there is a gain of 
100 F for 100 per cent valve travel. Then there is a trans- 
portation lag of 2 sec to get the mixed water to the heater and the 
gain is 1 F/F, assuming the pipe effects little cooling. Once 
inside the heater the distribution to the heating surfaces is 
somewhat complicated and the lags do not fit well into any of the 
simple types discussed but it is known from design data that the 
gain of the heater is 0.6 F change in air temperature per 1 F 
change in water temperature entering the heater. Continuing 
around the loop there is next a transportation lag in the air from 
heater to bulb which from the velocity-distance considerations is 
calculated to be 1'/, sec, and the gain is again 1 as it was for the 
other transportation lag. From previous test data it is known 
that the bulb represents a double capacity lag having time con- 
stants of '/; and 40 sec in air for the velocity at hand and the 
gain, almost by definition, is unity. In view of the other lags in 
the system the controller lag is negligible. 

A review of the loop shows it to have two transportation lags 
which total 3'/, sec, capacity lags whose time constants are 40, 
1/,, and less than '/, sec, and a complicated heater lag. 

For simplification the small capacity lags may be added to the 
transportation lag to give a total of 4 sec. Thus the frequency 
response of every component in the loop may be calculated -ex- 
cept for that of the heater. pit Tan 

The process gain is : 


( 100 F )( )( 0.6 F ) 
psi 100 per cent deg F deg F 
(2.4 6F 
deg F/ \deg F psi 


A step-response curve of the process would suggest that the 
heater acts like a single capacity having a long time constant but 
since it is one of the important lags in the system some frequency- 
response test data could very well be called for. Since there is 
no convenient way to separate it as a unit from the rest of the 
system its frequency response must be found indirectly. This 
can be done by first determining the frequency response of the 
process by test and then removing the effects of the known lags 
and gains by calculation, the remainder being the frequency re- 
sponse of the heater alone. For purposes of completing this ex- 
ample assume the heater was found to behave as a single capacity 
having a time constant of 200 sec. 

Now having complete frequency-response information it is 
possible to investigate cause and effect in whatever direction is 
desirable. Because a frequency-response test on the process has 
been made, the calculated gain and period at ultimate conditions 
will agree with actual gain and period, but if all data were caicu- 
lated then it would be desirable to check these conditions by test 
if possible and then if necessary revise some of the lag and gain 
approximations in order to bring the calculated and actuai into 
agreement, 

While the actual system is made up of a number of lags, it has 
been reduced to a loop approximated by a transportation lag of 
4 sec and two capacity lags of 40 and 200 sec, respectively. Thus 
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TRANSACTIONS OF THE 


OCTOBER, 1952 
= 4s8ec 
= 40 sec 
= 200 sec 


6 deg F 
psi 


From Fi ig. 15 it is seen that the ultimate loop gain is 60; — 
fore the ultimate controller gain is 60/6 = 10 psi/deg F. From 
this figure it is also seen that P/L = 18 or P = 18 X 4 = 72 sec. 
While no data have been presented which show the M = 2 and 
M = 1.3 stability for this particular process, Fig. 13 can be used 
as a first approximation by substituting 7,/L for 1/(LR,). If 
this is done the ultimate loop gain K is 50 which is reasonably 
close to the 60 obtained from Fig. 15, and P/L = 20 which is in 
god agreement with the value of 18 previously determined. The 
values of gain and period for proportional only or proportional- 
plus-derivative control can be determined from this figure with 
reasonable accuracy. 

If the time constant of the sensing element could be cut from 40 
sec to 4 sec (7/L = 1) then Fig. 15 shows that loop gain at ulti- 
mate stability will be somewhat less than previously but not ap- 
preciably, while the period will be reduced to 7L or 28 sec. How- 
ever, there will not be the spread between ultimate gain and pe- 
riod and M = 2or M = 1.3 gain and period that there was when 
the process approximated Fig. 13; the spread will be more like 
that shown in Fig. 6(a). This will result in the controller gain at 
M = 1.3 stability being higher than it was for the slower tempera- 
ture-sensing bulb, even though the ultimate gains are essentially 
the same, and the improvement in period will be even more pro- 
nounced than the 72 to 28-sec ratio indicated. 

Returning to the original system but evaluating a different 
variable, Fig. 15 shows that further increases in the time constant 
of the heater 7 will increase the ultimate controller gain almost 
in proportion without affecting the period of oscillation to any ex- 
tent. This is also borne out by the fact that Fig. 13 is a close ap- 
proximation of the system as it exists and becomes closer as 7;/L 
becomes larger, of course substituting 7;/L for 1/(LR,). 

The same type of reasoning just described can be used to evalu- 
ate the effect of transportation lag or the small capacity lags in- 
cluded in transportation lag, but enough curves have not been 
provided for a quick or limitless evaluation of all variables. It 
was not within the purpose or scope of this paper to provide the 
great variety of curves which would be necessary to study a proc- 
ess fully by the procedure outlined here. 

In this study the frequency response of a particular heater used 
in a particular way was determined. For purposes of simplifying 
the example it was assumed to be a single capacity lag but in any 
instance, whether it is simple or complicated, that information has 
been determined and may be used if the heater is applied else- 
where in a similar manner or may be used as a basis of comparing 
the performance of this heater with another. 

The —1 Point and M-Circles. As explained before, the fre- 
quency response of the complete loop can be established experi- 
mentally by breaking the loop anywhere, conveniently in the 
controller-output line, and imposing a cycle, the relationship be- 
tween the imposed and resultant cycle being the complete fre- 
quency response. If the frequency and loop gain are such that 
the resultant magnitude is identical to the imposed magnitude 
and lags it by a full cycle or 360 deg, then it is obvious the loop 
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could be closed and the cycle would sustain itself, ultimate stabil- 
ity existing. In terms of frequency response this means the 
magnitude ratio is 1 and the phase lag is 180 deg since the other 
180-deg phase lag of the controller has been allowed for in plotting 
the frequency-response curve. Thus the connection of the —1 
point with the ultimate stability becomes obvious. 

Until now all frequency-response information pertained to open 
loops or individual pieces of equipment from which there was no 
feedback. If the loop is closed and the set point is varied sinu- 
soidally there will be a resultant simusoidal variation shown by 
the pen. The ratio of the resultant magnitude to the imposed 
magnitude is the closed-loop magnitude ratio M. M-circles are 
the loci of points representing the same magnitude ratio in the 
closed loop when the open-loop frequency-response data are 
plotted in the manner described. The closed-loop magnitude 
ratio and phase angle are uniquely related to the open-loop mag- 
nitude ratio and phase angle, for the closed-loop magnitude ratio 
is the ratio of the length of the radius vector to the length of the 
vector drawn from the —] point and the phase angle is the angle 
between these two vectors. (Graphs are available for making 
the conversion from open to closed loop or vice-versa. ) 


Discussion 


k. G. Houzmann. In any classification of systems and presen- 
tation of data, some degree of selective sampling is inevitable, and 
the choice will depend largely on the relative importance placed 
upon the various performance aspects. The choice of M-circle 
stability as a performance criterion has gained almost universal 
acceptance in the servomechanisms control field in the last 
decade. This criterion has proved to be of immense value in the 
design of the simpler type of systems. 

Even so, it may not be out of place to utter a word of warning 
for the benefit of the industrial-control engineer who is not too 
familiar with the mathematics underlying the frequency and 
transient-response concepts. In making the transition from fre- 
quency response to transient response, band width plays a part 
that is about as important as the amount of maximum response 
ratio. In using the M-circle criterion, band width is ignored—a 
procedure that is justifiable only because in the majority of prob- 
lems we are dealing with systems that are effectively low-pass 
filters, and because the frequency at M-stability is usually indica- 
tive also of the order of magnitude of the cutoff frequency. 

While it is true that graphical or numerical methods for making 
the transition from frequency response to transient response are 
approximate, the authors’ statement that they are not aware of 
any exact analytical methods is somewhat surprising. The in- 
verse Laplace or Fourier transformation is a tool designed to do 

just that. For example, the transient response, to a unit impulse, 
of a system characterized by the complex frequency response 
_H(jw) is uniquely given by 


A(t) = if Re H(jw) cos wt dw eye 
Jo 


af 


Rurvus OvpensurGer.* This paper emphasizes the great im- 
portance of the frequency-response approach to control problems. 


_ Advantages of this powerful approach are well known. To be up 


to date a designer of automatic controls must have a knowledge 
of frequency-response techniques. 
Important though it may be, the frequency-response approach 


is but one of many tools available to the control engineer. It has 
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limitations which should be borne in mind; in fact, frequency- 
response methods should be used only where indicated. That will 
depend on the nature of the problem. The frequency-response 
approach has the advantage that it can be taught to technicians 
unacquainted with the mathematical theory underlying this 
approach but has the obvious disadvantage that it may be em- 
ployed by incompetent personne! in situations or in a manner not 
justified by the theory. 

The frequency-response approach as we understand it arose in 
the telephone field, where a primary concern is how a system re- 
sponds to periodic inputs. Thus it is desired to transmit the 
human voice without distortion from one place to another, in 
which case the signal at the receiving end is to be in a sense 
identical with the input. The telephone designer must con- 
centrate to a considerable extent on the transmission of sinusoids 
involving the steady-state solution of the differential equations, 
and he often does not care about the exact nature of the transients 
as long as they die out rapidly enough so that they can be neg- 
lected. On the other hand, in the control of a physical variable, 
such as temperature, transients play an important and often 
dominant role. Suppose that the temperature of a system is to be 
kept constant. If there is an undesirable disturbance L, the tem- 
perature is not to respond to L but is to remain constant, in so far 
as possible. If we think of L as information, it is information we 
wish to suppress. It is when the temperature setting is changed 
that we wish the temperature to change also. Changes in tem- 
perature setting as a function of time may be thought of as input 
information and the actual variation of temperature as the out- 
put. Here we have a case of transmission of information. Not 
only is the setting change often nonperiodic, but in a wide variety 
of applications the setting is kept fixed most of the time. While 
it is fixed, one is concerned only with the suppression of responses 
to undesired disturbances. 

Since there is so much emphasis on transients in the design of 
automatic controls, it appears that it is desirable to study the 
transients as directly and accurately as possible. For rough de- 
sign purposes only, certain readily obtained properties of the 
transients, rather than the transients themselves, are needed. 
Some of these follow immediately from frequency-response in- 
formation. 

In the communication field it is customary to design for cer- 
tain gain and phase margins, which are a measure of stability. 
The “servo”’ people do a similar thing when they design on the 
basis of M-curves. This is in a sense equivalent to using the 
Routh stability inequalities and making the convention that if 
a > b is any one of the inequalities to be satisfied, we design our 
system for a > 2b to be on the safe side. The Routh stability 
criterion applies to algebraic equations and therefore does not 
hold for systems with transportation or dead time and cannot be 
applied unless the equation of the system is available. The 
Nyquist stability method does not suffer these disadvantages. 
Application of the Routh criterion to an algebraic equation is a 
very simple computation and can be done much faster than the 
plotting of curves on the Nyquist plane, so that in this sense the 
Routh method is to be preferred when it can be used. 

Although under rather general mathematical assumptions the 
transient solutions can be obtained from the frequency-response 
curves, the actual computation of these curves is a serious matter. 
Various authors have concerned themselves with methods for 
rapidly obtaining important properties of transients from fre- 
quency response curves.*** The writer refers to maximum 

’“Servomechanism Transient Performance From Decibel-Log 
Frequency Plots,” by H. Harris, Jr., M. J. Kirby, and E. F. von Arx, 
Trans. AIEE, vol. 70, part 2, 1951, pp. 1452-1459 

*“Comparison of Steady-State and Transient Performance of 


Servomechanisms,” by Harold Chestnut and R. W. Mayer, Trans. 
AIEE, vol. 68, 1949, pp. 765-777. 
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overswing, the duration of the transient, and similar factors 
Curves have been prepared so that the analyst need but refer to 
them to obtain these properties. Uniortunately, all of the rapid 
techniques for obtaining properties of transients from open-loop 
frequency-response curves or transfer functions are based on the 
assumption that the system is second order, or that there are no 
complex characteristic routs, or that other restrictions of a 
similar nature hold. When the necessary assumptions are satis- 
fied, these techniques are valuable and are not to be minimized. 
However, in the governor and allied fields, where the writer’s 
control experience lies, the systems are almost always funda- 
mentally of the third order or more, even when all possible 
numerically large characteristic roots are discarded, and eco- 
nomic considerations make it often necessary to be satisfied with 
roots that are definitely oscillatory. 

The frequency-response approach thus lends itself to qualita- 
tive studies of system transients, but it is by no means equally 
suited to quantitative analyses of the transients. 

In an old highly developed field, such as the governing of prime 
movers, qualitative information about transients is not generally 
sufficient. Direct study of the transients is indicated, at least to 
the point of obtaining characteristic roots. 
the solution for the roots is not difficult," 
own pecularities. 


By proper techniques 
Each problem has its 
If use is made of these, the solution for roots 
will be very rapid; but unfortunately there is little published ma- 
terial on this subject of help to the control engineer. Analog 
computers are especially useful for obtaining the actual transient 
curves, the plotting of which is a laborious procedure. 

Frequeney-response runs on system components have been 
most useful to the writer’s company for checking transfer func- 
tions, It is our experience that it is desirable to derive these func- 
tions from basic mathematical laws and check the derivations 
with the frequency-response runs. The process of »btaining 
transfer functions by matching transfer functions to experimental 
data is laborious and inaccurate as compared to the derivation 
of transfer functions from basie laws. However, experimental 
frequency responses will show up neglected factors, unsuspected 
nonlinearities, and other equally pertinent information. Thus by 
frequency-response runs we have found a dead time on the order 
of '/is see between the fuel flow at the fuel valve and the speed 
of a gas turbine, a dead time not yet explained by theory. This 
dead time accounted for serious design troubles. The company 
has a mobile truck equipped with a mechanical oscillator, os- 
cillographs, and other devices for making frequency-response runs 
in the field. 

There are situations where limitations of time, or other factors, 
make it necessary to obtain the transfer function experimentally. 
This may involve merely working with the frequency-response 
curves and not actually matching a formula to these curves. The 
transfer funetion so obtained has some disadvantages: (a) Com- 
mon factors in numerator and denominator will not show up in 
frequency-response runs. As an example, consider the transfer 
function f(s) given by 


J(s) = 


relating the variables y and rin the equation Lares 


*°The Analysis and Optimum Synthesis of Linear Servomecha- 
nists,” by Donald Herr and Irving Gerst, Trans. AIEE, vol. 66, 
1947, pp. 959-070. 

'° Principles of Servomechanisms,” by G. S. Brown and D. P. 
Campbell, John Wiley & Sons, Ine., New York, N. Y., 1948. 

‘' “Practical Computational Methods in the Solution of Equations,” 
by Rufus Oldenburger, American Mathematical Monthly, vol. 55, 
June-July, 1948, pp. 335-342. 
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where the primes denote differentiation with respect to time ¢, z is 
the input, and y the output of a physical component. The fre- | 
quency-response runs wil! give the transfer function g(s), where — 
g(s) = 1. If we have a transient where y is initially differen’ from 
z, due, for exampie, to a load disturbance on the system, the 
transient is not y = z, as is to be inferred from g(s), but rather 
y=2+Ce 
for a constant of integration C = 0. 

(b) Another disadvantage of an experimentally determined 
transfer function, and thus a differential equation for a physical 
component, is that it does not show how this differential equation 
is physically derived from others. This may affect the initial 
conditions for the transients, and hence the transients, as we shall — 
illustrate. Consider the equation 


3 
+z 
with the transfer function f(s), where 


2 


This equation will represent, for example, the physical configura-_ 
tion composed of a weight A with co-ordinate y free to move in _ 
the vertical y-direction only, attached to a vertical dashpot B, 
whose other end is fixed, and attached to a spring C, and dashpot | 

D whose other ends are rigidly connected at a point E above A A 
with co-ordinate z, free to move in the vertical direction. Con- 
sider a unit step change in z defined by the relations 


(4 


z=1 
z=0 


2 


4 


t 
t 
z’=0 t 
t 


< 
x’ undefined = 0 


Since 2’ is undefined at ¢ = 0, the differential equation in y and 7 
x is undefined at this instant. We assume that the system is at 
rest fort < 0. We can then obtain a solution for y in the usual af 
manner! with the initial conditions 


+ 
y=y'=0, t=0 = 
The same second-order differential equation in z and y can be 


at 
obtained by combining the equations 


The first equation may be taken to represent an engine a: 
y is the speed of the engine, z the load, and z the throttle position, 
provided proper units are employed. The second equation can 
then be interpreted to be a droop-governor equation. If now we 
make the step change in x employed in the foregoing, we have the 
initial conditions 


a 


y=0,y' = 1,1 


based on the assumption that y = z = Oatt = 0. 

The same initial conditions for y and y’ are obtained in either ; 
ase by replacing the unit step function for z by an approximating __ 
curve with no discontinuities in z and x’, and taking the limit of 


1? “Itroduction to Applied Mathematies,”” by F. D. Murnaghan, 
John Wiley & Sons, Inc., New York, N. Y., 1948. 
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the solution y = y(t) as the approximating curve approaches the. p is a single-capacity one. The intersection between zero 
unit step function. However, there may be cases where different slope and the slope of one-half gain per frequency double deter- 
initial conditions are to be used for the different physical situa- mines the time constant. 

tions. The assumptions y = z = 0,7 = 1 att = 0* and the two 
first-order equations determine y' at t = 0*, whereas the combined 
second-order equation with y = z’ = 0,z = Latt = 0* does not 


‘ 
3 
determine y’, but only the value 1 of the combination y” + - y’. 
2 
_ If we choose y’ = 0, we have y” = 1 so that the step change in z 
affects y” but not y and y’. 


The authors are to be congratulated on their excellent exposition 
of certain aspects of the frequency-response approach, 


W. E. Vannan."* Perhaps the greatest task we have at present 
_ in the application of the frequency-response technique is that of 
education. The authors of this paper have made a significant 
contribution to the required education by a clear presentation of 
the fundamentals with a minimum of mathematics. Figs. 1, 2, 3, 
and 4 of the paper and the corresponding text are excellent basic 
reference material for the engineer who wishes to understand. 

They constitute a translation of previously published material 
which has examined thoroughly the theoretical background. 
Previous authors on the subject have found it necessary to ex- oe ' 
plain the fundamentals of the technique before presenting appli- ¢ 
cation. With the fundamentals now well covered, we look for 
ward to papers reporting on applications. As a step in this direc- = eee H 
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Fie. 27 Gatn Piotr or CLosep Loop 

In Fig. 26 the frequency response of a controller is plotted on 
the same co-ordinates as those of Fig. 25. Reset action is evi- 
denced by the portion of the curve coming in at a slope of one- 
half gain per frequency double to intersect the proportional gain 
of the controller at a frequency which is a measure of the reset time 
constant. 

The process is known to have a transportation lag L, of 0.1 
sec. Time constants are taken from Figs. 25 and 26. Hence 


L 
T; 


T = 0.77 sec (Fig. 25) 


= 0.05 sec (Fig. 


T, = 06sec (Fig. 26) 


™~ Application of these values to the curves given in the paper in- 
L. L # dicates that the period will be 0.6 sec at M = 2, and that the con- 

FRE QUENCY - RAOMNS / SECONDS troller gain must be doubled to go from M = 2 to ultimate sta- 
Fic. 25 Gatn-Puase Piotr or Flow Process bility. Both of these indications agree with our observations 
within 85 per cent, although the absolute values of indicated 
controller gain do not check closely. The frequency (gain only) 
response of the closed loop is shown in Fig. 27. 


tion and as an illumination of the present paper, we offer a simple 
example of application. 

Fig. 24 of this discussion is a block diagram of a flow-control 
system. The broken lines show the points at which sinusoidal Autuors’ CLosuRE 
disturbances may be applied and measured. 

Fig. 25 is the frequency response of a flow process with gain 

; (output magnitude) /(input magnitude) and frequency of applied 
sinusoidal disturbances plotted on logarithmic scales, and with 
phase shift between output and input plotted on a linear scale 
superimposed along the right of the graph, Plotting of the fre- 
quency response on these co-ordinates produces curve shapes 
which reveal significant characteristics. For instance, the ob- 
served slope of one-half gain per frequency double indicates the 


The authors wish to thank each of the discussers for his interest 
in the paper. Several points have been raised which will be dis- 
cussed as follows: 

The authors are grateful to Mr. Holzmann for emphasizing an 
unintended interpretation which might be applied to the state- 
ment in the paper regarding exact transient solutions. The inter- 
pretation intended was that there is no way of obtaining the exact 
transient response from frequency-response data in tabular or 
graphical form. Unless H(jw) is known analytically the inverse 

13 Research and Development, The Foxboro Company, Foxboro, Fourier transform must be approximated by numerical methods 
and hence is not exact. 
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It is not clear to the authors how Mr. Holzmann has connected 
band width to stability; perhaps he has reference to the effect the 
shape of the curve near M-circle tangency has on the character of 
the transient. 

The authors are in full agreement with Mr. Oldenburger when 
he states that the frequency-response method is but one of several 
tools which can be used in automatic-control studies, that each 
tool has its limitations, and that each problem has its one best 
method of attack. However, only one tool meets the require- 
ments of simplicity, versatility, and sufficient accuracy essential 
for wide-scale industrial usage, and that is the frequency-response 
tool. 

The transient response is the information of interest to the in- 
dustrial-control engineer. The authors find that in every case 
treated in the paper for which exact transient data are available, 
the agreement between transients predicted from M-circles and 
the exact transient solution is good. Thus the use of M-circles as 
a rapid conversion technique is not limited to second-order sys- 
tems or to systems with complex characteristic roots. The only 
restriction that the authors are aware of is that, if the curve is 
peculiarly shaped in the stability region, the rapid conversion 
techniques become less reliable. As yet the authors have not en- 
countered a physical system with this peculiarity. 

Mr. Oldenburger’s approach to an industrial-contro] problem is 
somewhat different from that of the authors. Rather than writ- 
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ing theoretical equations and then complementing them with test 
data, the authors find it easier to obtain test data and then com- 
plement ther with theory. Perhaps the basic difference is in the 
type of system studied. This different approach places emphasis 
on different phases. ‘f the data are obtained first then they can 
be handled by well-known and rapid techniques without curve- 
fitting to determine the transfer function. Thus the opportunity 
of using the Routh stability criteria empirically would never exist 
The only occasion for writing the transfer function would be to 
place it in a computer to determine a more accurate transient than 
that available from M or gain and phase-margin criteria. 

The authors have not as yet experienced the disadvantage of ex- 
perimentally determined transfer functions that Mr. Oldenburger 
mentions. If the input-output transfer function is incomplete 
because of the possibility of intermediate load disturbances, — 
then the load-output transfer function can be determined experi- — 
mentally and incorporated in the study. : 

Mr. Vannah’s comments in support of the simplicity of presen- 
tation is encouraging; his example of application is a valuable | 
addition to the paper. 

Frequency-response techniques will by no means answer all 
questions which arise in connection with the dynamics of indus- _ 
trial automatic-control systems, but they represent a sizable step 
in that direction. With this everyone seems to be in agreement. 
The problem currently is one of accumulating usable data. 
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The Effect of High-Frequency Sound Waves 


Air-Propane Flame 


This paper describes measurements of normal flame 
velocity of propane-air mixtures by the “burner method.” 
The experimental burner was so arranged that high- 
frequency sound could be introduced into the burner and 
allowed to travel through the gas-mixture column and 
combustion zone. Experimental measurements indicate 
that high-frequency sound does not change the magni- 
tude of the normal flame velocity. Visual observations 
disclose a change of combustion-zone configuration of 
sound-influenced flames from the usual “‘cone”’ to a flat- 
tened bowl shape for laminar flames, and to a suspended 
violently agitated zone in the case ot turbulent flames, both 
possessing remarkable stability. 


INTRODUCTION 


r “HERE is considerable literature on the theory flame propa- 
gation in the case of so-called “stationary” flames burn- 
ing on the rim of a tubular burner. This material is well 

presented by Lewis and von Elbe (1),* Jost-Croft (2), and others. 

These authors also discuss the burner method of normal flame- 

velocity determination. A considerable amount of work has been 

performed on studies of the effect of electric fields of both constant 
and alternating voltages applied both longitudinally and trans- 
versely on combustion zones. Work of this character is reported 
by Malinovski and co-workers (3), Haber (4), and others. Ex- 
perimental work is reported by Hannemann and Ehret (5), on the 
effect of low-frequency, high-intensity sound on the combustion 
process. The effect of sound on flame stability is reported by 

Markenstein (6), and by Loshaek, Fein, and Olsen (7). The last 

authors also report effect on normal flame velocity. 

The term “normal flame velocity’ as used here alludes to the 
velocity at which a stable flame front advances normally to itself 
relative to the unburned mixture flowing from a burner tube. 
The work herein reported was an attempt to assess the influence 
of high-frequency sound waves of considerable intensity on the 


combustion process and, in particular, the effect on normal! flame 


velocity. 
EXPERIMENTAL ARRANGEMENTS 


The first requisite for this study was the production of rather 
large intensity-high frequency sound waves and a method of ap- 
plying or coupling these disturbances to the combustion sys- 
tem. 


The production of waves at the frequencies desired [in the 

1 Associate Professor of Mechanical Engineering, Washington 
University, St. Louis, Mo. Jun. ASME. 

? Dean, College of Engineering, University of Missouri, Columbia, 
Mo. Mem. ASME. 

3 Numbers in parentheses refer to the Bibliography at the end of the 


paper. 

Contributed by the Gas Turbine Power, Fuels, and Applied 
Mechanics Divisions and presented at the Annual Meeting, Atlantic 
City, N. J., Novernber 25-30, 1951, of Tue American Society or 
MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Au- 
gust 4,1949. Paper No. 51—A-112. 
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ultrasonic range roughly from 20 kilocycles (ke) per sec up] can 
be achieved by a variety of arrangements. 

The prime difficulty the experimenter meets, however, is the 
effective coupling of the vibrating source to the system. The 
effectiveness of coupling varies in direct proportion to the acous- 
tical resistance of the medium (pC ~ product of medium density 
and velocity of sound) (for solids pC ~ 1.5 X 10°, liquids pC ~ 1.5 
X 10°, gases pC ~ 40). Effective coupling of the piezo and mag- 
neto-striction apparatuses at the intensities and frequencies re- 
quired for this study is virtually impossible. The final choice of 
the sound generator was thus limited to one producing the waves 
directly in a gaseous medium. The only unit capable of meeting 
the requirements set out at the time of this investigation, was a 
Hartmann-type gas-current generator. This choice was of 
necessity a compromise, the main items sacrificed being fre- 
quency regulativn and wave form of the produced sound. 

The principle of the Hartmann generator is not generally well 
known, so a brief résumé seems justified. The reader is referred 


_ to Hartmann’s (8) original paper for more complete detail. The 


operation of this generator depends upon the inherent instability 
of a jet of gas discharging from a straight-sided or convergent 
nozzle into a region of subcritical pressure to form the disturb- 
ances waves. The curve of impact-pressure variation with dis- 
tance from the nozzle assumes a dampened sinusoidal shape. 
Thus a cavity or resonator body, axially aligned with the jet 
axis, and introduced at one of the pressure peaks, alternately fills 
and empties with a definite period, depending primarily on the 
volume of the cavity. This alternate filling and emptying of 
the cavity sets up a sound wave which is propagated through 
the gaseous medium. 

A generator of the Hartmann type was designed to produce 
sound at frequencies of approximately 20, 40, and 100 ke. Tests of 
the jet nozzles and resonators constructed revealed the actual fre- 
quencies produced to be approximately 26.4, 44.8, and 57.5 ke. 

In the first part of this investigation the propane-air mixture 
was allowed to expand through the sound-generator nozzle, the 
entire system being confined within an enclosure to collect the 
spent gas and to conduct it through the burner tube to the com- 
bustion zone. This experimental arrangement is shown in Fig. 1. 
Maximum sound intensity could be applied to the combustion 
zone in this manner. This direct application required a compro- 
mise since the flow rate of propane-air mixture was fixed quite 
definitely both in maximum and minimum by the pressure and 
rate flow requirements of the sound producing jet. The quanti- 
ties of mixture burned were thus dependent upon the experi- 
mental] frequency. 

It is apparent that for any particular mixture composition, the 
supply velocity for stable flames lies in a very narrow range. 
Thus with the fixed flow rate dictated by the requirements of the 
sound generator, the diameter of the burner had to be adjusted to 
yield suitable supply velocities. This resulted not only in a rather 
cumbersome experimental arrangement, but also limited this 
phase of the investigation to turbulent-mixture flow. 

Some considerable difficulty was experienced owing to flame 
fluctuations induced by this turbulence. These flames were 
photographed by means of ordinary speed motion-picture photog- 
raphy. Mean combustion-surface areas were evaluated from a 
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sample of 10 frames chosen at random from a population of 300 to 
400 frames and analyzed to determine the areas of each flame. 
The mean area was chosen as the numerical average of the ten 
samples. A check of sample size of 20 and 30 frames from the 
same population showed a maximum change in the mean of 7 per 
cent. The maximum deviation from the mean of any individual 
sample was 14 per cent. From areas so determined and the pro- 
pane and air flow rates, the normal flame velocity and mixture 
composition could be determined. 

Laminar flames were investigated by separating the air-driven 
sound source from the burner-mixture supply by means of a thin 
membrane. Experimental measurements showed transmission of 
sound waves of considerably smaller amplitude to burner mouth. 
Fig. 2 shows this experimental arrangement. ° 

Since the mixture flow rates were quite smal! and little fluctua- 
tion of the flames was noted, single still photographs for combus- 
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tion-zone-area determination were taken once steady-state condi- 
tions had been achieved, and normal flame velocities were cal- 
culated in the usual manner. 

The introduction of flexible membranes between the sound 
source and the burner tube did without question distort the wave 
forms to an undetermined degree, as well as considerably diminish 
the sound intensity. 


EXPeRIMENTAL MEASUREMENTS 


The calculation of normal flame velocities can proceed when 
the quantities of gas-air mixture flows per unit of time and the 
area of the combustion zone are established. The flow rates of air 
and propane were measured by means of calibrated flowmeters, at 
measured pressure and temperature conditions. Thus both 
volumetric and weight flow rates could be calculated. 

Determination of combustion-zone area was accomplished from 
measurements of enlarged photographs. Unsounded flame areas, 
closely approximating cones, can be computed easily from photo- 
graphs showing flame cross section. In the case of sounded 
flames it was necessary to apply a graphical construction on the 
basic photograph before planimetering because of rounding of 
flame shape. 

The average normal! flame velocity over the entire combustion 
zone can then be calculated by application of the continuity prin- 
ciple a 

W,, = (W, + We) = 0,7. = const H 


ViS 


Thus 

aH Sari 

where 


+ Up 


"ato 


W = weight rate of flow, lb per sec 
v = volume rate of flow, cfs 
Y = specific weight of gas, cu ft per lb 
V, = average normal flame velocity, fps 
S = surface area of combustion zone, sq ft 


Subscripts: 


a = air at inlet condition 
P = propane inlet condition : 
m = mixture at inlet conditions 


The normal] flame velocities reported in this paper are corrected 
to standard inlet conditiens, 29.92 in. Hg pressure and 70 F. 

These flame velocities are plotted against per cent theoretical 
air. 

The determination of the sound-characterizing quantities, fre- 
quency and intensity, concluded the experimental quantities re- 
quiring measurement. Considerable search revealed no ready 
solution to the sound-intensity measurement—in fact, only a very 
rough estimate of sound intensity above a vibrating membrane 
was attempted using a hot-wire anemometer. This indicated an 
order of magnitude of about 1 milliwatt per sq em. Sound-fre- 
quency determinations were made using the standing-wave 
method in a horizontal tuned tube, with a liquid layer as an in- 
dicating agent. Half-wave lengths thus measured combined with 
velecity of sound yielded estimates of sound frequencies. 


VisvuAL OBSERVATIONS 


Several interesting phenomena were noted while experimenting 
with sound-affected flames: 


1 In most cases turbulent flames subjected to high-frequency 
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direct sound radiation tended to lift from the burner rim and to 
burn with considerable agitation, but remarkable stability, in a 
suspended position approximately | diam above the burner rim. 
Special flow-straightening and stilling devices had to be intro- 
duced to seat the flames. A quantitative estimate of sound in- 
tensity made by visual observation of the tuned-frequency-de- 
termination tube gave a positive indication of sound waves, but 
of diminished magnitude due to blocking by these flow-straight- 
ening devices. 

2 In the case of laminar flames influenced by sound waves the 
combustion zone was changed from a quite sensitive cone shape 
to an inherently stable flattened-bow! shape, Fig. 3. This di- 
rectly extends the work of Hannemann (5) to these considerably 
higher frequencies. 


Bow. or Com 
Laminar Fiames IneLveNncep BY Sounp Waves 


ResULts 

The normal flame velocities calculated from the experimental 
data are shown in Fig. 4. Both the turbulent- and the laminar- 
flame velocities are shown in this illustration as functions of per 
cent theoretical air. 

The solid curve drawn through the mean of the laminar-flame 
data exhibits the characteristic peak or maximum flame velocity 
near the stoichiometric-mixture composition. The values ob- 
tained check quite well with the work of other experimenters. It 
should be noted that the points representing the flames influenced 
by 44.8-ke-per-see sound lie within the normal scatter of points 
from the mean. Therefore it must be concluded that the normal 
flame velocity of sounded laminar flames was not changed in this 
particular study. This fact stands despite the shape change of 
the combustion zone previously cescribed. 

The dashed curve in Fig. 4 is drawn through the mean of the 
data taken = oe flames. This mean curve again ex- 
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hibits the peaked shape at very slightly fuel-rich mixture. The 
value of the maximum velocity is somewhat greater than the 
laminar maximum. Application of the criteria for estimating 
turbulent-flame maximum norma! velocities (9) yields theoretical 
results 15 per cent greater than those found experimentally in 
this study. The tendency of the maximum point shift toward 
richer mixtures for turbulent flames is reasonable and may be ex- 
plained as due to enhanced mixing with surrounding air. The ex- 
perimental points representing sound-influenced turbulent 
flames lie within normal scatter limits and do not depart system- 
atically from the nonsounded data. This leads to the conclu- 
sion that sound within the range of frequencies and intensities 
used in this study does not change the normal flame velocity of 
simple laminar- and turbulent-burner flames. 


SumMMarRY 


1 Experimental measurements of normal flame velocity made 
»y the burner method indicate that high-frequency sound waves 
within the range used have little or no effect on this important 
parameter. This was verified for flames formed on a burner tube 
n which the flow Reynolds number was above and below the 
ower critical limits (turbulent and laminar flames). 

2 Visual! observations indicate that while resultant flames are 
of a dissimilar nature as regards shape and configuration of the 
combustion zone, high-frequency sound tends to stabilize the 
flames against blowoff or flashback due to small external or in- 
ternal perturbations. 
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Discussion 


G. H. Markstein. The results presented in this paper appear 
to confirm a conclusion reached in previous work,*~* namely, that 
burning velocity is not affected by sound. The frequencies em- 
ployed in these studies range from less than 100 cycles per sec 
to more than 50 kilocycles per sec, but leave wide bands of 
frequencies unexplored. Therefore the possibility that effects 
of sound on chemical kinetics and/or transport phenomena and 
thus on burning velocity may occur for other frequencies cannot 
be excluded; coupling phenomena between sound and chemical 
reactions have indeed been contemplated. '¢ 

No agreement seems to exist, however, with respect to the 
effects of sound on flame shape. It would seem desirable that in 
future studies of this nature visual and conventional photographic 
observation of the flame be supplemented by spark shadowgraph 
or schlieren photography, in order to ascertain whether the flame 
surface actually remains smooth and stationary in spite of the 
presence of high-frequency sound disturbances. Exploration of 
the flow field by means of particle or smoke traces may also help 
to understand the peculiar changes of flame shape observed in the 
present study and by Hannemann and Ehret, as well as the lift- 
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ing that occurred in the present work only for turbulent flames 
but which was observed by Loshaek’** with laminar flames. 

The conclusi ched by the p t authors regarding the 
effect of sound on blowoff and flashback stability is at variance 
with the results of Loshaek, et al.,”** that were obtained in very 
careful and quantitative work; moreover, it does not seem to be 
substantiated by their own experimental results. 

It may be worth while to mention that although the effects of 
sound waves on burner flames appear to be of minor significance, 
flames burning in tubes were found to be affected by sound to a 
much larger extent, regardless of whether the sound was applied 
artificially"! or whether it was generated spontaneously by the 
flame.'*'* The essentially negative results of the work on burner 
flames would seem to confirm the writer’s opinion’ that the 
phenomena which occur in tubes should be ascribed primarily to 
variations of flame-surface area rather than of burning velocity. 


A. A. Putnam.” An interesting question regarding these tests 
is brought up by the similarity between the shape of an acousti- 
cally disturbed flame front, as shown by Markstein’s'* photo- 
graphs, and the shape of the turbulent flame front, as shown by 
Karlovitz, et al.; the distortions of the fronts given by both 
workers are of approximately the same size. Since Markstein 
used frequencies below 1000 cycles, we may ask what distortion 
in flame front should be expected when an ultrasonic frequency is 
used. 

Tf a value of jet velocity of about 4 fps, and a sound frequency 
of 50 ke are assumed, sound pulses wil] pass through the flame at a 
spacing of about '/,in. However, these pulses will not affect the 
flame directly. The effect will occur through the production of 
vortexes, at the boundary of the stream, as shown by Markstein. 
The spacing of vortexes and their size will be not '/, in., but about 
0.001 in. Thus, whereas low frequencies produced disturbances 
large compared with the laminar-flame thickness of about 0.01 
in., ultrasonic frequencies may produce vortexes much smaller 
than the laminar-flame thickness. This means that we should no 
longer use equations such as Shelkin’s" large-scale equation 


for the prediction of the effect of the turbulent velocity, u’, on the 
ratio of turbulent to laminar-flame speed, because this equation is 
based on the concept of a distorted flame front. We should use a 
relation such as that given by Shelkin for small-scale turbulence 
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which, it may be seen, includes a scale term l. 

In tests at Battelle on an apparatus similar to that used by 
Kippenhan and Croft, but with the combustible mixture driven 
by the bottom plate of the resonator cavity, an intensity of 5 watts 
per sq cm was attained at 20 ke. Using the root-mean-square 
velocity corresponding to this intensity as the measure of tur- 
bulent intensity, and the scale previously estimated, Equation [2] 


becomes 
F, 
Vi+ 


Although this indicates a large effect of the sound, not only is 
the estimate too large because of the assumption that all of the in- 
tensity appears in vortex generation and that there is no dissipa- 
tion, but the effect is confined to a region of the flame of about the 
size of the vortex. Therefore the effect on average flame speed 
would be imperceptible. 

Ultrasonics do have an effect on flow pattern, however, as many 
investigators have shown. This phase of the problem appears 
worthy of further i inve stigat ion. 


10 =3.3.... [3] 
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We wish to thank the discussers for sheir thoughtful and stim- 
ulating discussions. The authors agree with Dr. Markstein that 
more elaborate techniques for observing the flame fronts such as 
schlierer or shadograph are much needed in order to interpret 
the exact nature of the flame front under the influence of high- 
frequency disturbances. 

An attempt was made to study quantitatively the stability 
limits. However, the experimental apparatus was not well suited 
for such a study; hence it was decided to place the main emphasis 
on normal flame velocity. The term stability is perhaps unoppor- 
tunely chosen when suspended flames, lifted from the burner 
mouth, are discussed. Such suspended flames fa!l in the region 
between flashback and blowoff limits, but were not useful for 
study of normal burning velocity. 

The phenomena qualitatively observed in combustion cham- 
bers, where high gas velocities require use of flame-holding de- 
vices, seem to indicate a much larger and more complex interac- 
tion between sound waves and the combustion front. The effects 
observed on burner flames fail to provide an answer to this most 


critical problem. 
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. YORK' ano H. E. STUBBS,* ANN ARBOR, 


This paper on an ee method for de- 
termining the size distribution and velocities of drops in a 
spray. Photographs are taken of a small known volume 
of the spray, and the images of the drops are counted and 
measured to give the size distribution. Velocities are 
determined by taking two exposures on the same film and 
measuring the displacement of the drops in the interval 
between exposures. Since a photographic method does 
not require any objects in the spray, the results are free of 
bias from disturbances of the flow pattern. The tech- 
nique is applicable to sprays in which the diameters of 
drops range from 15 to 500 microns and gives results which 
differ by less than 20 per cent from the metered values of 
total flow rate. 


INTRODUCTION 


HE study of sprays and their properties has been hampered 
»v difficulty in obtaining trustworthy measurements of the 
number, sizes, and velocities of drops at various locations 
within a spray. Many attempts to evaluate the character of a 
spray have been concerned only with the distribution of the flow 
and give no information about the drops. An example is the 
patternator, which operates with cups placed at various locations 
in the spray. After the spray fills the cups for some period of 
time, the contents of each cup can be measured to evaluate the 
flow rate at that location. Other methods of analysis attempt 
to measure the number and size of the drops of a spray. Most 
of these depend on physical sampling of the spray or on the scat- 
tering of light by the spray. Physical sampling is usuaily ac- 
complished by having drops impinge on cups or microscope 
slides in the spray or by sucking them out of the spray through 
a tube. The captured sample can then be analyzed leisurely 
for number and size of drops. These procedures are untrust- 
worthy because it is questionable if the sample analyzed is rep- 
resentative of the original spray. 
The work of Langmuir and Blodgett,’ Sell,‘ and others, 57 
indicates that any impingement process discriminates against 
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s of Sprays 
MICH. 
capturing small drops. Analyses based on light scattering are 
free of the bias arising from impingement, but the interpretation 
of light-scattering data is extremely difficult when the drops of 
the spray are not in a very narrow range of sizes. Furthermore, 
any interpretation depends on a long chain of theory containing 
questionable assumptions. None of these methods gives any 
information about drop velocities. 

The photographic method of spray analysis here described 
was developed to give spray measurements which are not biased 
by physical sampling and which are susceptible to direct inter- 
pretation in terms of number, sizes, and velocities of the drops. 


DeraiLs or Metnop 


Principle. In the photographic technique of spray analysis, 
pictures are taken of a smal] volume in the spray without dis- 
turbing the flow pattern with any objects. The drop images on 
the film are measured and counted, giving the size distribution 
of drops in the small volume of the spray (the spatial distribution ). 
For most applications, however, the information desired is the 
size distribution of drops passing a cross-sectional! area in a unit 
time (the temporal distribution). Since the temporal distribu- 
tion is the product of the spatial distribution and the average 
velocity of drops of each size, it is necessary to measure drop 
velocities to obtain the temporal distribution. Therefore we 
take double exposures of regions in the spray with a small known 
interval between exposures. The resulting photographs show a 
pair of images for each drop, one image made at each exposure. 
The velocity of each drop can be calculated from the distance 
between images and the interval between exposures. 

Camera. The camera is a light-tight wooden box with a re- 
ceptacle for film holders and a viewing screen on the back and a 
threaded fitting for a lens in front. The lens is an Argus Coated 
Cintar with a 50-mm focal length and f/3.5 aperture. Although 
the lens and front part of the camera are wet by the periphery of a 
wide-angle spray, no special precautions have proved necessary 
to prevent the entry of water. The lens fittings are normally 
lubricated with a heavy grease, and this evidently has been a 
sufficient barrier to the water. The optical properties of the 
lens are not distorted seriously by the water on the front surface. 

The distance from the lens to the film is such that there is a 
magnification of 10 (about 20 in.). This magnification produces 
images of a convenient size and also gives virtually the best reso- 
lution obtainable with a given lens. 

Film. We have used Kodak Contrast Process Ortho film be- 
cause it has high contrast and high resolution. The high con- 
trast makes close control of the illumination necessary. 

Illumination. The open-shutter method is used in all photo- 
graphs. The camera shutter remains open, and the length of 
exposure is determined by the duration of the illumination. For 
the light source we have used a ‘‘Photolight,’"* which produces 
light by the discharge of a capacitor through an arc, the duration 
of useful illumination being about 1 microsecond. In the early 
stages of the development of this technique we placed the photo- 
light so that the light reflected from the drops into the camera. 
The photographs taken with this arrangement showed images 
which were reflections of the light source in the surface of the 
drops. The size of the image was not easily related to the size 
of the drop and we abandoned this arrangement in favor of one : 


* General Electrical Photolight, Catelog 9364688G1, 
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in which the light shines directly into the camera giving a sil- 
houette picture with the background illuminated and the drops 
appearing as shadow, In the arrangement we now use, the light 
from the photolight passes through a water cell onto a ground- 
glass diffusing screen, then through the spray and into the camera 
as shown in Fig. 1. Fig. 4 shows the resulting photograph. The 
water cell is a lucite vessel with flat sides containing a solution of 
nigrosin to control the intensity of illumination. 


PHOTOLIGHT 
WaTEP CELL 


hic. 1) ARRANGEMENT oF ELEMENTS 


The concentration of nigrosin required for correct exposure | 


varies as different parts of a spray are photographed. The con- 
centration can be adjusted by trial exposures, but this procedure 
is inconvenient since the result of each adjustment is not known 
until after the film is processed. A photoelectric cell cannot be 
used directly for immediate 
illumination because it will not respond to the high intensity and 
short duration of the light from a photolight. We have therefore 
used the following method to permit immediate measurements with 
a photoelectric cell to adjust the nigrosin concentration: 

By a series of trial exposures we established the correct nigrosin 
concentration for one point of a spray. Leaving the spray and 
nigrosin unchanged we placed a photoelectric cell at the plane of 
the film and an incandescent light so that it would shine through 
the water cell, spray, and into the camera. The reading of the 
photoelectric cell was taken as a measure of correct exposure 


conditions, and for any other photographs the nigrosin concen- _ 


tration is adjusted to give the same reading. The diffusing screen 
makes the illumination of the spray more uniform. 


Mertnop or Countina Drops 


4 
After the films are processed the negatives are placed in a Jones 


and Lamson bench comparator and projected onto a ground- 
glass screen. The projection produces a magnification of 10; 
hence the image on the screen is 100 times the size of the drop. 
An operator then classifies the drops by sizes and counts the drops 
of each size. This gives the spatial distribution. 

The volume of the spray which is photographed with one ex- 
posure is bounded in two dimensions by the view of the camera 
and in the third dimension by the depth of field of the optical 
system as shown in Fig. 2. The extent of depth of field is not 
as sharply defined as is the extent of field of view. The images 
of drops that are successively further from the object plane are 
more and more blurred. The operator who sizes and counts the 
images must judge from the amount of blur whether a drop is 
within the arbitrary limits of the depth of field, In the early 
stages of the development of this technique, judgments of various 
operators did not agree, and the judgment of a single operator 
changed over a period of time. To co-ordinate the judgments of 
various operators over a period of time, we made “standard 
images.’ These are images of various sizes of drops known to 
be at the limit of field depth. They are projected on the screen 
along with images of the drops to be sized and counted. Thus 
an operator needs to judge only whether a given image is more 
or less blurred than a standard image of the same size. 
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The standard images were selected by comparison with a 
series of photographs of glass fibers having diameters in the same 
range as the diameters of the drops of the spray. Between 
photographs, the lens of the camera was advanced on a screw 
toward the fibers. The photographs thus showed the fibers at 
successive locations in the field of the camera. Since the move- 
ment of the lens was known, the photographs indicated the degree 
of blur corresponding to a certain distance from the object plane. 
A convenient limit of field was chosen and the 
images of fibers provided a measure of permissible blur for each 
diameter. Drop images with the same amount of blur were 
then chosen as standard images for each size. 

The depth of field for any fixed blur depends on the lens aper- 
ture. If the depth of field is to be maintained constant for a 
series of photographs, the aperture must remain unchanged and 
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CAMERA 


ARRANGEMENT FoR Dovus_e Exposure 
the illumination must be controlled some other way. This is why 
a water cell is used rather than a variable aperture. 


MEASUREMENT OF VELOCITIES 


Drop velocities are measured by means of double exposures 
necessitating two flashes of light. Since the interval between 
flashes must be less than the recovery time of a photolight, two 
are necessary, One firing after the other. The light beams are 
brought into the spray from the same direction by using a half- 
silvered mirror as a beam splitter. Otherwise, the optical ar- 
rangements are the same as when single exposures are made. 
Fig. 3 shows the arrangement and Fig. 5 a typical photograph. 
The interval between flashing of the first photolight and the second 
is controlled by an electronic delay unit. The circuit diagram 
for this is given in Fig. 6. The exact length of the interval is 
not critical, but it must be reproducible. If the delay is very 
long it becomes difficult to associate the two images of a single 
drop. If the delay is very short the movement of the drops is 
difficult to measure, and small uncontrollable delays inherent 
in the flash units themselves become significant. A delay of 
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Fic. 5 Dovete Exposure ror Vetociry 
MEASUREMENT 


Fis. 6 


25 microseconds proved reasonable for the optical arrangement 
_ decribed here and drops moving about 20 fps. 

After making several unsuccessful attempts to calibrate the 
delay unit using electronic timing equipment, we turned to a 
mechanical! calibration which has been quite successful. In this 
method a double-exposure photograph is taken of a rotating 
saw blade. The arrangement is exactly the same as shown in 

_ Fig. 3 except that the rotating saw blade replaces the spray. 
_ By measuring the angular velocity of the saw and the distance a 
tooth moves between exposures, the interval between flashes can 
calculated. 

The negatives with the double exposures of drops are placed 
- the comparator and the displacement of pairs of images is 


j 


recorded as a function of drop diameter. From this information 
the average velocity in each size range is obtained and then this 
is used to calculate the temporal drop-size distribution. 
By repeating the whole procedure described in the foregoing 
at successive locations in the spray, the character of the whole 
spray can be determined. 


REsvutTs or ANALYSIS OF A SPRAY 


The results of this analytical method as applied to a Monarch 
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simplex nozzle spraying water at the rate off200 Ib per br are 
shown graphically in Figs. 7, 8, 9, and 10. This nozzle has a 
hollow-cone spray that is symmetrical about an axis. The 
character of the spray 6 in. from the nozzle tip and at different 
angles from the axis is shown. 

Fig. 7 shows the average drop-velocity pattern. At a distance 
of 6 in. from the nozzle tip the velocity is far from uniform, This 
indicates that the drops are moving at velocities considerably 
different from that of the surrounding air. Fig. 8 shows the 
temporal drop-size distribution. In this figure the number of 
drops per centimeter, per steradian, per cubic centimeter of flow . 
is plotted against size of drop for various locations in the spray. 
Such a plot is not of immediate use in spray applications but it is 
of interest in making complete comparisons between nozzles 
and in design of nozzles. The ordinate f in this plot at diameter 
z and angle a is 


1 


as Az and w approach zero; n is number of drops with diameter 
between z and z + Az passing across a surface having solid 
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angle w with respect to the tip of the nozzle while the quantity 
of fluid q is sprayed through the nozzle. If the function f is 
integrated over all drop sizes and all solid angles, the result will Fic. 9 Distrisution 
be the total number of drops produced in the spray for each cubic 
centimeter of fluid sprayed. 

We have chosen to present this plot and the succeeding ones in 
terms of unit solid angles rather than in terms of unit cross-sec- 
tional area. If the functions plotted were in terms of cross- 
sectional area, they would change radically as the distance from 
the nozzle changes, reflecting the divergence of the spray instead 
of any fundamental change in the character of the spray. When 
the functions are expressed in terms of solid angle it is possible 
to compare directly data taken at different distances from the 
orifices of nozzles. 

Fig. 8 contains all the distribution information about the spray 
From it can be derived the mass or surface distribution through- 
out the spray, the specific surface, the total surface, or any other 
distribution information desired. Some of the information deriva- 
ble from the distribution curves is given in Figs. 9 and 10. 

By integrating the surface and volume distributions over the 
whole spray, values can be obtained for the total surface and 
volume produced in the spray in a unit of time. Since the volume 
per unit time entering the nozzle can be obtained independently | | 
by metering the flow, it is possible to check the over-all accuracy ‘0 25 30 35 40 45 sale 
of the analysis by comparing the two values. For this analysis a a 
the discrepancy was less than 20 per cent. 4 1a. SURFACE 
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Discussion 


We have determined drop velocities and the spatial size dis- 
tribution from different series of photographs because the double 
exposure necessary for velocity measurement tends to obscure the 
smaller drops. This effect is less objectionable in velocity meas- 
urements, since a fraction of the small drops will suffice to de- 
termine the average velocity of such drops. For a spray which 
diffuses little light and consequently gives very sharp drop 
shadows, or if only larger drops (over 50 microns) are of interest, 
it might be feasible to use double exposures for both distribution 
and velocity measurements. 

The number of photographs which must be taken and drops 
which must be counted rise sharply as the desired accuracy 
increases. The problem is a statistical one. 

Even though a large part of the work of an analysis can be 
made routine, and does not require highly trained personnel, 
it is still quite laborious to apply the technique described in this 
paper to a large number of points throughout a spray. In many 
applications it may not be worth while to obtain the detailed 
quantitative analysis of which the method is capable. Often 
the effort can be better spent getting semiquantitative informa- 
tion at a few points of a spray which would be sufficient to indi- 

cate the trends and general! nature of the spray. Adaptations 
of this method also might be used to examine the mechanism of 
formation of a spray or its behavior as it impinged on an object 
or at some other point of special interest. 
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Discussion 


J. P. Loncwewu.? When one wishes to study the evaporation 

_ or combustion of'a cloud of liquid drops, it is immediately ap- 
parent that lack of information on the size distribution of drops 
and their relative velocity to the air stream prevents detailed 


and this lack of information does not result from lack of interest 
in the subject but is due to lack of suitable experimental technique 
for making the necessary. measurements. It is, therefore, of 


_ interest to hear of the development of another technique for 


making such measurements. 

_ This new technique must compete with other available methods 

~ such as those which collect drops on a slide for later counting and 
measuring. As pointed out by the authors, there is a tendency 
to collect a larger proportion of big drops rather than of smal] 
drops on an obstacle placed in an air stream. By use of ref- 
erence (3) of this paper, it is possible to calculate the magnitude 
of such errors. 

- Table 1 of this discussion gives the error in size distribution 
due to this selective sampling for the case of a spray from an 
air-atomizing nozzle giving a mass median drop diameter of 20 
microns. The air velocity was 70 fps and the collecting plate 
width was 0.3 in. 

It is seen that the mass median partial diameter would be 
about 10 per cent too large and the error for smaller drops would 
be somewhat greater. More accurate results would be obtained 

- for the coarser sprays generally encountered and, by knowing 
- collection efficiencies, it is possible to correct these results and 
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TABLE 1 EFFECT OF SAMPLING ERROR ON SIZE DISTRIBUTION 
Fraction of total Diameter for 


therefore improve the accuracy. It is felt that this accuracy 
is adequate for many purposes; so comparison of this technique 
with the photographic technique would be on the basis of the 
time consumed in procuring data. In measuring a sample on a 
slide, one would generally photograph it for future counting. In 
this case the photographic technique is not critical, since all 
drops can be in the focal plane. Measuring the drops on the 
negative is also easier, since it is not necessary to use judgment 
as to when a spot is in or out of focus and machines have been 
developed to count and measure drops on such a negative. 

The photographic technique described in this paper can give 
information on drop velocity which the other techniques do not 
give; however, it is not certain that this technique is necessarily 
more accurate or less time-consuming than other available tech- 
niques, 


J. M. Pircner.*® The authors have made a valuable and note- 
worthy contribution to the complex problem of characterizing 
a spray in terms of drop-size distribution. The greatest diffi- 
culty involved in this problem is accurate sampling of the spray 
to eliminate discrimination against either the larger or smaller 
drops; and, in this regard, they have made a wise choice in select- 
ing the photographic method which obviates the placement of 
collecting objects such as slides in the spray. 

The principal shortcoming of this method appears to be the 
complex counting operations and the measure of drop sizes 
which require much time and tedious effort. Thisobjection might 
be overcome, however, by the use of a semiautomatic device for 
counting and sizing the drops such as the “differentiating droplet 
counter’ developed at Douglas Aircraft Company by J. H. Rupe, 
or the scanning device developed at the University of Wisconsin 
by W. R. Marshall and his associates. These instruments are 
capable of scanning at rates of about a thousand drops per minute, 
and the human element is eliminated from the counting process; 
however, a sharp negative with high contrast between drops and 
background is required. 

It appears that the method described in the paper may be most 
suitable as a primary means of calibrating some less tedious and 
time-consuming indirect method. Such a method might be 
based upon the absorption or diffraction of light, or upon the 
electrical charges carried by the droplets. 


Autsors’ CLosuRE 


As both Mr. Longwell and Mr. Pilcher point out, the method 
described in this paper is laborious and time consuming. We 
agree that for many problems of spray analysis, faster methods 
are more suitable. 

We have considered the use of mechanical counting devices 
like those mentioned by Mr. Pilcher, but we have not been able 
to work out a satisfactory way to use any of them on our nega- 
tives. 

Mr. Longwell suggests the use of Langmuir and Blodgett’s 
work (footnote 3) to compute correction factors to compensate for 
discrimination against small drops in samples collected on slides. 
Under some circumstances this may be feasible, but this procedure 
must be used with great caution. For their calculations, Lang- 
muir and Blodgett assume that the air mass is free of turbulence 
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and that at a distance from the obstacle the air is moving at uni- 
form velocity and the drops are at rest with respect to the air. 
These conditions are not even remotely approached in many 


Ke OCTOBER, 1952 
velocities of individual drops had an even wider variation. Under 
such conditions, calculations from footnote 3 might indicate 
where discrimination begins to be an important factor in collec- 


sprays. Fig. 7 shows that for the spray described there the aver- 


tion on slides, but it cannot be relied on for numerical correc- 
age velocities of drops varied through a tenfold range. The ti 
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Design and Performance of an Extended- Sur- 
face Regenerator for a Gas-Turbine Plant 


By SVEN HOLM! ano R. L. 


im paper describes a new type of extended-surface 
heat exchanger developed for application to a gas-turbine 
plant for a natural-gas pipe-line pumping station. This 
regenerator features compactness and low weight, al- 
though the particular unit described is not as compact 
and light as could be made since primary consideration 
was given to material strength and service life, thus in- 
volving the use of relatively heavy sections for both pri- 
mary and extended surfaces. Smaller-scale component 
parts would give higher heat-transfer coefficients and in- 
crease heating surface per unit volume by as much as 3 to 1. 


INTRODUCTION 


HE basic requirements for a regenerator in this gas-tur- 
bine plant were an air-side temperature effectiveness of 
75 per cent, relatively low pressure drops, and a long service 

life with natural gas as the fuel in the cycle. 
The general arrangement of the plant is shown in Fig. 1 with 
the air and gas flow directions indicated. The air from the com- 
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Fic. 1 Generar PLant ARRANGEMENT 
(Courtesy of Clark Brothers Company, Olean, N. Y.) 


pressor enters the regenerator on both sides at the top and leaves 
the regenerator from both sides at the bottom. The expanded 
gases from the turbine pass upward through the heater in true 
counterflow relationship to the air and exhaust through the stack 
and weather hood, which are not shown in Fig. 1. All ductwork 
is equipped with expansion joints of the universal type and self- 
restrained hinge type to relieve the regenerator and other machin- 
ery of loads imposed by thermal! expansion. 

The regenerator performance is given in Table 1. These are 
calculated values for full-load flow. Physical data for the unit 
are given in Table 2. 

Mecuanicat Design 

All parts of the regenerator were made from open-hearth steel, 
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KEGENERATOR PE RFORMANCE 
Full-load design 


TABLE 1 


Biu/oq ft-deg 4 x. 


Btu/aq {t-deg F. 
iveness of surface, air, per ~~ a 
iveness of surface gas, per cent. ates 
t based on air side, includ- 
ing safety factor (U), Btu/sq ft-deg F-hr. 


NTU « Air-side heating surface X U 


S25 


“ow 


Air flow X C, sir 
Performance: 
Pressure drop, 4P/P, air, per cent 
Pressure drop, per cent 
Pressure drop, tal, per cent 


Be per cent 


Maximum operating gas temperature, deg F 
4P/P = pressure drop/absolute static pressure 


Nore: 


PHYSICAL DATA 


TABLE 2 
5). Ib 
ig. 
Plate weigh (he 8 in. 
Air side: 
Total heating ft 
Direct, per cen’ 
Extended, per cua 
Pin diameter, in.. 
Hydraulic diameter, f 
Heating surface/cu ft a core, sq ft 


Gas side: 
Total beating sq ft 


Direct, 
Exten: 


Fin thickness, in. 
Hydraulic diameter, ft.. 
Heating surface/cu ft of core, aq ft 


Nore: The manifold surface was not considered in the heat-transfer— 
calculations, 


Hydraulic diameter = 4 X free area _X flow length 


Heating surface 


joined by copper brazing and arc welding. A single element of 

the heat-transfer core is substantially a flat tube or envelope with 

extended surface in the form of pin fins on the inside and strip 

fins on the outside, Fig. 2. The pin-fin surface is made by bend- _ 

ing wire into a sinusoidal shape, clipping it between two small - 
channels, and then placing it between the two plates which form 4 4 

the envelope. The strip-fin surface is formed by attaching chan- 
nel-shaped sections to the outer sides of the plates. These parts 

are then brazed together to form the heating-surface envelope. 

An envelope complete with manifold sections is shown in Fig. 3. a 

Fig. 4 illustrates a number of envelopes assembled into a bundle is ae 

of weight and size suitable for convenient handling. The enve- adie 
lopes are placed side by side, almost touching each other, and are =) cron 
welded to the section of air header at each end. Six bundles = 
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with gas inlet and outlet connections complete the unit as shown The investigation for heat-transfer and pressure-drop data 
in Fig. 5 began with small test pieces of several] different pin arrangements. Gua 


The tests were conducted in a 4-in. X 4-in. wind tunnel, using — . - 

saturated steam in a crossflow relationship as a heat source. Then ve - 
For calculating the performance of the regenerator, laboratory manufactured envelopes were made into final test pieces about a 

test results were used to determine the heat-transfer and pressure 

drops. Laboratory test pieces are shown in Fig. 6. Safety 

factors were added to allow for fouling, imperfect flow distribu- 

tion, and possible discrepancies 


Laporatory Test 


Fre. 3) Heatine-Surrace Exve core 
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Fic. 6 Lasoxatory Test Preces 


4 times the size of the original ones; the steam passages contained 
no extended surface and had about one fourth the free area of 
the air passages. The tests on channel surfaces showed charac- 
teristics in close agreement with flow inside round pipe. 


Heat-Transrer Design 


The first approach to a design for this regenerator was a two- 
pass cross-counterflow unit with the gas on the inside of the 
envelope and the air on the outside. A major difficulty was en- 
countered in attempting to design a lightweight rectangular 
shell to earry the air pressure of 60 psig. The core was satis- 
factory but the large flat sides required an excessive amount of 
reinforcing. To eliminate this difficulty, the high-pressure air 
was switched to the inside of the envelope, since wires brazed 
between two plates form an extremely rigid pressure vessel. 
Sample envelopes tested hydrostatically at room temperature 
held firm at pressures above 1500 psi; the strength will drop off 
to about one half at operating temperatures, assuming the joints 
to be no stronger than the brazing material. Therefore this 
structure adapts itself to the high-pressure air without the use 
of any external members to carry the load. 

Arranging for air flow on the inside of the envelope fortunately 
made possible a counterflow unit. With the free areas about the 
same, the mass velocities were almost the same on the air side 
and the gas side. The heat-transfer coefficients were much higher 
on the air side than on the gas side. Since both sides had about 
the same amount of surface, the heat-transfer balance was less 
desirable than that obtained in the initial design. 

The reduction in required NTU from two-pass crossflow to 
counterflow was greater than the reduction in the over-all heat- 
transfer coefficient caused by the unbalance so that a size reduc- 
ims was achieved by using counterflow. 


Brazine Exrenpep SURFACE 


Brazing in a controlled-atmosphere furnace with copper as the 
brazing material was the basic manufacturing method for joining 
the extended surface to the plates, forming an envelope. Copper 
was chosen in preference to three other brazing materials as a 
result of an investigation of the tensile and metallurgical prop- 
erties of brazed samples which had been heated in air at 750 to 
900 F for varying lengths of time. The average test values did 
not reveal any change in tensile strength with length of exposure 
in this temperature range. The metallurgical examinations re- 
vealed exceptionally good wetting and bonding of the copper to 
the steel base metal. The joints were sound and without evi- 
dence of internal oxidation or porosity due to shrinkage. Etch- 
ing revealed a fine dendritic cast structure. 


The smal] channels into which the formed wires were inserted | 
performed a very important function in obtaining positive and — 
uniform metal-to-metal contact between the wire and the plates. — 
Without these channels, any irregularity in the wire loops or a 
small warpage of the piate would result i points of poor or no — 
contact. The channels compensated for ahy lack of uniformity — 
by providing side contact with the wire loops. 


Arr-FLow Disraipution 


\ test was performed on a full-sized envelope to determine how es 3 
well the tapered manifolds distributed the air across the envelope. iare 
The test envelope was cut in the middle and a special section was 3 
welded in for inserting Pitots across the width of the envelope. ad 

As expected, the velocity profile showed the highest ee. 
in the shortest air-flow path while the longest air path was about 
average. The velocity profile is shown in Fig. 7 for the design- 
load Reynolds number. 
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Airn-FLow Distrisution Envecore at Desten- 
Loap NemBer 


The peak in the profile at the center of the envelope was caused 


turing methods. Each envelope was made from four rectangular 
brazed pieces, welded together in the middle in both directions. 
This procedure resulted in a larger gap between the center row 
of pins than between the rest. An improvement in manufac- — 
turing will eliminate this deviation in future units, 


exists. To lower the velocity in the shortest path in an effort to — af 
flatten the velocity curve, more resistance could be added in that — a 
particular section of the envelope. Larger ports would lower the bare 
velocity at entrance and exit with less flow friction in manifolds 

and would result in improved flow distribution. 


Frevp Test 


The gas-turbine plant was erected at the factory to examine 
thoroughly the operating characteristics of each component part 
as well as to test the entire plant. In addition to the elaborate 
instrumentation of the complete plant, the authors’ company 
installed an independent thermocouple system for measuring the 
air and gas temperatures in and out of the regenerator. Fifteen 
thermocouples were placed in the hot-gas stream immediately 
below the core, and fifteen more were placed just above the core 
for the cooled gas. Two thermocouples were placed to measure 
the air in and two for the hot air out. 
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The regenerator performed satisfactorily over a large range of 
loads, with an air-temperature effectiveness slightly higher than 
the calculated value for any particular load. The air-sidé pres- 
sure drops were somewhat higher than anticipated but the gas- 
side pressure drops were considerably lower, resulting in a lower 
sum of AP/P for air and AP/P for gas than predicted. 

An inspection of the surfaces after the tests were completed 
revealed the surfaces completely clean and free from any deposits. 


CONCLUSION 


This regenerator possesses many advantages above a conven- 
tional tubular heater, principally a substantial saving in volume 
and weight requirements, made possible by a counterflow design 
and a higher over-all heat-transfer coefficient. The rectangular 
shape fits very well into the general plant arrangement. 

A regenerator using 1-in-OD tubes as heating surface has been 
described by George R. Fusner.* A comparison between this 
regenerator and a pin-fin regenerator as described in this paper 
shows a considerable difference in volume and weight required 
to obtain the same performance. The core of the tubular unit 
has a volume of 1050 cu ft and a weight of 92,000 Ib. The pin- 
fin core has a volume of 400 cu ft and a weight of 57,000 |b 
It should be noted, however, that the wall thickness of the tubes 
was 0.095-in., which might be more than required for corrosion 
Therefore the weight of the tubular unit may be 
reduced using thinner material, reducing the weight advantage 
of the pin-fin core. 

The pin-fin extended-surface heat exchanger is a result of an 
extensive research program by the authors’ company in the field 
of gas-to-gus heat exchange. Many other designs were tested 
and found superior to this heat exchanger for other applications. 
Two pin-fin surfaces with smaller-diameter pins have been 
described by W. M. Kays, A. L. London, and D. W. Johnson.‘ 
These surfaces are useful in applications where space is at a pre- 
mium. 


resistance 


Discussion 


G. R. Fusxer.’ A “pin-fin'’ extended-surface heat exchanger, 
as described in the paper, has many attractive features. For 
gas-turbine applications where space is limited, such as in loco- 
motive cabs, mobile railway cars and ships, the shape and low 

weight of such a regenerator make it very attractive. This 
design also lends itself well to applications where a relatively 
short life requirement demands a low weight. The relatively 
low weight mentioned in the paper can be reduced still further 
for these applications by simply making the plates and channe! 
extended surface of thinner material. 

The relatively short gas-path length of the 
should make it very easy 
unit is in operation, Experience with the Oklahoma Gas and 
Electric Company gas turbine and recuperator operating with 
natural-gas fuel shows that after several months’ operation a 
thin laver of carbon varying in thickness builds up on the tubes. 
During a 730-hr period this deposit built up to a maximum of 
0.010 in 

To date it has not been necessary to clean the regenerators on 
oil-burning units manuiactured by the writer's company, but the 
number of operating hours is relatively small. A slight ash de- 


pin-fin design 
to clean with soot blowers when the 


This deposit can be removed with a soot blower. 


**Heat-Exchange Equipment for a 5000-Kw Cas-Turbine Gener- 
ator,”’ by G. R. Fusner, Mechanical Engineering, vol. 72, 1950, p. 316. 

‘Gas Turbine Plant Heat Exchangers,"’ by W. M. Kays, A. L. 
London, and D. W. Johnson, Tae AMERICAN oF 
Mecnantcat New York, N. Y., 1951. 

* Gas Turbine Engineering Division, General Flectric Company, 
Schenectady, N.Y. Jun. ASME 
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posit has built up on the tubes, but with little effect on the per- 
formance. When the time comes for cleaning, if soot-blower 
type of equipment turns out to be a satisfactory method of clean- 
ing, it will be an easier job with the plate-type regenerator than 
with the shell-and-tube equipment. : 
At the moment the cost of the plate-type regenerator appears 
higher than the shell-and-tube design when using the existing 
manufacturing techniques. Therefore, on stationary applica- 
tions where space and weight are not important factors and where | 
capital investment must be kept down, it is hard to justify the 
use of the pin-fin surface. However, on mobile applications b A 
where weight and space-saving features have a high value, the _ 
pin-fin regenerator is very attractive. If manufacturing costs iz 
can be reduced, it will have an important effect on the situation. | are 


P. R. Trumpcer.t The possible use of extended surface for = 
the difficult gas-to-gas heat-transfer problem of the gas-turbine 
regenerator has interested a number of heat-exchanger designers. 
The type of analysis inyolving heat-transfer rates, surface per — ; 
unit volume, and power loss made by A. L. London, W. M. Kays, 
and co-workers of Stanford University, is only a first step. The 
practical realization of the advantages of extended surfaces de- 
pends on a satisfactory mechanical design. To the writer’s 
knowledge, this paper presents the first successful design of a = 
full-seale commercial extended-surface regenerator. 

At this time it is too early to say whether or not corrosion or 
fouling problems will be encountered during the exchanger operat- v 
ing life. The firs: few hundred hours of experimental operation, 
under conditions probably much more severe with respect to— 
certain operating variables than will be encountered in practice, 
were satisfactory in every respect. There is no reason to expect — 
difficulties in the future. ao 

The writer personally feels that this heater design marks an | 
important forward step in gas-turbine technology and that —~ 
form of regenerator will prove economically attractive for “2 
large number of gas-turbine installations. 

It should be emphasized that the exchanger to which the 
authors refer operates with a gas-fired combustor. This — “ 
mizes the fouling problem. Perhaps the authors could express 
their opinions concerning fouling problems which might be en- 
countered with oil- or pulverized-coal firing. 


AutTuors’ 


Referring to the question of possible fouling of the an 
surface by deposits, it is our opinion that this will not be a severe 4 
problem in gas-turbine practice due to high cold-end metal a 
peratures, high gas velocities, and high degree of dilution of | 
products of combustion. a 
One procedure used to study the fouling and cleaning charac-— 7 
teristics of the pin-fin surface was as follows: oe 
Envelope samples about 6 X 6 in. were installed in the cold | 
end of a Ljungstrom type of air preheate~ used with a stoker- 
fired boiler-burning midwestern high sv aur bituminous coal. - 
The surface was blown with steam once a day. After sbout — 
four months of continuous operation, the samples were removed 
and inspected. The examination proved that build-up of de-— 
posits of the pin-fin type of surface could be controlled by soot — 
blowing, even under very adverse conditions such as encountered = 
in this particular application. 
The authors are grateful for the constructive comments of — 
the diseussers. 


* Professor, Mechanical Engineering, Illinois Institute of Tech- 
nology, Chicago, Tl. Consultant, Clark Brothers Company, Inc... 
Olean, N.Y. Mem. ASME 
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ee re Part 3—Design Data for Five Surfaces 


LONIDON,! W. M. KAYS,? ano D. W. JOHNSON,* STANFORD, CALIF. 
New developments in prime-mover and process equip- n = number of fins per inch of tube length, in.~' 
ment have created a more urgent need for compact heat- P = flow-stream pressure, AP is pressure drop, inches of 
transfer surfaces. This paper presents basic heat-trans- water, lb/sq ft 
fer and flow-friction design data for five such surfaces. r, = flow-passage hydraulic radius, ft(r,/L = A,/A) 
Three of these are variations of the finned-circular-tube V = flow velocity, ft per sec A a 
type. The other two are flow inside small rectangular a = ratio of total transfer area on one side of exchanger a i z 
(6:1 aspect ratio) and circular tubes. In addition to the to total volume of exchanger, aq ft/ceu ft | 
use of conventional nondimensional heat-transfer and a* = aspect ratio of a rectangular cross section, long to | 
flow-friction correlations, the various surfaces are com- short side, dimensionless 
pared on a heat-transfer coefficient versus flow-friction- 8 = ratio of total transfer area on one side of a plate-fin 
horsepower basis. The results represent a continuation heat exchanger to volume between plates of that 
of a program started in 1945 and bring to a total of 39 the side, sq ft/cu ft 
number of compact surfaces for which design data have 6 = fin thickness, in. 
been reported. p = gas density, Ib/cu ft 
o = ratio of free-flow area to frontal area, A,/Ar, di- 
2 - 
NOMENCLATURE mensionless 
4 = surface fow-friction force per unit area, lb/sq ft 
The following nomenclature is used in the paper: gh s-vgi eo? Ly = gas viscosity, evaluated at bulk average tempera- 
A = transfer area, sq ft . , ture, !b/(hr ft) 
A, = minimum free-flow area, sq ft hovthen My = gas viscosity, evaluated at film average tempera- 
Aw = frontal area, sq ft comer ture, Ib /(hr ft) 
> = specific heat at constant pressure, Btu /(b deg F) Na = Stanton number, (h Gey), a heat-transfer modulus a 
D = circular tube inside diameter, in., ft Ner = Prandtl number, (4,c,/k), a fluid-properties modu- 
Do = over-all outside diameter of fins, in. lus evaluated at film average properties 
D, = outside diameter of tube alone, in. NstNp-'/? = generalized heat-transfer parameter. This factor Pe 
Ena = friction power evaluated at specified standard gas versus Ne, defines heat-transfer characteristics i 
properties (see caption of Fig. 10), hp/(sq ft of of surface we 
A) Nr = Reynolds number, (4nG/u), modulus character- 
f = friction factor defined by Equation [2], dimension- izing type of flow ae 
less Nry = (44,G/p,) 
G = mass velocity based on A,, lb/(hr sq ft of A,) J = friction factor; f Nr, relation defines friction an A 
9g = proportionality factor in Newton's second law, 32.2 characteristics of surface ees 
convection, Recognizing the need for ascertaining and making generally 
(hr sq ft deg F) _ 
available basic heat-transfer and flow-friction design data for 
hoa = unit conductance evaluated at specified standard he! 
compact heat-transfer surfaces, the USN Bureau of Ships ini- 
gas properties (see caption of Fig. 10), (Btu /- ISN Engi 
(hr sq ft deg F) tiated in 1945 a test program at the US) oxpe a" 
Stati is, Md. i t 
L = flow length, ft, in in 1947, when the Office of Naval Research, in co-operation with 2S u 
the Bureaus of Ships and Aeronautics, established a similar proj- 
' Professor of Mechanical Engineering, Stanford University. ect at Stanford University. A number of ow rating manu-— rar 2 
Mem. ASME. facturers fabricated test cores for these investigations. eyo ie 
? Assistant Professor of Mechanical Engineering, Stanford Uni- The test results from these programs have been published im oe 3 
versity. Jun, ASME. two ASME papers (1, 2)* and in several USN EES reports (3). is 4 
am Mechanical Engineering, Stanford University. Jun. p to May, 1950, a total of 34 surfaces had been tested on the ‘ = 
Contributed by the Gas Turbine Power and Heat Transfer Divi- deta wore 
sions and presented at the Annual Meeting, Atlantic City, N. J. “Me™ necessary so that a common treatmen bs e basic test > 
November 25-30, 1951, of Tae American Society or Mecuanicar data was employed throughout, and were published under one ' 
ENGINEERS. cover (4). Diagrams of the various surfaces reported in this H 
Norte: Statements and opinions advanced in papers are to be reference are shown in Fig. 1. : 4 
understood as individual expressions of their authors and not those = - . 1a 
of the Society. Manuscript received at ASME Headquarters, Octo- * Numbers in parentheses refer to the Bibliography at the end of | Le 


her 9,1951. Paper No. 51—A-129. the paper. 
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Between May, 1950, and May, 1951, five more 
test cores were studied—three of the finned-circular- 
tube type, one of the rectangular-cylindrical-tube 
type, and one of the common circular-cylindrical- 
tube type. These surfaces are described schemati- 
cally in Fig. 2. It is the object of this paper to pre- 
sent this later design information, bringing to a total 
of 39 the number of test cores investigated and re- 
ported. 


EXPERIMENTAL Metruop anv Test Cores 


The arrangement of the test equipment and method 
of analyzing the direct test results are covered in 
considerable detail in (5). Consequently, only a brief 
summary will be presented here. 

The test system provided for condensing-steam- 
to-air heat transfer with air flow on the surface of 
interest. The direct test data allowed determina- 
tion of the over-all steam-to-air heat-transfer co- 
efficient and the air-side core pressure drop. Al- 
lowance for the ineffectiveness of the extended sur- 
face and the steam-side condensate film resistance 
permitted the evaluation of the average unit con- 
ductance for thermal convection on the air side. 
The friction factor was extracted from the core 
pressure-drop data by allowing for entrance and exit 
flow stream mechanical energy losses (6), and for 
flow acceleration accompanying density changes due 
to both pressure and temperature variations along 
the flow length. Friction factors were established 
from isothermal flow tests as well as from runs with 
core heating. 

The test. cores were all of 8°/s X 9°/, in. air-flow 
frontal area, with air-flow lengths ranging from 4 in. 
for the three finned-circular-tube cores to 18.3 in. for 
the direct-surface circular-tube core, ST-1. The 
steam-flow length in all cases was 8.4 in. These 
cores are shown in Fig. 2. Detailed core geometry 
used in reducing the direct test results are given in 
Table 1. Note that all the cores, except the cir- 
cular-tube core ST-1, are of the extended-surface 
type. 

For the finned-circular-tube cores, four semicircu- 


46 
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lar cylindrical baffles were installed vertically on each 


of the two side panels of the core test assembly. 


This insured the same maximum mass velocity 


through each row by providing a total of ten tubes 


for each row transverse to the flow. However, in 
the five-row-deep core, rows 2 and 4 had only 9 effee- 
tive tubes for heat transfer giving a total number of 
48 active heat-transfer tubes. As a point of criti- 
cism, this procedure, while it satisfied the mass-flow 
requirement for each row, failed to duplicate com- 
pletely the influence of fins on the flow turbulence 


would be to use longitudinally cut finned tubes for the wall 
baffles. 

In contradistinction to the test-core factors given in Table 1, 
Table 2 summarizes the geometry of the air-side surface alone, 
as would obtain exactly in a core of infinite extent. The rela- 
tively minor differences for the finned-circular-tube surface, be- 
tween these dimensions and the corresponding items in Table 1, 
arise from the influence of tube-sheet transfer area and the fact 
that an integer number of active heat-transfer tubes must be em- 


lAn, 


Fic. 2 Geometry or Five Compact Surraces Rerportep in Parer 
(See Table 2 for additional information on the surfaces and Table | for details of test 
cores.) 


Heat-TRANSFER AND Destan Data 

Table 3 summarizes the reduced test data and the results of 
calculations for the basic heat-transfer and flow-friction design 
data for a typical core, CF-8.72. Included along with the heat- 
transfer information are both the isothermal-core friction and 
the hot-core friction behavior. The general excellence of the 
energy balances attests to the accuracy of the air-flow rate and 
temperature measurements. Energy balances for the other 
cores show average deviations of the order of 2.5 per cent, with 
the exception of the latter half of the runs for the rectangular- 
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TABLE | TEST-CORE DATA 
Finned cireular tubes ———. Rectangular Cireular 
Air side CF-7.34 CF-8.72 CF-11.46 tubes 11.11(a) tubes Ae 
Core construction Note* Note® Note* Note‘ 
Fins/ineh. 7 34 8 72 11.46 
Fin mean thickness, in... .. 0 018 0.018 0.016 0.008 
Frontal area, aq ft ‘ 0. 567 0. 567 0. 567 0. 567 0. 567 > uh 
Free-flow area, Ac, aq ft 0 304 0 297 0 289 0.2245 0. 3004 
Free fow/fvontal area. 0 536 0.524 0.510 0. 396 0.530 
Extended surface, ft 22. 6° 26 82° 35. 29¢ 43.1° 
Prime surface. sq ft 3 344 3.244 3.174 8.9 95.175 RE 
Total surface, A. «q ft 25 044 30 38 464 52.0 95.175 entre 
85.3 101.2 133.1 232 317 
‘fle Flow length, L. ft 0 333° 0. 333¢ 0. 333° 0. 667 1.52 
Hyd. dia., ft 4L/(A/Ace) 0 O156/ 0 0132/ 0.0100/ 9.0115 0.0193 
_Extended/total surface, pereent 87.2 3 91.8 82.9 ¢ b 
Stream 
Frontal area, ft 0 338 0.338 0.338 0.542 1.21 
Free-flow area, sq ft 0 0177 0.0177 0.0177 0. 246 0.1907 
Extended curfece, oa ft. one @ 6 
rime surface, sq ft 2.9 2.9 ‘ 6 99.6 OE eT 
Total surface, sq ft 2 974 2.974 2.974 55.2 99.6 
Hyd. diam, ft 0 0.0178 0.0178 0.0125 0.00536 4k? 
Bteam-flow length, ft... 7 0 700 0.700 0.700 0.700 
* The finned-circular-tube cores all had 0.92-in-diam fins on 0.380-in-OD, 0.260-in-ID tubes. The a F* * Spear 
aluminum fins are extruded from an aluminum over copper liner. Tube-wall thicknesses are 0.03 in. for - 
both the aluminum and copper. A & = 110 Btu/(hr sq ft deg F/ft) was used for evaluating the tem- ue. a 
perature effective aess of the extended surface. Details of tube layout can be seenin Fig.2. — 7 
* Geometry of this plate-fin surface can be seen in Fig. 2. Plate material 0.03-in-thick brass, fin mate- 
rial 0.008-in-thick copper = 218 Btu/(hrsq ft deg F /ft) iti 
© Tube material aluminum, & = 110 Btu/(hr an deg F /ft), wall thickness 0:009 in. rei 


4 Prime surface i 


face 


0.60 sq ft for tube-sheet heat-transfer surface. 

¢ Flow length taken as tube center-line distance for S-rowe-deep core. 

f Hydraulic diameter based on total heat-transfer surface including 0.6 sq ft of tube-sheet effective sur- 


@ Hydraulic diameter based on total surface excluding tube-sheet transfer area. 


TABLE 2 SURFACE GEOMETRY od “heady 
Fin Tube total b a 8 inne 
thickness, arrange- surface Hyd. radius 
Surface inch Fin type ment® per cent Ty, ft sq ft/eu ft sq ft/ou ft 
Finned-cireular- 
tube type: 
CF. 7 34 7.34 Cireular 9.018 Staggered 89.2 0.00385 139.8 e 0.538 
F. 8.72 8 72 ID = 0.38 in. ¢ 018 St 91.0 0.00322 162.8 0.524 ‘ 
CF-11 46 11.46 OD = 0 92in. 0 016 Staggered 93.1 0.00244 re 0.510 Ps 
tube:* Plane 0.008 82.9 0.00288 312 57.8 
1.1 (a) 
Circular tube 
0 00482 79.2 
* The rectangular flow cross section has an aspect ratio of 5.85. 
See Fig. 2. 
tube core, These energy unbalances are from 7 to 18 per cent The Asam used ranged from 2500 to 5000 depending on the mag- 


on the wrong side of expectations based on a consideration of the 
steam-metering system (5). The first 50 per cent of the runs were 
generally good. This difficulty was traced to a failure of the de- 
duperheater on the inlet steam line, resulting in liquid-phase 
earry-over into the steam side of the core in spite of indicated gas- 
phase superheat from temperature readings. This error was 
corrected subsequently. As check runs confirmed the previous 
Stanton-number results, it was not considered necessary to re- 
run all the tests showing a poor energy balance. This decision 
was fortified by the fact that while the energy-balance discrep- 
ancies are of random magnitudes, the Stanton-number results are 
quite consistent, as is apparent from the graph, Fig. 6. 

Table 4 summarizes the recommended design data as extracted 
from smoothed curves based on the test results shown in Figs. 
3 through 7. The recommended f versus Nr, tabulations are 
based on the isothermal friction runs. The recommended Ng, 
Ne,’ * versus Na, correlation includes an allowance for steam-side 
resistance, the magnitude of which can be visualized from the 
ordinate difference between the plotted data points and the 
recommended curve shown in Figs. 3 to 7 inclusive. In effect, 
the plotted points do not represent an air-side Stanton number, 
but rather an “over-all coefficient Stanton number’”’ corrected 
only for the temperature ineffectiveness of the extended surfaces 

The steam-side-resistance correction, for the case of steam flow 
through the inside of the vertical tubes of the finned-circular-tube 
cores, was based on the analysis of Nusselt given in reference (7). 


nitude of the condensate rate. The blow steam rate was kept 
constant at about 270 lb per hr compared to the condensate rate 
which varied from 25 to 150 lb per hr. This blow steam, used 
to minimize the steam-side resistance, was separated from the 
condensate and metered as described in reference (5). 

A similar procedure was used for the steam-side resistance esti- 
mate for the ST-1 core. Here again film condensation was as- 
sumed and the empirical results given by McAdams (7) were 
used, The Asieam 80 estimated ranged from 900 to 2500 depend- 
ing on the condensate rate, with no allowance being made for the 
effect of the blow steam scouring off the condensate layer. It is 
believed that the resulting correction is conservative, but since 
the relative magnitude is small, less than 5 per cent from Fig. 7, 
this conservatism is of minor consequence. 

For the rectangular-tube core 11.11(a), the finned steam-side 


surface was not of a simple configuration and no basic informa- — 
tion was available for a firm estimate of the steam-side conduct- _ 


ance, Consequently, in lieu of better information, an Asteam = 
2000 was used, and the temperature ineffectiveness of the ex- 
tended surface on the steam side was allowed for. 


Fig. 6 that the corrections to Stanton number are less than 
5 per cent, so that if the estimated conductance is of the right 
order of magnitude, only a small uncertainty is introduced into 
the recommended formulation. 

Throughout this paper and the previous papers of this series — 
(1, 2, 4), the length dimension employed in the Reynolds num- 
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Fic. Heat-Transrer anp FLiow-Friction Design Data ror 
Surrace CF-7.34 
(o denotes hot-core data; «x denotes isothermal flow-friction data.) 
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ber is 4 times the hydraulic radius, defined in the following man- a Ae We, 
ner 


¥ fry = AL A, Here A P/p is the “friction pressure drop” that would obtain for 
vais! = i A incompressible flow; 7 is the friction force per square foot of sur- 

he Ca et face area, including form drag as well as skin-friction effects. 
where @ is the isd area to frontal area ratio and @ expresses Properties of air, as for the previous reports of this series, were 
an i the area compactness of the surface geometry under consideration. taken from reference (8). More recent data (9) confirm that 
This dimension is identical to the hydraulic diameter for cylin- used, for the temperature range covered in the test work, and 
drical tube surfaces. suggest that the uncertainty in Np; is of the order of 2 per cent 

The friction factor, in conformity with the previous procedure, rather than the previously used 5 per cent, reference (5). 
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The procedure for the evaluation of experimental accuracy was 
considered in some detail in reference (5). For the surfaces re- 
ported here, this procedure yielded the following estimates: 


Estimated uncertainty in 


§ +4atNr, = 1000 


| #6atNx, = 8000 *? 


CF-11.46 +2 


+5 at Ne = 1000 
+ 
a at Na, = 13,000 


=a The greater uncertainty in the friction factors for the cylindrical 
tube surfaces arises from the relatively large contribution of 
entrance- and exit-flow losses to the over-all pressure drop and 
the uncertainty of the coefficients applying to these losses (6). 
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Fie. 7 Heat-Transrer anv Fiow-Friction Desion Data ror 
Surrace ST-1 
(o denotes hot-core data; x denotes isothermal flow-friction data.) 


For the finned-circular-tube surfaces, on the other hand, no such 
corrections need to be made, as such losses are chargeable di- 
rectly to these surfaces, in the same manner as for flow normal 
to tube banks. 

Some possible uncertainty might be introduced in the heat- 
transfer characteristics of the circular-finned-tube surfaces as a 
result of the very large ratio of air-side to steam-side area. This 
ratio is as high as 13:1 for surface CF-11.46. Any unaccounted-for 
scale resistance due to fouling on the steam side, or contact re- 
sistance between the copper liner and the finned aluminum tube, 
would result in calculated magnitudes of Ne:Ne,'/* for the air 
side which are lower than actuality. A resistance due to these 
factors of '/1o0 (hr sq ft deg F)/Btu, based on inside tube area, 
could account for an error of as much as 45 per cent at the highest 
Reynolds-number test point for the CF-11.46 core. At the other 
extreme, the lowest Reynolds-number test point for CF-7.34, the 
possible error is 7 per cent. However, an examination of the 
steam-side surfaces after completion of the tests showed no evi- 
dence of scale deposits, nor were any expected because of the 
relatively high “blow” steam velocity (approximately 100 fps), 
and the fact that the test cores were in service for only a few 
hours. Moreover, a sectioned sample tube taken from the test 
core showed excellent bonding. It also should be noted that the 
steam-side resistance was estimated employing the analysis of 
Nusselt which assumes a laminar condensate layer. This analy- 
sis is believed to be very conservative and should, if anything, 
introduce an error in the other direction. 


Discussion 


The surface characteristics, as reported in Figs. 3 to 7, in- 
clusive, will be considered in this discussion under two classifica- 
tions, namely, the finned-circular-tube surfaces and the cy- 
lindrical-tube surfaces. 

Finned-Circular-Tube Surfaces—Friction Characteristics. As 
is apparent from the data points shown in Figs. 3, 4, and 5, there 
is excellent agreement between the isothermal and hot-core fric- 
tion factors over the complete Reynolds-number test range. 
For the hot-core runs, the viscosity in the Reynolds number is 
taken at a mean film temperature, defined as the arithmetic 
average of tube wall and bulk average flow temperature. The 
bulk average flow temperature is taken as the arithmetic aver- 
age of core inlet and exit air temperatures. This agreement of 
isothermal and hot-core friction factors evidences the well-mixed 
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(Dotted lines are characteristics of finned-flat-tube surface §.1-0.737-8 
described in Fig. 1.) 


flow arising from the high turbulence introduced by the tlow 
geometry. In contrast, for the cylindrical-tube surfaces to be 
considered later, in the low-Reynolds-number regions there is « 
substantial difference between the isothermal and hot-core fric- 
tion factors owing to the laminar-type flow. 

The friction-factor characteristics for the three finned-circular- 
tube surfaces are compared, Fig. 8. The “bumps” in t’ic char- 
acteristics for the CF-8.72 and CF-7.34 surfaces are interpreted 
as due to shifts in the point of separation for the flow around the 
circular tubes. No such effects are in evidence for the 
closely spaced fin surface CF-11.46, and this fact supports the 
conclusion that the closer fin spacing stabilizes the flow to the 
extent that the point of separation in the tubes remains fixed, at 
least for the Reynolds-number range of the tests. 

The fact that the friction factors for the three surfaces do not 
agree more closely (+15 per cent deviation from the average 
is evidence that the dimension selected for the Reynolds-number 
characterization (4ry = 4o¢/a) is not sufficient, and that addi- 
tional moduli involving ratios of dimensions are required. As 
the surfaces reported here did not include marked variations 
of geometry (see Tables 2 and 5) 
recommended, 


more 


no generalized correlation is 
The results reported for f in Figs. 3, 4, and 5, 
are applicable only to cases where strict geometrical similarity is 
maintained. Interpolation and a limited extrapolation of these 
data may be valid within the following limits: 

Fin spacing to tube diameter ratio: 0.2 to 0.4 
Fin to tube diameter ratio, Do D,: 2 to 3 
Longitudinal pitch, x,: 0.85 Dy to 0.90 Dy 

Transverse pitch, z,: 1.0 Dy to 1.1 De 

Two comparisons with previously reported friction character- 
istics of somewhat similar surfaces are considered. 


In Fig. 8 is plotted f versus Nz taken from reference (2) for the 
finned-flat-tube surface, 9.1 — 0.737-S, described in Fig. 1. It is 
evident that the aerodynamically cleaner flat-tube surface has 
a much lower form drag at high Nex. Estimates of the circular- 
tube drag indicate a contribution of roughly 45 per cent to the 
total. Moreover, surface 9.1-——0.737-S has continuous fins as 
compared to the individual fins of the circular-tube surface; and 
here is another reason for a lower form drag, since form drag of 
the fins of the circular-tube surfaces contributes approximately 
20 per cent to the total friction. 

Jameson (10) reports friction-factor data for a number of con- 
figurations of finned-circular-tube surfaces and proposes a single 
J versus Nx correlation based on a complex equivalent diameter 
for the Ne length dimension. Converting the f versus Nx data 
reported here to Jameson’s definitions results in quite excellent 
agreement (+10 per cent). However, a definite effect of fin 
spacing is still evident, as in Fig. 8, demonstrating that the 
Jameson equivalent dimension, though representing a combina- 
tion of all the surface geometry factors, is not completely ade- 
quate. 

Finned-Circular-T ube Surfaces—Heat-Transfer Characteristics. 
The three Ns: Np,’/* versus Na characteristics of Figs. 3, 4, and 
5 are compared, Fig. 8. A quite good correlation results using 
4rq in the Reynolds number. This correlation, somewhat better 
than for the f versus Nr characteristics, suggests that interpola- 
tion and extrapolation of these results may be valid within the 
same geometrical limits as specified for the friction behavior. 

In the higher Nx region the more closely spaced fin surfaces 
exhibit a concave-up characteristic, whereas the CF-7.34 surface 
characteristic is quite linear on the log-log scale employed. A 
partial rationalization of this difference in behavior may be 
based on the friction characteristics. Note that for the CF-7.34 
surface the f-curve has a bump down at Nr ~ 3000. This 
indicates a shift in the point of flow separation on the circular 
tubes further aft with an attendent reduction of flow turbulence 
and a decrease in Ne. In contrast, at an Nr ~ 4000 the f for 
CF-8.72 has a bump up suggesting a shift of the separation 
point forward with more form drag, resulting in additional turbu- 
lence tending to increase Ns: The behavior of the CF-11.46 
surface neither supports nor denies these contentions. 

Three comparisons with previously reported heat-transfer 
characteristics are considered. 

In Fig. 8 the behavior of the finned-flat-tube surface, 9.1- 
0.737-8, described in Fig. 1, is superimposed. Quite similar curve 
shapes obtain for both this and the CF-11.46 and CF-8.72 sur- 
faces. However, the flat-tube surface has roughly a 15 per cent 
higher Nea over the test range. Comparison of the geometries, 


Figs. 1 and 2, reveals that the average flow mass velocity, fora 


given Gmax used in Np, is higher for the flat-tube surface. This 
may account for the greater Ns: in spite of a smaller amount of 
flow energy going into turbulence, as evidenced by the lower form _ 
drag relative to the circular-tube surfaces. } 

In Fig. 9 the heat-transfer data reported by Katz, et al. (11 
and Jameson (10), are compared with the results reported here. 
The relative geometries of the surfaces considered are sum- 
marized in Table 5. 
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The Katz and Jameson surfaces were selected so as to most 
closely conform to the tube layout and fin-pitch geometries of 
the finned-circular-tube surfaces of this paper. In a nondimen- 
sional sense the most notable differences in geometry are with 
respect to the longitudinal spacing of the tubes and the fin spac- 
ing to tube diameter ratio. 

Any attempt to make a comparison of heat-transfer behavior 
on a nondimensional basis ix open to serious question as to the 
proper length dimension to use in Reynolds number. To avoid 
this difficulty, the convection coefficient h is plotted versus the 
mass velocity Gmsx. As Katz only reports an over-all coefficient 
U, from condensing steam to air, this is used in place of A and 
may be expected to be of the order of 5 to 10 per cent low as a con- 
sequence. 

The most notable feature of this comparison is the substantial 
difference in h at the same G for comparable fin pitches, the data 
of Jameson running high by 30 to 50 per cent and that of Katz by 
5 to 20 per cent. Considering the fact that Katz’s data are only 


for a two-row-deep core one would expect even a larger discrep- 


ancy for a five-row core. Moreover, the slopes of the character- 
istics are quite different. These contradictions, which are signifi- 
cant from a design point of view, cannot be accounted for plausi- 
bly in terms of the different surface geometries, as shown, Table 
5. 

Several serious objections exist with respect to the test meth- 
ods employed to obtain the older data. Katz and his co-workers 
did not meter the air flow directly, but rather calculated it from 
the experimental] steam-condensate rate and inlet- and outlet-air 
temperatures measured at only a single point in the air-stream 
cross section. Jameson employed hot-air to cold-water heat 
transfer and estimated air-side conductances from a Wilson plot 
intercept using, in general, only two magnitudes of water ve- 
locity. The magnitudes of the water-side coefficients, which 
could have been deduced from this method, are not reported. 

An obvious conclusion from these considerations is that addi- 
tional careful experimental work has to be done on the finned- 
cireular-tube surface, and until consistent data are obtained by 
different experimenters, designs using these quite common sur- 
faces will be somewhat speculative. 

Cylindrical-T ube Surfaces—Friction Behavior. The main ob- 
jective in investigating these two cylindrical-tube surfaces was 
to obtain supplementary information for previously reported 
work (2) with a view to studying the following: 


ow 


1 The influence of cross section on the heat-transfer and ae 


tion behavior in the transition Reynolds-number regime 

2 The influence of tube length, L./4ry,, particularly in the lami- 
nar-flow regime. 

This is a subject for another paper (12), and as a consequence — 
the discussion presented here will be quite limited. 

As evident from an inspection of Figs. 6 and 7 for both the rec- 
tangular and circular tubes, the friction-factor behavior with 
Reynolds number is quite similar to the Ng Np,’/* behavior 
Flow-transition Reynolds numbers are duplicated and, for the 
circular tubes, the transition-dip region is reproduced. Note that 
fully developed turbulent flow is not evident until Nx ~ 7000 is 
established, and, moreover, laminar flow persists up to Na ~ 3000 
to 4000. From a design point of view, this departure from the 
quite commonly accepted Na = 2300 transitien from turbulent 
to laminar flow is significant. 

Both isothermal and hot-core friction-factor data points are 
given in Figs. 6 and 7 and the recommended curve is based on 


very good agreement obtains between these two sets of data 


NEL 


the isothermal runs. Note that in the turbulent-flow 


where, for the hot-core runs, a viscosity based on the arithmetic- 


average film temperature is employed in the Nea evaluation. =— 


This is in agreement with the behavior of the finned-circular- 
tube surfaces. However, for the laminar-flow regime a 5 to 10 
per cent difference exists, with the hot-core points showing the 
highest f. This phenomenon is of course associated with the in- 
crease of gas viscosity and decrease of density with temperature 
and the preservation of the hot fluid layer adjacent to the wall 
by the smooth flow characteristics of the surface, 

For a liquid, on the other hand, as viscosity decreases with 
temperature increase, the reverse would be true and the hot-core 


f-data would fall below the isothermal. Apparently there is 


sufficient distortion of the velocity profile as a result of viscosity 
and density variatipns so that even using a viscosity evaluated 
at wall temperature in Nx will not correlate the hot-core runs with 
the isothermal characteristic. Introducing a viscosity ratio, 
bulk-fluid-to-wall correction factor to the f-ordinate seale has 
been proposed (7), and this can certainly be done in the present 
case. However, the difference in fluid viscosities evaluated at 
wall and bulk-fluid temperature, amounted to less than 20 per 
cent and remained fairly constant for the tests reported here. 
Consequently, no recommendations in this respect can be made. 

The rectangular-tube-surface friction factors agree closely 
with the previously reported (2) behavior of the plate-fin surface, 
19.86, described in Vig. 1. For the circular tube, the turbulent 
flow f agrees closely with previously accepted data. In the 
laminar region it approaches the 16/Na magnitude for long 
tubes. Further consideration of the friction behavior in cylin- 
drical tubes is contained in reference (12) where a detailed study 
of the influence of L/4ry effects is presented. 

Cylindrical-T ube Surfaces—Heat-Transfer Behavior. As the 
heat-transfer behavior of these cylindrical tube surfaces is dis- 
cussed in some detail in reference (12), only a few of the most 
striking features will be examined here. : 

The most marked difference between the characteristics of the 
rectangular-tube and the circular-tube surfaces is the pronounced 
dip region for the latter extending from Nr of 3000 to 7000. 

Another departure from what has been somewhat common 
practice, is the fact that turbulent flow is not fully established 
until Ne is greater than 8000, as compared to the traditional 
2300. 

In the laminar zone, much higher coefficients obtain for the 
rectangular as compared to the circular tube. This is in con- 
formity with theoretical considerations as outlined in reference 
(12) where the importance of the aspect ratio of the rectangular 
tube is considered. 
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Possibly the most important single point arising from the fore- 
going comparison is that a dip region is an area of design uncer- 
tainty, and the factors such as approach flow turbulence, details 
of the flow contraction at inlet to the tubes, and roughness of the 
surfaces may influence the character of the dip. In contrast, for 
rectangular tubes of large aspect ratio, such as 11.11(a), no dip 
exists and, as a consequence, designs in this region are established 
on a firmer basis. 

The performance of the 11.11(a) surface, with 11.11 fins per 
inch, is closely approximated by that of the plate-fin surface with 
19.86 fins per inch, described in Fig. 1, and previously reported 
(2). In this reference the influence of tube length, L/4ry, was 
emphasized and this point is examined in some detail in reference 
(12). 

Heat Transfer—Friction Power Characteristics. In the previous 
discussions, friction and heat-transfer characteristics were con- 
sidered separately. In many design applications, however, such 
as the gas-turbine regenerator, the relation of heat-transfer rates 
and flow-friction power requirement is of paramount interest. 
To provide this comparison Figs. 10, 11, 12 are presented. Here, 
as in reference (2), the heat-transfer conductance for standard, 
or reference, gas properties is evaluated as a function of Reynolds 
number, Table 4. Also, the friction power requirement per 
square foot of transfer area is similarly established. Figs. 10 
and 11 are plots of the resulting Awa versus Eyxa for the five sur- 
faces tested. The caption of Fig. 10 specifies the reference gas 
properties. Fig. 11 is a similar type of plot but here the com- 
pactness of the surface a@ is included, and the conductance per 
unit of core volume (a@ hywa) in Btu/(hr deg F cu ft) is graphed 
versus the friction-power requirement (a@ hea) fhp/eu ft. Note 
that as much as a 6 to 1 disparity exists in friction power at an 
hea = 20 between the CF-11.46 and the CF-7.34 surfaces. Ona 
unit volume basis the disparity is increased to 40:1. Because 
of the flatness of the curves, the difference between Awa for the 
various surfaces at a given friction power is less marked, but, 
nevertheless, quite significant. 

Fig. 12 strikingly illustrates the heat-transfer versus friction- 
power advantage of the flat-rectangular-tube versus circular-tube 
surface for operation in the laminar- and transition-flow regions, 
and the disappearance of this advantage in the turbulent-flow 
regime, 

To extrapolate from the hua — Ena conditions given in Table 
4 and Figs. 10, 11, and 12, to fluid properties different from the 
reference properties, the following relations may be employed 


| 


This extrapolation is founded on keeping Reynolds number and 
flow geometry constant. The derivation of these equations is 
availabie in reference (1). 


CoNncLUsIONS 


As a summary of the foregoing discussion, the following con- 
clusions are offered: 


1 Design data for gas flow are presented for five additional 
configurations of compact surfaces to supplement the informa- 
tion contained in reference (4), bringing to a total of 39 the num- 
ber of surfaces tested and reported. 

2 The finned-circular-tube data, while in good agreement 
with respect to friction as compared to the results of Jameson 
(10), differ significantly with the previously available heat-trans- 
fer data given in references (10) and (11). 
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3 These discrepancies suggest the urgent need for additional 
careful test work to obtain adequate design data for this very — 
common type of surface. Until different experimenters can ob- 
tain re ble agr nt on basic data, design applications will 
remain uncertain. 

4 A re-examination of the accepted heat-transfer correlation 
for flow in circular tubes is indicated, with special emphasis on _ 
the transition-flow region, which is a design region of interest for — 
air flow in small tubes of the order of 0.25 in. diam. This is 
accomplished in reference (12). : 

5 The elimination of a “dip” region by the use of rectangular 
tubes of large aspect ratio, is attractive from the point of view 
of minimizing design uncertainties. Moreover, such tubes pos- _ 
sess substantial heat transfer-friction power advantages in the — 
laminar-flow region relative to circular-section tubes. : 

6 Some uncertainty exists for the problem of estimating fric- 
tion factors for laminar-type flow with heat transfer from iso- 
thermal-friction data, as in cylindrical-tube flow. However, 
where the flow is well mixed, as for the finned circular-tube sur- 
faces, no such question exists. 
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7 A number of configurations of interesting surfaces remain 
to!be tested and reported before the designer will have the basic 
heat-transfer and flow-friction information needed to make opti- 
mum applications. These data, to be useful, must be obtained 
using adequate methods and instrumentation such as described 
in detail in reference (5). Standardization of such test proce- 
dures is believed to be highly desirabie. 
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Discussion 


R. H. Norris. What evidence can be presented by the 
authors on the magnitude of the thermal resistance of the bond 
between the helical fins and the tube, and what is the effect of 
this resistance on the magnitude and significance of the test re- 
sults on the air-side heat transfer for the helically finned tube? 


Avruors’ CLosuRE 


The point raised by Mr. Norris, as well as by some of the other 
discussions at the oral presentation, resolve to the following two 
questions relating specifically to the bi-metal construction of the 
finned-circular-tube surfaces: (1) What is the magnitude of 
the fouling resistance of the steam side? (2) What is the magni- 
tude of contact resistance between the copper liner and the outer 
aluminum-extruded fin-tube combination? To answer these 
questions additional tests were performed since the original prepa- 
ration of this paper, and it is the purpose of this closure to present 
the results and conclusions of this later work. 

Fouling Resistance. The original CF-8.72 core, see Fig. 2, was 
retested at several points over the Reynolds number range after 
chemical and mechanical cleaning of the steam side of the tubes. 
No detectable difference was apparent in the heat-transfer char- 
acteristics as reported in Fig. 4. Visual inspection before clean- 
ing indicated only a very light copper -oxide coating on the steam 
side. It is concluded as a consequence that the fouling resistance 
for the original tests was entirely negligible. 

Contact Resistance. To resolve this question a new core, desig- 
nated as CF-8.72(c) was tested. This consisted of finned circular 
tubes, formed out of solid copper stock, instead of the bimetal 
construction of the original tubes. Duplication of the geometry 
of the original CF-8.72 surface was only approximated as indi- 
cated in Table 5(a). 


TABLE Sia) ADDITIONAL COMPARISON OF FINNED-CIRCULAR- 
TUBE GEOMETRIES 
CF-8.72 Jameson (10) 
Fins/in. 2 
Tube Di, in 
OD of fins, De, in. 
Fin height, in. 
Do/ Di 
Fin spacing/tube diam 
Tube pite 
Transverse, z 
Longitudinal, 
No. of rows deep in test core. . 
Extended/total surface area... 


triangular 
1.06 De 
0.87 De 
5 

0.910 


0 875 0.877 
The results of these tests are summarized in Fig. 4(a) in a form 
directly comparable to the previous results shown in Fig. 4. 
With respect to flow friction the new tests reveal a higher f 
factor by 8 to 12 per cent and this small difference may well be 
accounted for in terms of the increased tube diameter and smaller 
fin length as revealed by Table 5(a). An approximate break- 
down of the friction factor into the components—skin friction of 
the fins, form-drag of the fins, and skin friction plus form-drag of 
the tubes, indicates that this last component amounts to about 
50 per cent of the total. Consequently the 30 per cent greater frac- 
tion of tube area relative to fin area could account for the ob- 
served increase of the over-all friction as contained in the f factor. 
In contrast to the small and easily explained discrepancy in 
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ae copper liner has the smaller coefficient of thermal expansion by ie cnn 
about 3.8 X 10~¢ in/(in deg F). Asa result, if no prestresscon- 
dition exists at room temperature, the aluminum outer cylinder “4 Vid 
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friction behavior, the heat-transfer results for the new core are 
strikingly different, ranging from 40 per cent higher at Re = 600 
to 80 per cent higher at Re = 6000. This difference cannot be 
completely accounted for in terms of a “contact resistance’’ asso- 
ciated with the bimetal construction of the previous core. For 
reasons that will be considered later a thermal contact resistance 
of the order of '/;000(hr deg F ft? of contact surface )/ Btu appears to 
be a reasonable expectation, but this still leaves a discrepancy of 
25 to 30 per cent. This cannot be accounted for in terms of the 
slight differences in air-side geometry between the CF-8.72 and 
CF-8.72(c) surfaces as shown in Table 5(a). 

The later heat-transfer results agree very well with those of 
Jameson (10), either on the nondimensional basis of Fig. 4(a), or 
the dimensional basis of Fig. 9. A consideration of the com- 
parison of the nondimensional geometrical factors shown in Table 
5 (a) points out both strong similarities and differences in air-side 
geometry of the two surfaces. Consequently this good agree- 
ment in heat-transfer behavior may be viewed as at least partially 
fortuitous, 


with the integral fins will expand away from the copper liner for = 


the test conditions, as the tube wall is then about 140 F above 
room temperature. The air gap thus formed will be of the order 
of 0.7 X 107-4 ft and, as a consequence, will provide a contact re- _ 
sistance. Additionally, the extrusion process used in forming the 
aluminum fins over the copper liner employs a grease lubricant. 
Visual inspection suggests that this grease layer may be of the — 
order of 10~* ft and the effect will make a further small contri- 
bution to the contact resistance. On the basis of the foregoing 
estimates a contact resistance of '/2000 (hr deg F ft? of contact sur- 
Btu is estimated. Another method of estimating the con- 
tact resistance is to discover the resistance magnitude required to 
bring the heat-transfer characteristic of the previous CF-8.72 
surface, Fig. 4, into parallelism with the CF-8.72(c) surface, 
Fig. 4(a). This procedure results in a magnitude of '/jo0. 
But even this large resistance still leaves a discrepancy of 25 to 30 
per cent between the “corrected” behavior of the CF-8.72 surface 
and the new results. 

The following conclusions are offered as the main observations 
to be made from the foregoing considerations: 

(1) The results reported in Figs. 3, 4, and 5 are not adequate for 
design purposes because the bi-metal tube construction introduces 
a contact therma! resistance not characteristic of the fin-side 
surface geometry and flow conditions. This contact resistance 
may be expected to vary substantially in magnitude depending on _ 
service conditions. 

(2) The magnitude of this contact resistance for the particular | 
set of bi-metal tube tests is believed to be of the order of '/:00 
to'/so0(hrdeg F ft?of contact surface )/Btu. This still leaves about 
one half of the difference in heat-transfer behavior—monometal _ 
versus bimetal construction—as unaccounted for. 

(3) The results reported in Fig. 4(a) of this closure are believed 
adequate for design providing geometrical similarity is maintained 
as indicated in the CF-8.72(c) column of Table 5(a). 

(4) These new resulis agree quite well with the previously re- 
ported data of Jameson (10). 

(5) It is important to reiterate the conclusion stated in the main 
body of this paper—that additional carefully obtained design _ 
data are needed for the finned circular-tube surface before this 
very common configuration may be nine’ with confidence in | 
heat-exchanger designs. 


face) 


or + H + 
t 
| 
{ 


= 


"ict 


of the Society. 


By W. M. KAYS' anp A. L. 


Recent heat-transfer and flow-friction test data (1)* for 
gas flow in small circular and rectangular cylindrical tubes, 
in the laminar, transition, and low-Reynolds-number tur- 
bulent-flow regimes, are examined and compared with 
earlier results. For circular tubes in laminar flow, the 


_ heat-transfer results substantiate very well analytical pre- 


dictions as summarized by Norris and Streid (2). In 
turbulent flow, circular-tube heat transfer is correlated by 


Pe an empirical nondimensional equation of the same form, 
but with a somewhat lower coefficient than has been com- 


monly employed in the past. The difference is attributable 
in part to the use of more recent data on air properties in 
the reduction of test results to a nondimensional form. 
The transition region for circular tubes is found to extend 
from about Nz ~ 2000 to Nz ~ 10,000, and heat-exchanger 
design in this “dip”’ region is discussed. Laminar-flow 
circular-tube friction factors show anentrance length effect, 
similar to that found for heat transfer, and it is demon- 
strated that the analysis of Langhaar (3) for flow in a single 
tube can be employed to predict friction factors with ac- 
ceptable accuracy for flow through a tube bundle even with 
the sudden change of flow area at the contracted tube- 


entrance section. For small circular tubes, as a result of 


this analysis, recommended design correlations in graphi- 


cal form are given for the Nr range 500 to 50,000. 


The turbulent-flow heat-transfer and friction perform- 


ance of rectangular tubes is in close agreement with the 
_ characteristics for circular tubes. 


However, there is a 
marked difference in the laminar and transition behavior, 
where the aspect ratio of the rectangular cross-section is 
demonstrated to have an important influence. It is con- 
cluded that considerable additional work, both analytical 
and experimental, is needed to ascertain laminar and 
transition flow-friction and heat-transfer characteristics 
in rectangular tubes. 
NOMENCLATURE 
Pett 
The following nomeclature is used in the paper; 
= heat transfer area, sq ft SN 
= free-flow area, sq ft i 
= specific heat at constant pressure, Btu/(Ib deg F) 
= 4r, inside diameter of circular tube, or hydraulic 
diameter of rectangular section tube, ft 
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Fanning friction factor, dimensionless 
mass velocity, Ib/(hr sq ft) 
proportionality factor in Newton's second law, g = 
32.2 (Ib/#)( ft/sec*) 
unit conductance for convective heat transfer, Btu, (hr 
sq ft deg F) 
contraction loss coefficient for pressure loss at heat- 
exchanger entrance, dimensionless 
momentum-velocity distribution correction factor, 
dimensionless 
expansion-loss coefficient for pressure loss at heat- 
exchanger exit, dimensionless 
unit thermal conductivity, Btu/(hr sq ft deg F/ft) 
flow length, ft 
hydraulic radius, A.L/A = flow cross section/wetted 
perimeter for cylindrical tubes, ft 
velocity, fps 
aspect ratio of rectangular section, long side over short 
side, dimensionless 
= density, lb/ft? 
= ratio of free flow to frontal area, dimensionless 
= wall shear stress, |b/ft* 
= viscosity, Ib/(hr ft) 
= Stanton number, h/Gc, 
= Prandtl number, uc,/k 
Na = Reynolds number, 47,G/p,.0r 


Nore: In all of the correlations proposed in this paper the fluid 
properties are evaluated at ‘‘film average’’ temperature, defined 
as the arithmetic average of the wall temperature and the bulk- 
average fluid temperature. 


INTRODUCTION 


The heat-transfer and flow-friction characteristics for gas flow in 
small circular tubes have been the subject of a great deal of ex- 
perimentation, but there are surprisingly few reliable data upon 
which to base heat-exchanger design, unless an uncertainty of 
+15 to 20 per cent can be tolerated. This is especially true for 
Reynolds numbers in and near the transition region, and it is just 
this Reynolds-number range that becomes of importance when 
employing tubes with hydraulic diameters of the order of '/, in. or 
less with low-density gases. There are considerably less experi- 
mental data available for rectangular tubes. The characteristics 
of rectangular tubes at low Reynolds numbers are becoming in- 
creasingly important because this is the flow-passage geometry 
for very compact plate-plain-fin-type heat-exchanger surfaces 
(4). 

For heat transfer in the turbulent-flow region, Drexel and Mc- 
Adams (5) correlated the previously available experimental data 
by the equation 


= 0. {1} 
This equation averaged a fairly wide scatter of test points ob- 


tained by different experimenters employing different test tech- 
niques. It was recommended for both circular and rectangular 


Convective Heat-Transfer and Flow-Friction 
Behavior of Small Cylindrical Tubes—Cir- a Ly 
cular and Rectangular Cross Sections _ 
x. 


tubes, employing a hydraulic diameter, 47,, as the Ne length 
dimension in both cases. Many heat-exchanger designers employ 
the Colburn equation, which is similar to Equation [1], but with 
the coefficient changed from 0.021 to 0.023. 

In the laminar region for gas flow there have never been suf- 
ficient reliable test data to form any empirical generalizations, 
and in laminar flow the problem is further complicated by the 
fact that the heat-transfer performance becomes a strong function 
of the length-to-hydraulic-diameter ratio of the flow tubes, 
L/4ry; and in the case of rectangular tubes, of the aspect ratio of 
the rectangular section. Natural convection also may affect test 
results at very low velocities. Fortunately, laminar-flow heat 
transfer can be analyzed theoretically. Norris and Streid present 
an extension of the work of Graetz and Leveque for flow through 
circular tubes with constant wall temperature, and flow between 
parallel planes with constant wall temperature (2). Adequate 
experimental confirmation, however, is lacking. Analyses also 
are available for some cases for laminar flow with constant heat 
input per unit of length, again without experimental confirma- 
tion. 

There are extensive data available for the friction-factor be- 
havior for circular tubes in turbulent flow. Heat-exchanger de- 
signers often employ the simple equation given by McAdams (6) 
for smooth tubes 


1180 


f = (2) 
For Reynolds numbers greater than 30,000 this equation corre- 
sponds closely to most of the more complex correlations, but at 
lower Reynolds numbers it yields a somewhat lower friction factor 
than the generally accepted best correlations, i.e., Blasius, Kér- 
man-Nikuradse, etc. (7). For rectangular tubes the same equa- 
tion is generally employed. : 

For laminar flow, the friction factor is readily derived analyti- 
cally for fully established parabolic velocity distribution for both 
circular and rectangular cross sections (6) but there are no 
analytical results to demonstrate the influence of entrance length, 
except for the recent work on a circular tube with bellmouth en- 
trance system by Langhaar (3). 

There are insufficient heat-transfer and friction design data for 
gas flow in the transition region between fully established laminar 
and turbulent flow for both circular and rectangular tubes. What 
few data there are, however, indicate that the common procedure 
of extrapolating turbulent-flow correlations down to Na = 2300 
is not valid. Previous work on the Office of Naval Research Stan- 
ford University program reported in (4) was for air flow in cylin- 
drical tubes of approximately rectangular section. However, 
owing to manufacturing limitations, these cores had a relatively 
short uninterrupted flow length, L/4r, 10 to 35. Moreover, the 
aspect ratio of the flow cross section, a*, varied from 2.5 to 5. As 
a consequence, the separate effects of L/4r, and a@* could not be 
established quantitatively from these tests. 

In view of the uncertainties in the design characteristics of 
these geometrically simple and quite commonly used heat- 
exchanger surfaces, the Navy-Stanford program included tests of 
a long circular-tube core and a long rectangular-tube core. The 
surface geometry of these cores is briefly described as follows: 


Circular-Tube Surface—Designation ST-1 

Tube ID = 4r, = 0.231 in. 

Flow length, L = 18.3 in. 

L/4r, = 79.2 

Free flow to frontal area ratio, ¢ = 0.530 

1033 drawn aluminum tubes rolled into tube sheets providing 
an air-flow frontal area of 0.567 sq ft 

Rectangular Tube Surface-—Designation 11.11(a) 

Tube inside dimensions, 0.48 X 0.082 in. 
al 
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Aspect ratio, a* = 5.85 
Hydraulic diameter, 4r, = 0.1382 in. 
Flow length, L = 8 in. 
L/4r, = 57.8 
Free flow to frontal area ratio ¢ = 0.396 
Plate-fin type of core formed from 0.008-in. continuous copper 
fins (11.11 fins/in.) and brass plates, to provide an air-flow frontal 
area of 0.567 sq ft; Dip solder construction. 


These cores are described in more detail in reference (1). The 
method of test, involving condensing steam-to-air heat transfer, 
and the method of reduction of test data, are given in reference 
(8). 

Smoothed curves, representing the heat-transfer and flow- 
friction characteristics of these surfaces (1) are reproduced in Fig. 1 
for the circular tubes (ST-1), and in Fig. 2 for the rectangular 
tubes (11.1la). The Reynolds-number test range extended from 
well into the laminar-flow regime, through transition flow, into 
the fully developed turbulent range, from Nr of 600 to 15,000 for 
(ST-1) and 400-12,000 for (11.11a). Only isothermal friction- 
factor results are reported here. However, reference (1) also re- 
ports the friction behavior associated with the hot-core runs. 

The major objective of this paper is to critically compare the 
results of these tests with the analytical and experimental informa- 
tion contained in the literature. By this means, at least tentative 
recommendations for correlations to use for heat-exchanger de- 
sign purposes are formulated. Particular consideration is given 
to the laminar and transition-flow regions, the influence of tube 
length L/4r, for circular tubes, and the effect of aspect ratio for 
rectangular tubes. Additionally, the work that remains to be 
accomplished for rectangular tubes is emphasized. 


Crrcucar-Tuse Heat-Transrer PERFORMANCE 


Comparison With the Conventional Correlations. In Fig. 1 the 
heat-transfer and flow-friction test results for the circular tube 
surface, ST-1, are plotted as Ng:Np,’/* and f versus Nry. These 
particular parameters were chosen in order to show the similarity 
between the heat-transfer and friction performance, and to 
emphasize the flow-transition-region behavior. Superimposed 
are some of the commonly employed correlations for laminar- and 
turbulent-flow conditions, 

The laminar-flow heat-transfer curves were evaluated from 
Norris and Streid’s analytical results (2). These curves had to be 
calculated for the particular Prandt] number of the tests since 
NaNp,-'/? versus Nr is not an adequate set of parameters for 
laminar flow. The two turbulent-flow heat-transfer correlations 
are the ones recommended by Drexel and McAdams (5) (Equa- 
tion [1]), and the older Colburn equation which has a coefficient 
of 0.023 instead of 0.021. 

An examination of the test curve indicates laminar flow below 
Ne = 3000, a gradval transition from laminar to turbulent flow 
from Na = 3000 to Nx = 10,000, and apparently fully established 
turbulent flow for Na > 10,000, although the heat-transfer test 
range extended only to Nr = 16,000. 

In the laminar-flow region, the test data agree closely with the 
Norris and Streid analytical curves for the particular L/D of the 
test core. The analytical curves are based on the idealization of 
fully established parabolic velocity distribution throughout the 
tube length, whereas in the tests the tubes start with an abrupt 
contraction followed by a re-expansion and then the build-up of 
the laminar-flow velocity distribution. From this point of view 
the test results support Norris’ contention that for L/D > 5 the 
initial velocity distribution is of secondary importance. It also is 
worth noting that for laminar flow, L/D = 80 is still by no means 
a “long” tube, since both the test results and the analysis show a 
very marked entrance length effect. 
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Although the test range does not extend very far into the fully 
extablished turbulent-flow region, it ix apparent that both of the 
commonly employed correlations yield higher unit conductance. 
This discrepancy will be considered later in more detail. 

The gradual! transition from laminar to turbulent flow, and the 
wide range of Reynolds numbers over which the transition ex- 
tends, is of particular interest because a much more abrupt 
transition is often assumed in design calculations. Since the air 
temperatures on the downstream side of the test core were deter- 
mined by a 27-point traverse it was possible to examine the be- 
havior of individual tubes. It was found that whereas in the 
region of fully established laminar and turbulent flow the maxi- 
mum variation of downstream temperature over the flow cross 
section was about 2 F, in the transition region the variation 
was as great as 20 F. A 20 F temperature variation, oc- 
curring in the Reynolds range, 5000-6000, corresponds to a 
variation of Ne Np,'/* of as much as 50 per cent from tube to 
tube. Furthermore, this variation was perfectly random. The 
conclusion is evident that laminar flow persists in some of the 
tubes to Ny > 8000, while in others a transition occurs at much 
lower Reynolds numbers. The gradual transition curve shows 
only the integrated effect for a large number of tubes. This sub- 
stantial variation in the Reynolds number of incipient transition 
would be expected where there is considerable variation in tube 
dimensions and tube-entrance conditions, but in this test core the 
drawn aluminum tubes were sized accurately, Also, the core has 
an abrupt flow-area contraction at the tube entrances (o@ = free 
flow /frontal area = 0.530) which would be expected to produce an 
early and a consistent transition rather than the actual variable 
transition which in some tubes ix as late as Ne ~ 8000. 

Comparison With Other Small-T ube Test Results. Rather than 
attempt to draw definite recommendations for heat-exchanger de- 
sign from the foregoing comparisons alone, the actual test data of 
a number of previous investigations of gas flow in small circular 
tubes at low Reynolds numbers were compared as shown in Fig. 3. 
These were all obtained in steam-to-air systems with multiple- 
tube test cores 

The London and Brewster data (9) were recalculated employing 
more recent information on air properties (10) and (11); making 
a correction for an estimated steam-side resistance; and evaluat- 
ing fluid properties at a “film” average temperature. The tubes 
of this test core had hex ends that were soldered together so that 
a rather smooth convergent entrance existed instead of an abrupt 
contraction entrance as for the ST-1 core. 

The Harrison data (12) were likewise 
correction was made for steam-side resistance, there being no in- 
formation upon which to base any estimate. However, this is 
approximately compensated by the omission of a correction for 
the heat-transfer area in the hex ends of the tubes, 

The Green and King data (13) were obtained from a test core 
very similar to core ST-1, with abrupt contraction tube en- 
trances, but with shorter L/D. 
culated 

An examination of Fig. 3 indicates that although there are 
considerable differences in behavior in the laminar and transition 
regions, all of the test results converge in the fully established 
turbulent-flow region and are well approximated by the equa- 
tion 


recalculated but no 


These data also have been recal- 


This equation is 5 per cent below the correlation recommended by 
Drexel and MeAdams and 15 per cent below the Colburn equa- 
tion, 


An important point to note is that the Prandtl number em- 
ployed in the reduction of the test data was evaluated at a film- 
average temperature and was about 0.69 for most of the test 
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points, employing the air-properties data of (10) and (11). Ifa 
Prandtl number of 0.74 is employed, as has been frequently done 
in the past, the effect will be to increase Ns.Np,'/? by just about 5 
per cent. It is recommended, however, that the most recent and 
most reliable information on fluid properties be used together 
with the coefficient 0.020 for gas flow, rather than 0.021. 

The restriction of this equation to gas flow is worth special 
emphasis. The use of the j-factor, Na.Np,'/’, specifies that the 
heat-transfer conductance varies as the minus-two-thirds power 
of the Prandtl number, but this is only an empirical approxima- 
tion of the actual contribution of the Prandt! number. The 
actual effect of Np, is currently the subject of a great amount of 
fundamental study of the mechanisms of turbulent heat trans- 
fer. The Colburn equation can be used as an approximation for 
a very wide range of Prandt! numbers (except for Np, << 1 as 
for the liquid metals), However, comparison with some of the 
analogy analyses such as that of von Karman (14), or Martinelli 
(15) indicates that in the Prandtl-number range of gases, 0.6-0.8, 
the Colburn equation, due to the Np,’ factor, yields heat- 
transfer conductances that are somewhat high, while in the 
Prandtl-number range of water, 2-6, it is low. This, then, ac- 
counts for the different coefficients in the j-factor equations. 
Since the Prandtl-number range of gases is rather small, the use of 
Np,'/* is quite adequate, but extrapolation outside the gas range 
is not justified. 

It also should be noted that all of the data considered were ob- 
tained with essentially constant wall temperature. In laminar 
flow there is about a 20 per cent difference between the unit con- 
ductances for constant wall-temperature conditions, and for what 
might be considered the other extreme, constant heat input per 
unit of tube length. Seban and Shimazaki (16) have shown that 
there is also a difference for turbulent flow and that this difference 
increases with decreasing Prandt! number, having an important 
influence in the Prandtl-number range of the liquid metals. 
In the Prandtl-number range of gases considered here, Seban’s 
calculations indicate that the unit conductance for constant heat 
input per unit of length will run 4 to 5 per cent above that for a con- 
stant wall temperature. Most applications with gas flow in 
circular tubes will occur in crossflow heat exchangers where the 
wall-temperature variation will be somewhere between constant 
wall temperature and the wall-temperature variation obtained 
with constant heat input per unit of tube length. The correction 
for nonisothermal wall conditions would then be within the range 
of experimental accuracy of the data upon which the constant 
wall-temperature correlation is based in the turbulent flow Nr 
regime. 

The test data examined show no apparent L/D effect in the 
turbulent-flow region. The data of (17) indicate that for L/D > 
25 the correction for entrance-length effects is probably less than 
the experimental error of the test data. 

In Fig. 3 analytical curves have been drawn in the laminar-flow 
region for three magnitudes of L/D, employing the results of 
Norris and Streid for isothermal wall conditions. The compari- 
son of analysis and experiment has already been made for L/D = 
80. At the lower magnitudes of L/D the comparison is not quite 
as good, but when the probable experimental accuracy, +5 per 
cent, of all the test data, is taken into consideration, the Norris 
and Streid curves appear to be a quite reasonable approximation 
of laminar-flow heat-transfer characteristics in a circular tube with 
constant wall temperature. Norris originally presented his re- 
sults as a tabulation of Nusselt number versus NaNp,/(L/D), 
and then presented as an approximation to the tabulation twe 
asymptotic equations. As an improvement over these approxima- 
tions, the following very simple equation is presented, which for 
Nr < 2000 and L/D > 25 has a maximum deviation of 2 per cent 
from the original analytical results 
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(Influence of L/D and entrance flow conditions. 


= 3.66/Nr + 0.05 Np-/(L/D) {4) 


For large magnitudes of L/D, or for very low Reynolds numbers 
this equation approaches the theoretical limiting Nusselt number 
of 3.66 (Nwuw = NaiNe-Na). The unit conductance considered 
here is based on the logarithmic mean temperature difference so 
that the limiting magnitude is also the limiting local conductance. 
Another virtue of this empirical equation is its symmetry with 
Equation [7] which is proposed for f as a function of Nr. 

It should be emphasized that the laminar-flow data discussed 
are strictly applicable only for constant wall-temperature con- 
ditions. For constant heat input per unit of length the limiting 
Nusselt number (18) is 4.36. This gives a unit conductance 19 
per cent above the constant wall-temperature case. No analysis 
is currently available for other than the limiting Nusselt number. 

Another aspect for laminar-flow convection which should be 
_ considered is the effect of natural convection. It will be noted that 
no account is taken of the influence of natural convection in the 
comparison of analysis and experiment. For low-velocity laminar 
flow in large tubes, there is no question that there will be considera- 
ble natural-convection effects. However, the equations which 
have been proposed would involve a correction which for these 
tests appears entirely out of line. It is believed that for tubes of 
less than */s in. diam and for Reynolds numbers greater than 500 
the natural convection influence is negligible. 

Since all of the test data examined were obtained with air under 
similar heating conditions, it is not possible to determine the 


effect of temperature-dependent fluid properties, i.e., variation of 


fluid properties over the flow cross section. For gases this is not as 
serious a problem as for liquids, since the wu, k, Np, properties do 
not change as strongly with temperature. The use of a film- 
average temperature at which to evaluate fluid properties is a 
simple expedient which appears to be quite adequate for tur- 
bulent flow of gases, but whether this is adequate for laminar 
flow is open to question. An examination of the comparison of 
isothermal! friction factors, and friction factors obtained with air 
heating in reference (1) indicates that a better method is needed 
for handling the influence of variable properties for at least the 
friction factors in laminar flow. 


Heat-TRANsreR CHARACTERISTICS 
Comparison with results of other experimenters and with laminar-flow theory.) 


All of the data plotted on Fig. 3 show the gradual transition 
from laminar to turbulent flow as for the ST-1 surface. However, 
there is a definite difference in the transition range. It is es- 
pecially notable that the London and Brewster data show a 
transition range at quite high Reynolds numbers, whereas the 
Green and King data show a transition range at Reynolds num- 
bers approximately 50 per cent lower. The Green and King data 
are based on somewhat greater L/D, 52 as compared to 35, but 
the principal difference lies in the fact that the Green and King 
core had an abrupt contraction at the entrance whereas the Lon- 
don and Brewster core had a fairly smoothly convergent entrance 
owing to the manner of header construction. All three of the 
Harrison test cores had smoothly convergent entrances, while the 
ST-1 core had an abrupt contraction. If the cores with different 
entrance conditions are compared separately, conristent behavior 
is noted. A smoothly convergent entrance tends to preserve 
laminar flow to higher Reynolds numbers than an entrance with 
an abrupt contraction, and with the smooth entrance the transi- 
tion range extends to higher Reynolds numbers for short tubes 
than for long tubes. For the two cores with abrupt contraction 
entrances, the transition appears to take place in about the same 
Reynolds-number range. 

The foregoing considerations, both experimental and analytical, 
of the heat-transfer performance for small circular tubes, vields 
the following conclusions: 

(a) The Norris and Streid calculations for laminar flow are very 
well substantiated and are closely approximated for Nx < 2000 
and L/D > 25 by Equation [4]. A correction for natural convee- 
tion effects for tubes of */, inch diameter or less, and for Reynolds 
numbers greater than 500, does not appear to be warranted. 

(b) The transition from laminar to turbulent flow will extend 
from Na ~ 2000 to Na ~ 10,000, or even greater. For multiple- 
tube systems the transition will be gradual, but the position of the 
transition curve will depend upon the length-to-diameter ratio, 
L/D, and the entrance conditions. In general, with an abrupt 
contraction at the entrance, transition will start, and will be com- 
plete, at a lower Nx than if the entrance is smoothly convergent. 
For these reasons heat-exchanger design with circuiar tubes in 
this range is quite uncertain. 
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(c) For que than 10,000, the heat- 
transfer characteristics for gas flow in small circular tubes are best 
approximated by Equation [3], providing the latest physical- 
properties information for gases is employed (11). 


CracuLar-Tupe Friction PerrorMaNnce 


Comparison With Conventional Correlations. The isothermal 
friction factors for the ST-1 surface are shown, Fig. 1, along with 
two commonly employed equations for laminar and turbulent 
flow in circular tubes. In reference (1), where the original test 
data for this surface are given, a very good correlation between 
isothermal and “hot-core” friction factors is obtained for tur- 
bulent flow, by evaluating fluid properties at a film-average 
temperature. However, there is about a 10 per cent discrepancy 
in the laminar-flow region indicating that the film-average- 
temperature method does not adequately take care of the varia- 
tion of viscosity over the flow cross section. Additionally, such a 
procedure cannot account for density variations over the flow 
section. The following discussion will be concerned only with the 
isothermal friction factors, in the laminar-flow region, and the 
question of correlating laminar-flow friction factors where film 
properties vary, although of considerable technical interest, is not 
considered further. 

In the laminar-flow region the test frictiam factors show a defi- 
nite L/D effect similar to that found for the heat-transfer results. 
The transition from laminar to turbulent flow is similar to that 
for the heat-transfer results, the only difference being that the dip 
is less pronounced. 

In the turbulent-flow region the test friction factors agree very 
well with Equation [2], which is somewhat surprising when it is 
considered that this equation, while agreeing with the Ka4rman- 
Nikuradse equation for Nx > 30,000, yields friction factors that 
are about 8 per cent low at Ne = 10,000. Since the heat- 
transfer results indicate that fully established turbulent flow is not 
attained until Reynolds numbers greater than 10,000, it may be 
that the correlation with the f = 0.046 Nr~®? curve at low 
Reynolds numbers is fortuitous and cue to the part laminar, part 
turbulent characteristic of the transition range. Shapiro and 
Smith (19) note this entrance effect in experiments on tubes with 
bellmouth entrances, and find that for Reynolds numbers less 
than 100,000 the apparent friction factor is generally lower than 


the friction factor given by the Kaérmén-Nikuradse equation for _ 


fully established turbulent flow. 

There is another reason why the friction factors may be some- 
what lower than anticipated. 
the basis of the mean wall shear stress, 7) = fpV*/2g, rather than 
the pressure drop. The change in pressure due to changes in 


velocity distribution is taken care of by the entrance abrupt-— 


contraction coefficient K, of reference (20). The abrupt con- 
traction at the entrance to the flow tubes is followed by a vena 
contracta of the flow stream a few diameters downstream, and 
then a re-expansion. In the region of the vena contracta there is 
actually a flow reversal at the wall and thus reversed shear. The 
result is that the integrated shear along the entire tube may be 
less than the local shear at points downstream where there is 
fully established turbulent flow. 

Effect of L/D on Laminar-Flow Friction Factors. It was men- 
tioned previously that in the laminar-flow region the friction fac- 
tors for surface ST-1 show a similar L/D effect as do the heat- 
transfer results. What appears to be the best analytical study of 
the entrance region of a tube in laminar flow is that of Langhaar 
(3). This analysis includes the idealization 0/ a uniform velocity 
distribution at the entrance, a condition hardly satisfied by the 
abrupt contraction entrance for the ST-1 core, or by the entrance 
conditions in most heat-exchanger applications. However, the 
effect of the abrupt contraction is noticed for only a few diameters 
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As employed here, f is defined on 


downstream. It is plausible that after the first few diameters the — 
laminar boundary layer, and finally the laminar-flow velocity 


OCTOBER, 1952 _ 


distribution builds up in a similar manner regardless of the en- Ce wo 


trance conditions, 


From Langhaar’s calculations of total pressure drop in the en- ae 


trance region of a circular tube a friction factor can be ex- 
tracted and tabulated as a function of L/D and Ne. A friction 
factor can be defined by any one of three methods: (a) On the 


basis of total pressure drop; (b) on the basis of mean mechanical —__ 


energy-dissipation rate; and (c) on the basis of mean wall shear. 
For fully established incompressible flow these three definitions 
are identical. However, in the entrance region of a tube they will 
differ considerably, For the purposes of this paper the friction 
factor is defined on the basis of mean wall shear so that it can be 
used in conjunction with the entrance and exit coefficients, K, 
and K,, as presented in reference (20). The latter were derived 
from momentum and force considerations, taking into account 
velocity distribution, and are thus only compatible with friction 
factors defined on a force basis. The defining equation for the 
friction factor is 


To = fpV*/2g 


In order to extract such a friction factor from Langhaar’s 4 


pressure-drop data it was necessary to evaluate, from his velocity- 
distribution data, a t velocity distribution correction 
factor K,, as a function of the parameter, 4(L/D)/Nr. The — 
momentum correction factor is defined (20) as 


l Ae 
=- VdA,.. 
f dA, 


These results are presented in Table 1. It will be noted that as 
L/D is increased, or Nx decreased, K, approaches the familiar 
magnitude of 1.333 for parabolic velocity distribution. 
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~® Ka is defined by Equation [6]. 


The friction factors are then presented in Table 2 in the form 
4f(L/D) versus 4(L/D)/Nr. It will be noted that for 4(L/D)/Nr 
> 0.25 the complex functional relation is closely approximated by 
the simple equation 


= 16/Nr + 0.152/(L/D)........ 


The mean friction factor thus approaches the well-known relation, 
f = 16/Nr, for fully established laminar-flow velocity distribu- 
tion, as (L/D) is increased, and also as Ne is decreased. This 
equation has the same form as Equation [4] for heat transfer in 
laminar flow. 

Comparison With Other Small-Tube Test Data. In order to 
check the applicability of friction factors from Langhaar’s analysis 
to systems with an abrupt contraction entrance, four sets of test 
results were examined, for laminar flow with differing L/D. 
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TABLE 2 LAMINAR-FLOW_ FRICTION FACTORS FOR SHORT 
CIRCULAR TUBES* 
4(L/D)/NR 


For 4(L/D)/Nr > 0.25 


16/NR + 6.152/(L/D) 


* Based on uniform velocity distribution at tube-inlet section. 
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(Influence of L/D. Comparison with results of other experimenters and with 
‘= minar-flow theory.) 
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To extract the friction factor from over-all core pressure-drop 


data, entrance and exit loss coefficients, K, and K,, were evaluated 
by the methods of reference (20) employing the momentum- 
velocity distribution correction factor K,, described previously. 
These test data along with friction factors from Table 2, are shown 


Fig. 4. 


The test data for L/D = 80 are from surface ST-1. For L/D = 
35 the London and Brewster data reference (9) were employed. 
The heat-transfer test results had indicated in this case that 
laminar flow persisted to Nr = 5000. The L/D = 100 data were 
obtained from reference (21). The L/D = 16 test points are un- 

_ published data (22). 
The L/D = 80 test poinis lie somewhat low and practically 


a coincide with the data for L/D = 100. The latter, however, corre- 


late fairly well with the analysis. For L/D = 35 the two lowest 
Nr test points appear to be low, but the other three correlate 
fairly well with the analysis. The correlation between the 
analysis and the test points for L/D = 16 is excellent considering 
the experimental difficulties of measuring accurately the small 


pressure drops encountered in these tests, especially at low Nr. 


4 


In general, the test points tend to lie slightly below the curves 
from Langhaar’s analysis. This is to be expected since the friction 
factors are defined on the basis of mean wall shear, and the re- 
versed shear in the vicinity of the vena contrata at the entrance 
would tend to reduce the apparent friction factors in the manner 
shown. 
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As a general conclusion to this discussion, there is no question 
that a very definite L/D infl on the laminar-fiow friction 
factors exists, and the friction factors predicted from Langhaar’s 
analysis are in substantial quantitative agreement with the ex- 
perimental results. 


RecomMENDED Heat-TRaNnsFer AND Fiow-Fricrion Corre.a- 
TIONS FoR FLow Insipe Circutar Tures 


In the foregoing sections the flow of a gas inside small smooth 
circular tubes in the laminar, transition, and low Nx turbulent 
regimes has been investigated, and the results of a number of 
different experimenters have been examined and correlated. The 
conclusions from this investigation are presented graphically in 
the form of recommended design curves, Fig. 5, and represent a 
summary of the current best interpretation of the available test 
data for gas flow inside small circular tubes. 

The laminar-flow heat-transfer curves are based on analysis, as 
presented by Norris and Streid (2), which has been shown to be 
supported by experiment. These curves are evaluated for a 
Prandt] number of 0.672, corresponding to air at 500 F. Very 
little error is introduced by this specification for the Prandtl- 
number range of gases, and it has the virtue of allowing both 
laminar and turbulent-flow correlations to be shown on the same 
plot. 

The dashed line in the laminar-flow heat-transfer region is for 
constant heat input per unit of length, and L/D = ©, instead of 
constant wall temperature which is the basis of the Norris and 
Streid analysis. This is the situation which would be encountered 
in a counterflow heat exchanger with equal capacity rates for each 
fluid, as, for example, a gas-turbine regenerator. The laminar-flow 
characteristic for the counterflow arrangement with capacity-rate 
ratios other than unity, and for crossflow arrangements, probably 
will iie between these curves. For short tubes with constant heat 
input per unit of length, it is recommended in lieu of other data 
that either the constant wall-temperature data or the long-tube 
constant heat-input data be used, whichever yields the higher 
Net magnitude. 

The laminar-flow friction-factor curves are based on the analy- 
sis of Langhaar (3), and these f — Nr characteristics have been 
shown to be supported by experiment. It should be noted that 
these curves are for isothermal conditions. For heating gases the 
friction factor may be from 5 to 15 per cent higher, and for cooling 
gases the friction factor may be lower to the same extent. 

The transition behavior for both heat transfer and friction is 
based on the observed behavior of a number of multiple-tube sys- 
tems. Design in this region is quite uncertain and the estimated 
error of +15 per cent indicted in Fig. 5 may be optiraistic. 

The turbulent-flow heat-transfer curve is based on the very 
good correlation obtained for a number of test cores with varying 
L/D. Although there is undoubtedly a small L/D effect in tur- 
bulent flow, the correction for L/D > 25 is less than the probable 
experimental discrepancy upon which the given curve is based. 

The turbulent-flow friction curve is admittedly the least sub- 
stantiated recommendation in Fig. 5. It is based primarily on the 
behavior of surface ST-1. At Reynolds numbers greater than 30,- 
000 the curve checks very well with most accepted data for very 
smooth tubes, but between 10,000 and 30,000 the curve lies some- 
what below the most generally accepted data. It should also be 
noted that the turbulent-flow friction factors for rough tubes will 
be higher, but for small-tube heat exchangers constructed of 
drawn tubes, the smooth-tube curve should apply. 

The friction factors as given here are defined on the basis of 
mean wall shear. The entrance and exit effects, due to the con- 
traction and free expansions associated with abrupt area changes 
at core entrance and exit, and the pressure changes associated with 
changes in velocity distribution, must be taken into consideration 
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by separate entrance and exit coefficients, K, and K,. The en- 
trance and exit coefficients for a multiple circular-tube system 
with essentially uniform velocity distribution upstream and 
downstream of the core are givenin Fig.6. This illustration, taken 
from reference (20), has been supplemented with additional curves 
calculated for short tubes in laminar flow, empleying the K, 
velocity-distribution correction factors of Table | 


Heat-TRANSFER AND Friction Per- 


FORMANCE 


RecrancutarR 


The heat-transfer and flow-friction characteristics for the 
rectangular tube surface, 11.11(a), are shown, Fig. 2. Repre- 
sented, too, are the test data for surface 19.86, a plain-plate-fin 
configuration, with approximately rectangular tubes, a* = 5.5, 
and L/4r, = 35, reported in reference (4). Equations [1] and [2] 
for turbulent flow in circular cylinders also have been recom- 
mended for rectangular tubes and, consequently, these relations 
are given graphically for purposes of comparison, In the laminar- 
tlow region the dashed lines for a* = 1, 5.85, and © represent 
analytical predictions for jong tubes. The analytically estab- 
lished laminar-flow friction factors were taken from reference (6) 
where the complete variation with aspect ratio a* is given. The 
laminar-flow heat-transfer curves were taken from Norris and 
Streid (2) for flow between parallel planes, a* = ©, and from 
Glaser (18) for flow through a square tube, @* = 1.00, both for 
isothermal tube-wall conditions. No analytical results are yet 
available for other aspect ratios. Moreover, analyses are lacking 
for the effect of L/4r, on the laminar-flow friction factors and 
heat-transfer conductances, except for flow between parallel 
planes, a* 

Surface 11.11(a) was tested primarily to determine the character- 
istics of a typical plain-plate-fin surface with large L/4r,. The 
plain-plate-fin surfaces that had been tested previously and re- 
ported in reference (4) actually had interrupted fins, and the 
greatest ratio of uninterrupted fin length to hydraulic diameter, 
L/4r,, was 35 for surface 19.86, as compared to 57.8 for surface 

Turbulent-Flow Characteristics. When the estimated experi- 
mental accuracy is taken into consider ation, the agreement is 
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b excellent between the characteristics of the 19.86 and 11.11(@) sur- 


faces, for both heat transfer and friction, over entire Reynolds- 
number test range. For turbulent flow there is apparently little 


; tube-length influence for L/4r, > 35. A re-examination of the 


data in reference (4) indicates that for turbulent flow both the 


Na: = {8} 


f = 0.050 [9] 
regardless of the magnitude of the aspect ratio. Somewhat higher 
friction factors may be encountered in practice since plate-fin 
surfaces are generally of brazed construction and excess brazing 
material on the fins and prime surface can produce a rough wall 


However, it is important to note that the 11.11(a) and 19.86 


surfaces were built by different manufacturers using different 
brazing methods and materials (copper and brass dip solder as 
compared to aluminum furnace brazing) and yet their basic heat- 


transfer and flow-friction characteristics are essentially similar. 


It is believed that the turbulent-flow characteristics are little 
influenced by the aspect ratio of the rectangular flow passages, 
and it is also expected that the characteristics of roughly 
triangular and square flow passages that are sometimes employed 
in plain-plate-fin systems can be approximated closely by the 


i foregoing equations. The close agreement of Equation [8] with 


<’ 


ote 


1,00 for constant wall temperature. 


Equation [3] for circular tubes supports these last contentions. 
Laminar-Flow Characteristics. In contrast to the turbulent- 
flow characteristics, both the laminar-flow heat-transfer and fric- 


19.86 also coincide closely; which is to be expected since the as- 
pect ratio is only slightly lower, a* = 5.5, 

The laminar-flow heat-transfer curves for both of the test sur- 

- faces under consideration are in substantial agreement and lie be- 

tween the extremes predicted analytically for a* = © and a* = 

However, there ix no analysis 
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yet available against which to compare test data between these 
extremes. 

The slopes of both the experimental heat-transfer and friction 
curves, compared to the analytical curves (based on L/4r, = @ ), 
show an L/4r, effect which is more pronounced for heat transfer 
than for friction. The tube-length influence is more accentuated 
for surface 19.86 with L/4r, = 35 than for surface 11.11(a) with 
L/4r, = 58, as expected from previous experience with circular 
tubes. 

Transition-Flow Behavior. The most notable aspect of the 
transition behavior of the rectangular tube surfaces under con- 
sideration is the lack of a pronounced “dip” region as exists for 
circular tubes. To emphasize this contrast, in Fig. 7 the heat- 
transfer behavior of surfaces ST-1 and 11.11(a) are compared. 
There are two reasons apparent for the lack of a dip for the 
rectangular tube surfaces. The transition for both surfaces 11.11- 
(a) and 19.86 tends to take place at a considerably lower Reynolds 
number, 1500-2000, as compared to Nx > 3000 for the circular 
tube surface. For rectangular passages of large aspect ratio both 
the friction factors and the heat-transfer unit conductances for 
laminar flow are much higher than for circular tubes, while the 
turbulent-flow characteristics are quite similar. There is thus no 
opportunity for a dip unless laminar flow could be made to persist 
to a very high Reynolds number. This argument, together with 
the analytical data available for laminar flow in square passages 
(a* = 1), leads to the conclusion that there should be a con- 
siderable dip for square passages, except for the case of a very 
early transition, Nx < 800, which is improbably low. However, 
there are as yet insufficient experimental data to determine how 
the transition point will vary with aspect ratio. The early 
transition for surfaces 11.11(a@) and 19.86 may be due to the 
relatively rough walls as compared to the circular tube systems 
considered which had drawn tubes. 

The lack of a pronounced transition dip for rectangular pas- 
sages with large aspect ratio is an important consideration in heat- 
exchanger design. Even if the Reynolds number of transition 
cannot be determined, little design uncertainty is introduced be- 
cause in the transition range the laminar and turbulent-fiow 
characteristics do not differ markedly. This is in marked contrast 
to circular tubes where there is a large degree of uncertainty, and 
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the assumption of turbulent flow at, for example, Nx = 5000, can 
introduce a design error of from 39 to 50 per cent in the heat- 
transfer performance of an exchanger. 


Conc.Lusions ror Recrancutar TuBes 


The addition of another variable, the aspect ratio, which 
strongly affects both the heat-transfer and friction performance 
in the laminar-flow region makes it impossible at this time to pro- 
vide complete design recommendations for the use of rectangular 
tubes such as was done in Fig. 5 for circular tubes. For turbulent 
flow it is believed that Equations [8] and [9] are adequate within 
+ 5 per cent, regardless of aspect ratio, but it should be noted 
that these equations are based on tests at Reynolds numbers less 
than 12,000, so that extrapolation beyorid 12,000 may be specula- 
tive. 

Before adequate design recommendations for the laminar-flow 
region can be formulated, both analytical and experimental work 
must be done on the following open questions: 


(a) The variation of the heat-transfer unit conductance for large 
L/4r, for both constant wall temperature and constant heat input 
per unit of length, for all aspect ratios. 

(b) The influence of L/4r, on heat transfer for all aspect ratios, 
and for both constant wall temperature and constant heat input 
per unit of length. 

(c) The influence of L/4r, on friction factor for all aspect 
ratios. Tentatively, however, it is recommended that for L/4r, > 
35 the long-tube analytical formulations for f given by McAdams 
(6) may be used. 

(d) The effect of aspect ratio, if any, on the Reynolds number 
of transition. 


In addition there are the same problems of temperature-de- 
pendent fluid properties as for circular tubes. 

Until such analyses are completed, the laminar-flow character- 
istics of rectangular tubes for other than the approximate ge- 
ometry of surfaces 11.11(a) and 19.86 can be estimated only from 
a rough interpolation of the results shown, Fig. 2. In this regard 
it should be noted that the difference between the heat-transfer 
conductance for constant wall temperature and constant heat in- 
put per unit of length is apparently not the same for rectangular 
as for circular tubes. For circular tubes the constant heat-input 
conductance is 19 per cent higher than for constant wall tempera- 
ture. For rectangular tubes with a* = ©, a comparison of the 
analyses of references (2) and (18) indicates a difference of only 8 
per cent, 


SumMary AND GENERAL CONCLUSIONS 


Heat-exchanger design recommendations have been formulated 
for the use of small circular and rectangular tubes, employing as « 
basis recently obtained test results. The emphasis has been 
primarily on gas flow. However, some of the recommendations, 
with suitable modifications, are also applicable to other fluids. 
The recommended heat-transfer and flow-friction design correla- 
tions for gas flow in small circular tubes are presented graphically, 
Fig. 5. Questions that remain only partially resolved are the un- 
certain behavior in the transition-flow regime, and the treatment 
of temperature-dependent fluid properties for laminar flow. 

There are more serious uncertainties in the heat-transfer charac- 
teristics of rectangular tubes, particularly in the laminar-flow 
regime, because of the additional variable, a*, the aspect ratio. 
Consequently, additional analytical and experimental investiga- 
tions will have to be accomplished before complete correlations 
for design can be formulated. However, for turbulent flow, 
Equations {8} and [9] may be used for L/4r, > 25 irrespective of 
a*; and the formulations for the laminar flow f-characteristics, 
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a function of Nx and a*, given in reference (6), also appear to be 
adequate providing L/4r, > 35. 
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Discussion 


C.F. Kayan.* This and its companion paper (1) present results 
“whl appear to rely for homogeneity in the laminar and turbulent 
regions on an assumption of a characteristic dimension for the 

computation of the Reynolds number. This characteristic length 
is 4r,, where r, is the hydraulic radius, as defined by the authors. 
Whereas they recognize lack of agreement of the heat-transfer 
data, primarily, for the narrow rectangular flow passages as com- 
_ pared with circular flow passages for which the laminar-turbulent 
pattern is more or less accepted, their attention is invited to the 
nonhomogeneity of the heat-transfer mechanism for the two types 
_ of flow, i.e., laminar versus turbulent. 
With heat transfer in laminar fluid flow more directly associ- 
* Department of Mechanical Engineering, Columbia University, 
New York, N. Y. Mem. ASME. 
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ated with conduction, it is suggested that the smallest dimension 
of the flow stream might be more apt to control, rather than the 
“hydraulic” dimension used. 

The authors venture that the aspect ratio of the rectangular 
channels might have some effect on the Reynolds number of 
transition. The suggestion is made, herewith, that perhaps some 
other characteristic dimension than the hydraulic one used in 
the Reynolds number would facilitate the general correlation of 
the excellent data, both thermal and friction, produced in the 
authors’ programs. 


AuTHuors’ CLOSURE 


In reply to Professor Kayan’s remarks concerning the use of a 
hydraulic diameter 4r, it is possible that a single more suitable 
length dimension might be chosen to correlate laminar-flow data. 
The hydraulic diameter was selected in this paper for design con- 
venience, so as to have a single type of presentation for both 
turbulent and laminar flow, and for the purpose of maintaining a 
consistent presentation of all of the design data obtained on this 
research project. At the present time additional work, both 
analytical and experimental, is being done on laminar flow in rec- 
tangular tubes, and when this is completed the possibility of a 
single generalized treatment of rectangular tubes will be greatly 
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in: Heat Absor -ption ina 


Natural-Gas 


-Fired, Water-Cooled 


By A. R. MUMFORD! anv R. C. COREY® 


This paper covers the first comprehensive study of the 
distribution of heat absorption in a natural-gas-fired, 
water-cooled, steam-boiler furnace. The use of a fuel 
free of incombustible residue revealed factors in furnace 
performance because ash was not present to mask the in- 
fluence of such factors. The tube-surface temperatures 

_ on the furnace walls were essentially constant at any given 
rating and excess air, and were completely reproducible. 
After a lapse of more than a week a check test was made, 
f and it was found that the indicated tube-surface tem- 
ss: peratures were within a degree or two of their previous 
ie & values. The obvious conclusion is that the shape of the 
“flame” envelope (invisible with natural gas) was inde- 
; = pendent of load, at least with fixed burner position and at 
; fined mixing-vane angles. There is no reason to suppose 
: pak that the flame envelope and gas path in a furnace fired 
o with pulverized coal would not also be the same at the same 
Ss _ rating and excess air and with fixed positions of burners 
and mixing devices. This factor has not been apparent 
on previous tests because of the masking effect of variable 
ash deposits on the furnace tube surfaces. The test 
; a boiler, in normal service, was used at high load factor and 
high capacity. The mixing vanes arad flows in the burners 
had been adjusted properly for this load condition after 
extended experience. Readjustment for each test load 
would have been time-consuming so vane adjustment 
was not attempted. When isotherms were drawn on plots 
m a ies of the furnace walls it was strikingly apparent that the 
is ra pattern was similar at all loads with eight burners and 
with four burners. The gradient, or space between iso- 
therms, varied with rating but the pattern was constant. 
_ _‘This constancy of pattern indicated that as long as burn- 
ers and mixing devices were not readjusted, the hot gases 
would impinge on the walls at the same spots at all ratings 
and, therefore, that the path of gases through a furnace 
is determined by the burner position and the geometry of 
the furnace and not significantly ‘by rating or excess air. 
This factor was not apparent from the results of the pre- 
vious pulverized-ccal-fired tests because of the masking 
action of ash deposits on the surface of the furnace tubes. 
The usual flame, as observed in coal and oil-fired fur- 
naces, was completely invisible in this natural-gas-fired 
furnace. Computations of radiant transfer indicate that 

! Research Department, Combustion Engineering-Superheater, 
Inc., New York, N. Y. Fellow ASME. 

? Supervising Engineer, Combustion Research Section, Bureau of 
Mines, U. 8. Department of the Interior, Pittsburgh, Pa. Mem 
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about 80 per cent of the heat absorbed by the furnace was 
transferred by radiation. Estimates for luminous flames 
indicated that from 95 to 100 per cent of the heat absorbed 
in the furnace is transferred by radiation. In the first 
attempts to measure the furnace gas temperature at the 
burner level several impressive occurrences indicated that 
we were dealing with much higher temperatures than were 
expected. The porcelain shields, used to reduce radiation 
loss, shattered upon reaching the hot gases. The plati- 
num and even the platinum-rhodium wires of the thermo- 
couple melted. The analysis of the data indicated, by 
extrapolation, that temperatures of 3400 F were common 
within 10 ft of the burner. Such temperatures indicated 
effective mixing of fuel and air and very rapid combustion. 
Conservative estimates of heat release indicated values of 
160,000 Btu per cu ft of space utilized for the completion of 
combustion. When the velocities of gas and air were low- 
ered, for testing at lower loads, temperature measurements 
indicated that the mixing action was not as effective be- 
cause the burner vanes were not readjusted to compensate 
for the reduced velocities. At partial loads studies of the 
gas temperature indicated that the impingement of 
the hot gases on the rear or target wall produced sufficient 
mixing to complete combustion at the burner level. No 
unburned products were found in the gas samples taken 
above the burner level at any load. It can be concluded, 
therefore, that with sufficient hot-air pressure and with 
a well-designed mixing burner, natural gas can be burned 
rapidiy and completely at high heat-release rates. The 
temperatures of the gases leaving the furnace at constant 
steam load decreased with increase in excess air but the heat 
content of the mixture increased. The patterns of the 
isotherms of gas temperature at the furnace outlet vary 
markedly with the load. The addition of a widely spaced 
screen of tubes in front of the rear wall reduced the gas 
temperatures leaving the furnace from 50 to 100 F but also 
changed the pattern of isotherms so that the pattern was 
essentially the same at all loads. Probably the furnace- 
wall screen not only absorbed additional heat but also 
aided in the mixing action of the gases impinging on the 
wall and thus made the isotherms more uniform. 


INTRODUCTION 


HIS report covers the investigation con- 

I ducted by the Louisiana Power & Light Co., the Research 

~ Department of the Combustion Engineering-Superheater, 
Incorporated, and the Combustion Research Section of the 


» co-operative 


Bureau of Mines, U. 8. Department of the Interior. The pur- 
pose of the investigation was to learn more about combustion of 
natural gas in boiler furnaces in view of the rapid expansion of the 
use of natural gas for steam generation. 

The investigation was carried out on boiler 9 at the Sterlington 
Steam Electric Station of the Louisiana Power & Light Co. at 
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Sterlington, La. The methods established by the Special Re- 
search Committee on Furnace Performance Factors of the 
ASME were followed during this project. 

Just as it was necessary to break down the over-all performance 
of a steam-generating unit into its components to improve the 
early design and economic efficiency of such units, it is necessary 
to break down the over-all performance of a furnace in order that 
any uneconomic or inefficient parts may be improved. This is 
the broad object of such an investigation as is described in this 
paper 

Accordingly, tests were made to determine the variation and 
distribution of heat absorption on the furnace walls and the 
progress of combustion in the furnace cavity at several values of 
load and excess air. 

In addition to making available the test boiler and acting as 
cosponsor of the program, the Louisiana Power & Light Co 
offered the mechanical-engineering students at Tulane University 
and at Louisiana Polytechnic Institute the rare opportunity to 
work on the tests as technicians and thus gain valuable experience 
in practical application of their engineering training. About 30 
or 40 students from each institution were made available in 
rotation under the direction of faculty members B. T. Bogard, 
H. B. Richardson, and J. J. Thigpen of Louisiana Polytechnic 
Institute 


GENERAL 


This paper covers the results of four series of tests, comprising 
14 complete runs, on a natural-gas-fired boiler furnace. These 
tests, made at '/,, '/s, #/, and full load and at low, medium, and 
high excess-air values, were designed to determine the relative 
heat absorption by the four walls and the progress of combustion, 
as affected by load, excess air, and burners in service. 

In previous work by the Furnace Performance Factors Com- 
mittee, where furnace-wall heat-absorption rates were determined 
from tube-surface temperature measurements, ash deposits on 
the wall tubes complicated the correlation of the measured tube 
temperatures with the over-all furnace heat absorption. The 
investigation of heat absorption in a gas-fired furnace eliminated 
ash as a variable, and the only factors influencing the heat ab- 
sorption at any point in the furnace were the radiant and con- 
vective heat-transfer components of the flame body and the 
radiant transfer from the incandescent brickwork. 

Although no flame body was directly visible, owing to the non- 
luminous character of the natural-gas flame, its extent could be 
inferred from color differences of the exposed incandescent brick- 
work and the variation in the tube-surface temperatures of the 
walls 

In measuring the surface temperature of a tube at its exposed 
crown, it was not the impression that the amount this tempera- 
ture exceeded the saturation temperature of the cooling fluid 
was the temperature drop through the tube wall at all points on 
its exposed semicircumference. If this were the condition, then 
the product of the temperature drop through the wall and the 
conductivity of the metal and inner film would give the heat 
absorption per unit area, or for the entire furnace if a proper 
weighted average of the individual delta t were computed. How- 
ever, it is well known that the distribution of heat absorption 
around the exposed semicircumference is affected by radiation 
and convection from different directions, and the measurement of 
the temperature at the exposed crown of the tube only will not 
suffice for all portions of the semicircumference of the tube. 
However, an “apparent” average conductivity of the metal and 
film can be obtained when the total heat absorption is determined 
from the difference between the heat input and heat leaving the 
furnace in the products of combustion. This apparent average 
conductivity or heat transferred per degree delta ¢ will include 
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such factors of circumferential distribution and exposure as 
normally would be applied if the distribution were known. It is 
almost certain that the circumferential distribution will change 
with rating, flame body, and flame path, so the apparent conduc- 
tivity of the metal and film or the heat transferred per degree 
delta ¢ will not remain constant for al! conditions of operation. 
Nevertheless, the apparent average conductivity offered a 
satisfactory index of local rates of heat absorption on the walls. 


EQuIPpMENT 

The steam-generating unit investigated is an outdoor natural- 
gas-fired unit with a water-cooled furnace, superheater, ecano- 
mizer, and air heater. The unit was supplied by Combustion 
Engineering Co., now Combustion Engineering-Superheater, 
Inc. The air heater was supplied by the Air Preheater Corp. 
The two side walls, upper front wall, and roof have some exposed 
refractory tile between tubes. The lower front wall has tubes 
arranged in front of a heavy refractory wall in which the burners 
are located. These lower front tubes are bent around the 
burners to permit free passage of the combustion gases. The 
only convection evaporative surface in the unit is the screen 
formed from the rear-wall tubes and located in front of the super- 
heater. The rear wall is composed of 3-in. tubes on 3'/,-in. 
centers with metallic sealing strips between tubes and with tile 
backing over the entire wall below the superheater screen. 

A sectional side elevation of the unit is shown in Fig. 1. In 
Fig. 2 is shown the sections of the four variations in wall con- 
struction. These four types of wall construction introduced 
four undetermined factors to modify the observed crown tempera- 
ture in determining the heat absorbed per degree delta ¢. The 
average delta ¢ for the entire furnace is based on averages for each 
wall, weighted by the corresponding projected exposed areas and, 
therefore, the application of the average heat transferred per 
degree delta ¢ to an individual] wall will be in error by the dif- 
ference in the undetermined individual factors and the average 
factor for the entire furnace. The burner is a ring burner, with 
air entering the furnace both outside and inside of the ring of 
gas jets. The inside vanes are adjustable, and the outside vanes 
are fixed. In all cases the inner and outer vanes on the same 
burner are set to cause rotation in opposite directions. The 
complete transparency of the flame indicates that the mixing 
action of the burners was rapid when operated at normal veloc- 
ities or above. 

The unit is designed for 975 psig, and operating conditions are 
900 psig and 915 F at the superheater outlet. The unit normally 
operates continuously at about 380,000 lb of steam per hr, but on 
occasion carries loads of 410,000 to 425,000 Ib of steam per hr. 
The eight gas burners are installed in the lower front wall in two 
rows of four burners each. All eight burners were utilized for 
runs at full and */, loads, while only the bottom row of four 
furners was used for the '/; and '/,-load runs. Because the unit 
is normally operated at full load and at about 100 per cent load 
factor, the air-directing vanes were not readjusted for best mixing 
action at */, and '/, loads, At '/; load, the same velocities ex- 
isted as existed at full load, because only four instead of eight 
burners were used. As will be shown in the analyses later, the 
lower velocities existing at */, and '/, loads, uncompensated for 
by vane adjustments, introduced evidences of less complete 
mixing of fuel and air at the burners, but this was corrected by the 
mixing action owing to impingement on the rear wall. 

Seventy-one tube-surface ‘thermocouples were installed, 20 on 
the front wall and roof, 18 on each side wall, and 15 on the rear 
wall. The thermocouples on all walls were of the welded guard- 
ring type as described by Humphreys.? The location and 

2 “Thermocouples for Furnace-Tube Surface Temperature Measure- 
ments,”’ by C.G. R. Humphreys, Combustion, December, 1944, p. 53. 
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designation of thermocouples is shown in Fig. 3, which is an + 
““‘unfolded’’ view of the furnace walls and roof. For the rear wall 
of the furnace, which was backed by tile to form one of the : fai poy 

_ walls of the superheater chamber, it was necessary to run the . glasd A 
_ thermocouple wires through the sealing strips to the back of So ee I 
the tubes. Stainless-stee! tubing, of small diameter, was spot- 4 ROOF AND qed (hme Se 

welded to the back of the wall tube at intervals to constitute a ery Teter? 
conduit to carry thermocouple wires through the bottom of the ays io bd) 
superheater chamber to the outside. The backing tiles were re- = +g fe dan 
placed after the conduit was installed and the circuit checked. 
Le _ The lower front wall, with its screening tubes standing away from 
a : a the refractory surface, was handled by inserting a stainless-steel 
; ok tube through the refractory into the air duct supplying the 
yee burners. The thermocouple wires were passed through this 
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tube ond the air the recorder. The air which 
leaked past the wires through the stainless tube was sufficient to 
protect the circuit in seven of the eight couples in this area. 

A Leeds & Northrup Speedomax, installed on a convenient 
walkway near the front of the boiler, recorded the temperatures 
of each thermocouple. 

General data on the performance of the steam-generating 
unit were collected from pane] instruments supplemented by test 
instruments where required. Meters were checked and cali- 
brated just before the tests were started. 


Report or Tests 


The conditions for each test are shown in Table 1. 


TABLE | CONDITIONS FOR EACH TEST 


At furnace— 
outlet 

Burners 
in service 

s 

Lower 4 
Lower 4 
Lower 4 


Steam flow 


Approx 
M !b per br {ond 


s 

23 


Lower 4 
4-3 & 4-49 Lower 4 
4-5-49 196 9 Lower 4 
4-6-49 


cc 


Wall-Temperature Data, The wall temperatures for each run 
are presented in tabular form, both as observed temperatures 
and as delta ¢ (Tables 2 to 9, inclusive). The delta ¢ (surface 
temperature minus saturation temperature) ix plotted for each 


TABLE 2 


63) 585 575 598 
655 588 580 602 
613 574 


609 575 568 
610 576 568 
604 S71 564 
604 572 565 


$95 


600 $71 $76 
605 57) S68 
605 5145 4872 
605 57) 567 


546 
45 


1a} - 


864 548 
848 


"48 


540 


637 
Note: Position used as eal! ia ification 


failed shortly after tests started. 


TABLE 3 


Right wall 

Position 2-2 2-5 2-6 2-7 2-8 2-9 210 
Rin No. - 586 590 60) 60a 567 S80 

564 - 560 595 615 599 SO? 564 565 575 

595 - 585 592 605 603 596 565 560 576 

572 - ser ¢ 619 502 390 568 599 

575 575 501 $91 557 
571 573 506 59! 561 556 
570 573 S89 585 578 552 568 565 
ew 573 596 590 578 551 539 565 
~ $73 576 575 581 575 545 556 
572 577 582 575 544 555 S52 
873 579 579 576 548 560 556 
_574 960 906 967 90) S46 994 956 
$45 542 544 555 549 535 539 599 
$49 565 547 557 551 538 54) 545 


571 570 
«(569 


575 
svi 
565 - 


69 
570 
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run as isotherms on the unfolded view of the furnace, Figs. 
4 to 17, inclusive. 

Perhaps the most striking observation concerning the isotherms 
is the similarity of the patterns. The gradients and intensities 
change with rating, but the general pattern remains constant. 

The lower front wall (burner wall) shows the same pattern 
for full and for */, loads but a somewhat different pattern for 
'/, and for '/, loads. The pattern indicates that the burner 
or burners at the lower left of the figure had higher flow rates 
than the others. A slight decrease in the gradient can be noted 
as the excess air increases, 

The upper front-wall pattern is characterized by low delta ( 
and low gradients. At the lower loads there were frequently no 
delta ¢ as high as 10, so no isotherm appears. The flame body 
apparently passes this wall without contact, and the radiation 


from the triatomiec molecules, CO, and H,O, probably accounts’ 


for all of the heat absorbed in this area. Visual observation 
indicated that the exposed refractory between tubes was dark 
and not lemon-yellow, as was the case with other areas. 

The roof provides a sharp contrast with the upper front wall. 
The pattern is the same for all loads, but the gradient and in- 
tensity vary with the rating. Radiation through the transparent 
flame and from the floor does not explain the pattern of iso- 
therms. Obviously, the flame body impinges on the roof, 
particularly on the small area on the right at the middle of the 
roof section. The steep gradient between the middle of the roof 
section and the outlet edge, as well as the junction with the upper 
front wall, is interpreted to indicate that the gas stream comes 
toward the front wall from the rear wall and the center of the roof 
is tangent to the are made by the gas stream as it turns to go 
downward through the superheater chamber. The unbalance 
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TABLE 4 AVERAGE OF OBSERVED TU 
STEAM 


Rear Wall 
Pos’ tion 


36 


+9 3-10 


3-15 3-16 


BE-SURFACE TEMPERATURES BOILER, NO, 9, STERLINGTON 
ELECTRIC STATION, 1949 


Approx. 
Load 


6357 
653 
64! 
626 


597 
60! 
604 
$95 


Full 


619 
618 
612 


595 
595 
567 


615 
616 
6i2 
596 


$70 
571 
$72 
573 


$45 
552 


559 
960 


566 
559 


552 
557 


3-5 used 


TABLE 5 


Left wall 


as wall identification on 


recorder. 


STEAM ELECTRIC STATION, 1949 


Position 4-1 4-2 4-5 4-4 4-5 
599 


Run No. Sei, - 
2 


577 379 
580 4565 
572 975 


560 6570 
S62 571 
994 4567 


4-16 4-19 


AVERAGE OF OBSERVED TUBE-SURFACE TEMPERATURES BOILER, NO. 6, STERLINGTON 


Appron. 


571 572 


554 564 
552 562 
550 559 
549 (550 


554 955 
555 5535 
555 555 
555 550 


542 549 
550 
544 
S41 504 


543 
545 542 
546 «544 
545 542 


559 
560 559 


549 
555 


548 


557 557 551 543 


536 
539 


541 539 
545 540 


535 539 
538 542 


«6557 
559 


: Position 4-4 used 


as wal! identification on 


recorder. 


TABLE 6 AVERAGE DIFFERENCE BETWEEN TUBE-SURFACE AND SATURATION TEMPERATURES 


(40), 


Position 
Run | 
2 50 


- 40 
- 53 


45 


BOILER NO. 9, STERLINGTON STEAM ELECTRIC STATION, 1949 


16 1-18 


4 


1-13 1-14 


35 


38 
40 


1-19 1-20 1-21 
37 40 


«67 


36 


| 
Bee | 


37 


4 


2t 
24 


4 


eae 


Note: Position 


TABLE 7 


(40, BOILER NO. 9, 


Right walt! 
Position 2-1 2-2 2-3 


2-7 2-6 2-9 2-10 211 2-12 2-13 2-14 2-15 2-16 2-7 


i~t used as wal! identification on recorder. 
1-7 failed shortly after tests started. 


AVERAGE DIFFERENCE BETWEEN TUBE-SURFACE AND SATURATION TEMPERATURES 
STERLINGTON STEAM ELECTRIC STATION, 1949 


Appron. 


Load 


32 49 #45 
40 


a5 


45 
40 
42 


“5 


2-18 2-19 
3 

32 

2 


Full 


| 


4 
2 


fe 


* 


i 


90 S63 651 582 Sei Sei 579 
10 - 601 596 618 592 599 583 577 560 556) 
= 4/607 $79 572 - 596 604 621 582 585 576 563 560 556 x 
6/589 574 569 - 584 581 600 561 579 575 569 556 @ 
9/591 573 567 584 580 604 580 579 573 567 554 550] * 
10|584 569 565 - 580 576 591 575 573 570 563 $50 * 
he 14]589 570 565 =~ 560 576 593 574 572 567 
5|595 573 568 - 585 590 564 559 552 545 
= 4 6/592 571 566 - 580 589 563 S64 558 551 S44 x 
93 48 42 27 2 3 16 OF 168 | 
69 « 13 2 15 «12 17 10 45 19. 
6|- 72 « % - 13 13 2 17 10 46 105 19 22 te 
— 
4 47 5 23 «(32 2) 
41 - 3% 42 56 50 38 57 6468 21 2) a edt ak 
az - 38 40 65 Se 48 23 37 47 619 «27 «(32 > 
10} 38 = 37 40. 56 52 45 19 35 32 43 19 2 
32 - 37 40 63 57 45 28 32 43 18 23 17 2 2 
13) 44 43 49 55 56 50 15 23 38 20 7 17 : 
Note: Position 22 used as wall ide On records. wit f 


(46), 


Rear wall 


6! 
64 
62 


_3-4_ 35 36 37 58 3-9 510 3-11 


61 
55 
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TABLE & AVERAGE DIFFERENCE BETWEEN TUBE-SURFACE AND SATURATION TEMPERATURES 
BOILER NO. 9, STERLINGTON STEAM ELECTRIC STATION, 1949 


a 


Approx. 
load 
wit 


S12 3-13 316 

5 
7 
65 


49 
“ay 
a4 


60 
60 
62 
55 


BUse 


3t 
% 


23 


Position used es wall 


2 9 AVERAGE DIFFERENCE 
(4d, BOLLER NO. 9, 


BETWEEN 


Left wall 
45 


dentification on recorder. 


TUBE-SURFACE AND SATU RES 
STERLINGTON STEAM ELECTRIC STATION, 


Approx. 


4-16 4-17 4-18 Load 


88 
65 


4-7 4-8 410 


4-14 

4 38 
35 
32 


22 | Full 
” 


Se 


: Position 4-4 used as wal! identification on 


between left and right in the figure may be caused by differences 
in burner flows and adjustment. Some evidence will be shown 
later that it also may be partly due to nonuniform cooling by 
heat absorption on the rear wall. 

The right wall shows a pattern of isotherms, indicating that 
the delta ¢ decreases toward the junction of the upper front 
wall and roof. There is evidence that with increase in excess 
air the tendency to impinge on the side wal] at the burner level 
and near the burners increases. This tendency is evidenced at 
all loads. There is some tendency, at the low loads, for the 
isotherms to vend back toward the front wall at the top of the 
side walls. There is, however, no indication of impingement at 
the upper levels of the side walls even though the roof impinge- 
ment is great near this wall, and we conclude that the hot gases 
are not directed to the hot spot on the roof by the right side wall. 

The rear wall is the target wall, and its pattern of isotherms 
indicates two areas of impingement. The one between the 
burner levels is normally the less pronounced, but on runs 5 and 6, 
during which only the lower row of burners was in operation, it 
is the more pronounced, The second area is above the burner 
level at the right of the rear wall in the figure. The evidence of 
heavy impingement is quite clear and may, because of the cooling 
action, cause the unbalance from left to right shown on the roof 
section. This suggests that the principal cause of unbalance lay 
in the uneven distribution at the burners. At the top of each 
plot of isotherms is shown the unfolding diagram and a glance at 
this shows that this second area is in the right position to in- 
fluence the cooling of the gases and cause the unbalance at the 
area of impingement on the roof. The obvious explanation for 
the impingement areas on the rear wall is in the amount of flow 
and direction of firing of some of the burners. Excess air has 
the same general effect as with the other walls. The top of the 
rear wall is the area showing the lowest delta ¢ on the wall. It is 


recorder 


quite evident, therefore, that the gas stream has receded from 
the rear wal! and moved toward the front of the furnace in order 
to make the turn into the superheater chamber in an are with the 
longest possible radius. 

The left side wall shows an isotherm pattern very similar to 
that of the right wall, but there is evidence of considerably more — 
impingement on the left wall. In only one case (run 13) did 
the average delta { for the right wall exceed that for the left. 

The uniformity of the pattern of the isotherms is rather con- 
clusive evidence that the gas stream flowing through this furnace _ 
follows the same path at all ratings and at all excess-air values. 


Differences in gas volume (rating) do not appear to change the 


path but only the gradient or intensity of the wall temperatures 
at points of contact. It is evident that with this method of firing 
the entire furnace is not filled with the main body of swiftly 
moving hot gases. The uniformity of pattern also is conclusive 
evidence that any lack of uniformity of flow and adjustment in the | 
individual burners produces differences which persist at all — 
ratings in this method of firing which does not involve direct — 
impingement of one flame upon another. It is practically im- 
possible to carry such investigations as these to a point of incon- 
trovertible proof, so it is common practice to formulate con- 
clusions based on such evidence as develops. Such a conclusion — 
is that the geometry of each furnace, including the location of 
the fuel-feeding devices and the post-furnace path available, sets : 
the shape and path of the gas stream within the furnace at all 
normal ratings. The evidence herewith is fairly conclusive, but 
in furnaces utilizing fuels which produce deposits on walls, the — 
evidence is not so clear. Deposits change the isotherm gradients 
and thus conceal the evidence, but this in itself is not evidence 
that the flame shape and path have changed in such a furnace. 
Average of Indicated Delta t. The average delta ¢ for any wall — 
or the whole furnace may be obtained by arithmetic averages of 


— 
3| 67 60 | | 
ia] 49 61 79 6F 6 47 56 4 43 43 . an 
6} 52 - oF % 65 68 67? 37 2 40 
7] 51 66 - 67 @ 72 3% 2% 78 32 8 
| 
— 
6/61 40 35 - 49 52 13 26 22 6 19 
3}60 4: 35 50 60 52 3 2 19 6 0 © wi 
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STEAM FLOW . 374,000 L8/HR 
ISOTHERMS RUN 2 

STEAM FLOW . 375,000 L8/HR 

EXCESS AIR AT FO. 27.0% 


EXCESS AIR ATFO .141% 


WALL 
RIGHT SIDE 


FIG. 5 
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WALL ISOTHERMS — RUN |! 
WALL ISOTHERMS — RUN 3 


FIG. 4 
FIG. 6 
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en the point values, or by planimetering the areas between 
A the isotherms, thus weighting the average values with an 

on area factor. Arithmetic averaging is easy but it makes 
no attempt to compensate for cifferences in areas repre- 
sented by the points. For the tests at Sterlington, the 
measuring points were located after observation of the 
color of exposed brickwork and after consideration of 
the erection of scaffolding necessary for the installation. 
Planimetering isothermic areas is tedious, but if the 
isotherms have been drawn with reasonable care, it does 
introduce an area factor which results in weighted averages. 

The average values of delta ¢ for each wali are given in 
Table 10 as obtained by planimetering the isotherms. 
In all cases the rear or target wall shows the highest 
values of delta ¢. As tabulated, the lower front wall is 
next, probably reflecting the construction which, as shown 
in Fig. 2, consists of furnace tubes about 3 in. in front of 
incandescent refractory. If the data from the upper front 
wall and the roof had been considered separately, the roof 
undoubtedly would have shown high average values of 
delta ¢, but because the upper front wall is constructed so 
that its tubes continue to form the roof tubes, this was 
not done. The upper front wall is comparatively cool 
and by including it with the roof, the average values of 
delta t rank third in order among the walls. The side walls 

~ average about the same with the left wall running a de- 
gree or two higher except on test 13. Burner adjustment 
is believed to have caused somewhat greater impinge- 
ment on the left wall. The last column shows the weighted 
averages for the entire furnace obtained from the prod- 
ucts of the wall averages and factors proportional to the 
- water-cooled area of each wall. 

Table 11 compares averages obtained arithmetically 
and by planimetering. The differences are not consist- 
ent as to magnitude nor direction, The areas included 
between isotherms, of constant interval distance, vary 
with the difference in temperature between adjacent points 
and with the judgment of the draftsman. 

Our conclusion is that planimetering is warranted when 
the distribution of measuring points is not uniform and 
when large differences in temperature exist between ad- 
jacent points, 

Analysis and Interpretation of Wall-Temperature Data, 
The absence of solid particles of ash or slow-burning 
heavy hydrocarbons makes a natural-gas-fired furnace 
free from effects which, with other fuels, mask the in- 
fluence of the flame path and relative area of the flame 
envelope. Increase in excess air lowers the theoretical 
flame temperature but increases the convective transfer 
by increasing velocities. The indications are, however, 
that the increase in convective transfer does not com- 
pensate for the lowered radiation transfer as is shown in 
Fig. 18. In Fig. 18 the furnace average delta ¢ is plotted 
against rating for three groups of excess air. Although 
the correlation is not as good as desired, the relative posi- _ 
tions on the curves encourage the conclusion that the lower- 
ing of the combustion temperature through raising the 
excess air effects a net reduction of average heat absorp- 
tion in the furnace. 

: In Fig. 19 is plotted the furnace average delta tatfour 
' loads against the excess air in the gases leaving the fur- _ 
\ nace. The furnace average delta ¢ decreases with increas- 


\\\ ing excess air at both full and */, loads and at approxi- 


LEFT SIDE 


WALL ISOTHERMS — RUN 9 


STEAM FLOW . 264,000 LB/HR 


EXCESS AIR AT F.0.. 6.5 


RIGHT SIDE 


FIG. 9 


LEFT SIDE 


ISOTHERMS — RUN 6 


STEAM FLOW 283,000 LB/HR 


WALL 


RIGHT SIDE 
FIG. 8 


mately the same rate. However, the '/;-load runs (with — 
only the bottom row of four burners in use) show a rising 
tendency of furnace average delta ¢ with increased excess 
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BLE 10 AVERAGE PY WALLS oF DIFFERENCE BETWEEN 
AVERAGES DETERMINE 
THERMAL AREAS, BOILER NO. °, STERLINGTON 8TEAM ELECTRIC STATION, 1949 


TA 
RATION TEMPERATURES (at 
I 
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Load 


Upper Front 
ang Roof 


BE-SURFACE AND 
BY PLANIMETERING 
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Left (Welghted by Exposed Areas) 
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C TION TEMPERATURES a 
STEAM ELECTRIC STATION, 1949 
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CENT TO Each POT 


1000 L8/HR 


FURNACE AVERAGE At 
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STEAM FLOW _ 


Fie. 18 Variation or Furnace Averace At Ratine 


These '/:-load runs show a better correlation than the 
_ other series, so the evidence must be accepted. The explana- 
tion is probably that the increase in convective transfer, due to 
the longer path of gases when using four burners, exceeds the 
decrease of radiant transfer. Although a line parallel to the 
full and 4/,-load lines has been drawn through the two '/,-load 
points, it is uncertain that this is correct because only two 
points were determined. No very low excess airs were possi- 
ble at this rating because the forced-cdraft-fan dampers, already 
closed at 15 per cent excess air, could not be made tight enough 
to control a lower air supply. However, a difference exists be- 
tween four and eight-burner operation, probably explained by 
the difference in length of flame path. On the preceding chart, 
Fig. 18, the points for '/; load are all above the lines drawn. 


16.9 19.9 


20 
AIR LEAVING FURNACE PER CENT 


Fie. 19 Vaniation of Furnace Averace At Excess Air 
Leavine Furnace 


Lines of two slopes could have been drawn indicating a steeper 
slope for four-burner operation than for eight-burner operation, 
and this might be more logical. The lack of a full range of ex- 
cess-air values at the '/,-load series still leaves an uncertainty. 
However, there is good evidence that the increase in rating in- 
creases the convective component of the heat transfer and it is 
possible that with four-burner operation it will increase faster 
than with eight-burner operation because of the longer flame path. 

Fig. 20 shows the vertical distribution of delta ¢ on the front 
wall for each of the four loads. The parallelism of the full and 
*/,-load curves shows that about the same drop in delta { existed 
at all elevations above the furnace floor with this change in load. 
These two curves also bulge to the right between burner-row 
elevations. For the ‘he and '/, loads, no bulge exists because the 
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ALL LOADS 
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Fig, 22) Vaniation of At Wira Exvevation 
Loans 


upper row of burners was not in service. Except for the indica- 
tion of a slight rise at the 30-ft elevation, probably due to gas 
impingement, the decrease from the 4-ft elevation is continuous. 

Fig. 21 shows the vertical distribution of delta ¢ on the right 
side wall for each of the four loads. At full load, above the 
bulge between burner elevations, the decrease in delta t with 
increase in elevation is almost a straight line. At '/,-load, there 
was practically no change in delta ¢ from the 23-ft elevation up. 
In no case is a rise in delta ¢ indicated at the top elevation near 
the junction with the furnace roof. At */, load, the delta ¢ at 
the 4-ft elevation is lower than that at the '/,-load point, proba- 
bly because the burner velocities were higher at '/: load through 
the lower row of four burners than at */, load. Apparently 
the impingement at */, load was somewhat greater at the 10.5-ft 
elevation than at '/, load, as indicated by the higher delta ¢ 
Except for the falling off of the */,-load delta ¢ at the 36-ft 
elevation, the variation of delta ¢ with load is as expected. 

Fig. 22 shows the vertical distribution of delta ¢ on the rear 
wall for each of the four loads. The shape of the curves reflects 
the differences caused by rating, by operation of one or two rows 
of burners, and by velocities through the burners. In general, 
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the delta ¢ decreases almost as a straight line above the 10.5-ft | 
elevation at '/, and '/, loads, but at */, and full loads the curves — 
reach a maximum at about 15-ft elevation, reflecting the use of 
two rows of burners. The delta ¢ at the 4-ft elevation for '/,; 
load exceeds that for */, load, reflecting the more intense mixing — 
action of the velocities through the burners. Apparently, 
since the velocities through the bottom row of burners were the — 
same at '/; and at full loads, the small difference in delta ¢t reflects 
the slower upward turning (or longer turning radius) of the — 
gas stream from eight burners as compared with four. The 
peaks reached at elevation 15 ft at */, and full loads reflect the 
target character of the rear wall and the wiping action of con-_ 
vective transfer caused by the changing direction of the main gas 
stream. 

Fig. 23 shows the vertical distribution of delta ¢ on the left — F 
wall for each of the four loads. Apparently burner adjustment =| 
was such that there was greater impingement on this wall than — = 
on the right wall at the burner levels. The more complete mixing Oe 
of fuel and air at the burners is evidenced by the higher delta t “ 
at '/, load than at */, at both the 4-ft elevation and the 10.5-ft. — j 
The delta ¢ at */, and full loads decreases in a straight line with _ 


4 / | 4 BURNERS ' 
60 100 ° 20 40 60 100 
‘ae 3% 

4 


increase in elevation above the 10.5-ft point, even though burners 
were in service at the 4-ft elevation. It must be assumed, there- 
fore, that the convective transfer due to impingement was greater 
for the bottom row than for the top row or that measurement at 
an elevation of 15 ft would have shown a peak. At the 23-ft 
elevation and above, the delta ¢ are in the relation to be expected 
at the respective rating. 
The four preceding charts, Figs. 20 to 23, inclusive, show that 
the heat transfer at any rating decreases more or less uniformly 
__ with distance above the burners. In addition, the convective 
component increases the heat transfer where impingement is to 
“ip be expected. This latter factor is most pronounced, of course, 


Fig. 24 shows the vertical distribution of delta ¢ at full load for 
each of the four walls. The rear wall, with the greatest impact 


The lower front wall is next in magnitude of delta ¢, but the 
upper front wall is the lowest of the four. It is apparent that the 
_ gas radiation from the very high-temperature flame near the lower 
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vective heat transfer to the rear wall from the lower temperature 
gases reaching it. 

The two side walls show the same variation with elevation 
but the left has higher celta ¢ at all elevations, probably indi- 
cating greater impingement. Al] three walls are close at the 36- 
ft elevation and an extrapolation of the rear-wall curve would 
bring it into the same group. 

Fig. 25 shows the vertical distribution of delta ¢ at */, load for 
each of the four walls. The rear and lower front walls are very 
closely the same at the 4-ft and 10.5-ft elevations, As at full 
load the upper front wall shows the lowest delta ¢ of the four 
walls. Again the left wall shows a generally higher delta ¢ 
than the right except at the 10.5-ft elevation where the difference 
is small, and at the top where no difference is indicated. 

Fig. 26 shows the vertical distribution of delta ¢ at '/, load for 
each of the four walls. At this load the effect of using only the 
bottom row of burners is evident. The rear wall still shows the 
highest delta ¢ at all elevations, but the absence of the top row of 
burners explains the more rapid fall-off between 10.5-ft and 23-ft 
elevations. The side-wall curves show that the left wall falls 
below the right at the upper two elevations perhaps because the 
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gases were cooled more by convection on. the left wall at the 
lower levels. Front-wall delta ¢ is above side-wall delta ¢ only 
at the lowest elevation. 

Fig. 27 shows the vertical distribution of delta ¢ at '/, load for 
each of the four walls. The two side walls and the front wall are 
close together at all elevations. The rear wall again shows the 
highest delta ¢ of the four walls but the minimum variation. 
Since furnace-gas velocities are lower at this rating, impingement 
on the lower rear wall is leas, and gas radiation, accounting for 
the greater fraction of total heat transfer, produces more uniform 
delta ¢ 

Figs. 24 to 27, inclusive, show consistently that the distribution 
of delta ¢ varies among the walls rather widely, Convective 
transfer resulting from flame impingement is the probable cause 
of this variation. Obviously, more effective utilization of the 
convective component would increase the total heat absorption, 
and this can be achieved by appropriate design. 

Application of the surface-temperature ‘method of determining 
the distribution of heat absorption to a natural gas-fired furnace 
has demonstrated a consistency in pattern and distribution and a 
reproducibility that could not be determined when coal ash was 
present to mask the indications. The authors feel that the evi- 
dence of fundamental consistency and reproducibility presented 
will be of aid in the study of the performance of solid and liquid 
fuels that produce masking deposits. 

Variation of Over-All Heat-Transmission Coefficient With Wall 
Thickness and Film Conductance. The amount of heat trans- 
mitted through the wall of a furnace or boiler tube depends not 
only on the conductivity of the metal but also on the transmission 
coefficient of the film on the inside of the tube. 

The usual assumption is that the coefficient for the film is 
reasonably constant. Obviously, the velocity of circulation will 
vary with the output of steam and the film thickness will be af- 
fected somewhat by the circulation velocity. The rate of rupture 
of the film by the formation and release of steam bubbles will 
also vary with the output of steam. The differences are not 
marked in this unit. Both the film and the over-all conductance 
are fairly constant above the '/,-load series based on the net ab- 
sorption in the furnace, as in the following: 


U film 
3309 
3544 
3029 
5665 


U over-all 
1057 
1075 
1026 
1176 


U metal 
1560 
1560 
1560 
1560 


Assuming that the film conductance does not change materially 
at constant load, the differences in over-all conductance may be 
attributed to differences in the relationship. between the average 
delta ¢t around the tube and the measured delta ¢ at the crown. 
The differences in excess air would produce differences in tempera- 
ture and consequently, differences in radiant transfer; and the dif- 
ferent volume of gases flowing would produce a difference in the 
convective transfer. For these reasons the relation of the delta ¢ 
measured at the crown of the tube to the average around the tube 
at the same elevation can be expected to vary with excess air 
when the boiler load is constant. Although the film conductance 
also will vary with distribution of surface temperature around the 
tube, the difference is probably slight because the differences in 
distribution are not great. If we assume that the film conduc- 
tance at constant boiler load does not change with change in ex- 
cess air and if we attribute all of the observed variation in heat 
transmission to differences in the circumferential distribution of 
heat, we can compute a delta ¢ that we can assume to be more 
representative. 

Such computations have been made and the results indicate 
that an increase in excess air does increase the average delta ¢ 
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relative to the crown delta ‘ almost uniformly at full load but to 
a decreasing extent as the load is decreased. Obviously, the 
flame volume decreased with load, and we would expect a de- 
creasing effect of excess air on surface-temperature distribution 
at such lower loads. Some measurements of the temperature 
distribution around the exposed semicircumference of wall tubes 
in a coal-fired furnace have been reported by Mumford and 
Powell.4 These measurements show the effect of flame direction 
as well as the influence of the coal ash. 

The following conclusions regarding the over-all conductance 
through the tube are offered for consideration: 


1 That changes in over-all conductance with change in boiler 
load are due to changes in the conductance of the internal film. 

2 That changes in over-all conductance with change in excess 
air at constant boiler load are due to changes in the distribution 
of temperature around the surface of the tube which changes the 
relation of the measured crown temperature to the average. 


These conclusions are offered as an explanation of observed 
variations of the over-all U and are not intended as a criticism of 
the method used by the Research Committee on Furnace Perfor- 
mance Factors. Obviously, the assumption that the circum- 
ferential distribution of tube-surface temperature is constant is 
implied in the use of only the crown temperature. Fortunately, 
the variations are not large, so that at this stage of the work the 
assumption of constancy is acceptable. 

Fig. 28 indicates the variation of U» with wall thickness at three 
constant values of film conductance. The relative importance 
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of the conductance through the metal obviously is much greater 
than the conductance through the inside film. With thick-wall 
tubes, the resulting temperature drop through the inside film is a 
relatively insignificant part of the over-all temperature drop under 
evaporating conditions, 

Proportion of Heat Transmitted by Radiation. Computations of 
the heat radiated from the flame have been made in accordance 
with the methods of McAdams.* From sketches of flame path 
and shape as indicated by furnace-wall temperatures and flame 
temperatures, mean beam lengths were computed for the two 
conditions of eight-burner operation and four-burner operation 
without refining the flame volume for */, and '/, loads. The 


***Heat-Flux Pattern in Fin Tubes Under Radiation,” by A. R. 
Mumford and E. M. Powell, Trans. ASME, vol. 67, 1945, p. 693. 

‘Heat Transmission,”” by W. H, McAdams, second edition, 
McGraw-Hill Book Company, Inc., New York, N. Y., 1942. 
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values obtained were 18.9 ft for eight-burner operation and 13.8 
_ ft for four-burner operation. Partial pressures of water vapor 
> carbon dioxide were computed from the fuel analysis and 
from the analyses of gas leaving the furnace. Averages of gas 
temperatures measured along the gas path were assumed to be 
the averages for the furnace. Wall temperatures were computed 
_ from the measured tube-surface temperatures and estimated re- 
 fractory temperatures. 

a Fig. 29 shows the relation between average net heat absorption 


“for pos of the four load points. The proportion of the heat ab- 
sorbed transmitted by radiation is essentially constant at a value 
of 80 per cent of the total. With luminous flames, such as 
_ pulverized-coal flames, the amount transmitted by radiation 
has been estimated as 95 per cent of the total furnace absorption. 
ener the presence of radiating oun in pulverized-coal 
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Summary of Analysis of Wall-Temperature Data. The uni- 
formity of the pattern of the isotherms on the wall diagrams is 
rather conclusive evidence that the gas stream flowing through 
__ the Sterlington furnace follows the same path at all ratings and at 

all excess-air values. Differences in rating do not appear to 
2 change the gas path but only the gradient or intensity of the 
wall temperatures at points of contact owing to mass-velocity 

It is evident that with this method of firing the entire 
- furnace is not filled with the main body of swiftly moving hot 
gases. It is further evident, therefore, that the shape of the 
gas stream is controlled by distribution at the inlet (burners) 
7s and by the available areas and path even beyond the outlet, at 
least in the gas-volume range covered by these investigations. 
- The uniformity of pattern also is conclusive evidence that any 
of uniformity of flow and adjustment in the individual 
burners produces differences that persist at all ratings in this 

- method of firing, which does not involve the direct impingement 
~ of one flame upon another. A possible conclusion is that the 
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operation, probably explained by the difference in length of flame 
path. The wall-temperature peaks reached at elevation 15 ft 
at */, and full loads reflect the target character of the rear wall, 
and the wiping action caused by the change in direction of the 
main gas stream increasing the convective heat transfer at this 
elevation. 

Charts of vertical distribution of wall temperatures show, 
in general, that the heat transfer at any rating decreases more or 
less uniformly with distance above the burners, In addition, 
the convective component increases the heat transfer where 
impingement is to be expected. This latter factor is most pro- 
nounced, of course, on the rear wall 

Charts show the relative effectiveness of each of the walls 
when fired with natural gas mixed with air to produce a non- 
luminous flame. The rear wall, with the greatest impact of 
gas, has the highest indicated heat-transfer rate at all elevations. 
The lower front wall is next, but the upper front wall is the lowest 
of the four. The two side walls show the same variation with 
elevation, but the left has higher delta ¢ at all elevations, indi- 
cating greater impingement. The delta ¢ for the side walls and 
the front wall are nearly the same at the 36-ft elevation and ex- 
trapolation of the rear-wall curve would bring it into the same 
group. 

Application of the surface-temperature method of determining 
the distribution of heat absorption to a natural-gas-fired furnace 
has demonstrated a consistency in pattern and distribution and a 
reproducibility that could not be determined had coal ash been 
present to mask the indications. The evidence presented of 
fundamental consistency and reproducibility will aid study of the 
performance of solid and liquid fuels that produce masking’ 
deposits. 


Progress or ComBustTion AND Over-ALL Furnace Heat 

a ABSORPTION 

- The over-all furnace heat absorption is determined from 
measurements of gas temperature and composition at the furnace, 
outiet and a knowledge of the heat input. Such measurements 
require special equipment and technique and, in this case, addi- 
tional sampling points were utilized to obtain information as to 
the progress of combustion along the path of the flame between 
the furnace inlet and outlet. 

Equipment. Henry Kreisinger and J. F. Barkley* reported 
that measurements of gas temperature in a tube bank of a water- 
tube boiler were increasingly lower as the diameter of the thermo- 
couple wire increased. The errors introduced by the size of the 
wire were attributed to loss of heat by radiation from the thermo- 
couple weld to the surrounding cooler surfaces. Severa) in- 
vestigators have taken part in the development of means of re- 
ducing the radiation loss, Surrounding the couple with a re- 
fractory shield reduced the radiation from the couple because of 
the interposition of a surface at an intermediate temperature. 
Drawing hot gas between the couple and shield raised and main- 
tained the shield temperature at a higher point by convective 
transfer and thus further reduced the radiation loss from the 
couple. Some temperature difference between the gas and 
the couple must exist but this has been reduced by increasing 
the mass flow of gases between the couple and the shield. If the 
hot gases contain ash particles, deposits form on the couple and 
in the passages, increasing the resistance beyond the capacity of 
the suction equipment and impeding the mass flow of gases over 
the couple. In the case of a natural-gas-fired furnace, however, 
no dust is present and the optimum mass flow of gases can be 


ri : geometry of each furnace, including the location of the fuel-feed- 
fee _ ing devices and the post-furnace gas passages, sets the path of the 
3 re gas stream within the furnace at all normal ratings. The indica- 
tions are that a difference exists between four and eight-burner 


maintained. 


* “Measuring the Temperature of Gases in Boiler Settings,"” Bulle- 
tin 145, U. 8. Bureau of Mines, 1918. 
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Instead of a simple hollow cylinder of porcelain, or such a The indicated temperatures differed by about 50 F at approxi- _ 
cylinder partly filled with pieces of porcelain tubing, the shields mately 15,000 lb of gas per sq ft of free area, except for type A, = 
used on these tests were extruded shapes equivalent to a double — which was about 180 F low. : 
cylindrical shield, Comparisons were made between the various thermocouples _ 
Fig. 30 shows sections of the several shields used and the rela- at. a location in the furnace (door H) where the gas temperature 
tion of the shield, thermocouple, and water-cooled probe. Type was normally lower than that at the furnace outlet [door J(r).) | 
The couples were inserted 6 ft from the side wall, and the tempera- 
tures were measured with mass velocities frem zero to about 
16,000 Ib per hr per sq ft. The results are shown in Fig. 32 _ 
and it is seen that above a mass velocity of 5000 Ib per hr per sq _ 
ft the change in indicated temperature with mass velocity is— 
relatively small, and the differences between the type H and | 
other types of shields are considerably less than when compared - 
at door J(r). These observations illustrate the effect of the | 
temperature of the surroundings, relative to the true gas tempera- _ 


t ture, on the errors in the observed temperatures for a given type 
of radiation shield. 


paces wie E The platinum-platinum 10 per cent rhodium thermocouple _ — 
was 5 ft long and connected to a Leeds & Northrup single- = 
point Speedomax recorder by alloy leads having the same emf- ) 
temperature relation as the platinum couple at normal cold- ar) 
junction temperatures. However, the junction between the— ‘ 
platinum ‘couple and the alloy leads was within the probe 5 ft 
from the hot junction, and tests were made to determine the ef- | 
fect of the gas temperature on the junction at this point, when 
the gas was aspirated at the optimum mass velocity. 2 
The thermocouple was drawn back through the shield and — i oe 
probe and the temperature measured every 2 in. Gas flows =| 
“| were maintained essentially constant as were the flows of cooling 
PROBE TIP H water. Fig. 33 is a plot of the temperatures recorded. There = 
Fic, 30) Types or Wira Water-Cooten only a slight temperature change in the first 2 in., probably 
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Prose because the hot junction was still within the porcelain shield. — 


A is the simple cylindrical shield or single shield and type H is a 
high-velocity multiple shield. The passages in the latter shield 
clog rapidly in gases containing dust, and allowable exposures 
under such conditions are not long enough to be certain of results. 
Type E shield is of relatively large gas area and is structurally 
strong enough to permit use, even with dust-laden gases, for 
several observations. Type G shield is similar to type E but with 
ound instead of kidney-shaped holes. The free areas available 
for gas flow, the resistance to flow, and the ease of manufacture 
differ in the types tested. Owing to the simple construction and 
the ease of handling the types FE and G were used for all gas- 
temperature measurements. 

A full description of the probes and the aspirating apparatus 
is given in a paper by Cohen, Corey, and Myers.” 

Temperature Measurements. Fig. 31 shows the observed 
temperature plotted against the approximate mass flow of gases 
through the instrument at point J(r), In this location the 
shielded couple is approximately 2 ft in front of the screen of 
evaporative tubes in front of the superheater. At this point the 
gas temperatures are approximately 1800 F above the tube- 
surface temperature, and radiation losses from the shield can be 
expected to be high. All shields, except type A, show a rising- 
temperature indication between low and high mass flows of gases 
through the instrument, Shields A and G shew a sharp rise in 
temperature indication between no flow and low mass flow. 
Shield G indicated a temperature 190 F higher at low flow 
than at no flow, and 100 F higher at high flow than at low 
flow. It is evident, therefore, that substantial radiation losses 
existed which were corrected by drawing gas through the shields. 
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*“Methods and Instrumentation for Furnace Heat-Absorption 
Studies: Temperature and Composition of Gases at Furnace Out- cumarmrts 190 
let,” by Paul Cohen, R. C, Corey, and J. W. Myers, Trans. ASME, , 
vol. 71, 1949 pp. 965-978. Fie. 31 Comparison or Surecos at Port J(r) 
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1900 
Fic, 32. Comparison or at Point H 

The reversal indicated on the chart is unexplained and is as- 
sumed to represent an inaccuracy in the measurement. There- 
after there was a rapid temperature drop as the gases were giving 
up heat to the water-cooled probe. At distances from the normal 
position of the hot junction, from 10 to 100 in., the temperature 
falls on a curve of the normal characteristics for convective 
cooling. At 60 in. from the normal position of the hot junction, 
the position of the junction with the alloy leads, the recorded 
temperature was 565 F. At such a temperature a “cold’’ junc- 
tion correction is necessary and was applied for the temperatures 
used in the following study of the progress of combustion. 


ProcepuRE AND REsULTs 


With the unit operating under steady conditions, the probe was 
inserted successively in holes A, B, C, G, J, K, and L shown in 
Fig. 1 approximately distances of 3, 6, and 9 ft into the furnace 
from the right side wall. Points A, B, and C are in a horizontal 
line just above the center line of the bottom row of burners. 
Point G is about 17 ft above point C, and points J, K, and L are 
at the entrance to the screen in front of the superheater. By 
sketching the probable path of the gases through the furnace, as 
indicated by gas and wal] temperatures, it was possible to esti- 
mate the distance along the flame path of each measuring posi- 
tion from the burner. These distances are the abscissas in each 
of the following figures, while temperature is the ordinate. 
The maximum reading of the Speedomax recorder was 3000 F, 
and the melting point of platinum is 3224 F, while the melting 
point of platinum-rhodium alloy is higher. On some charts, 
temperatures at points A, B, and C are incomplete because they 
were above the range of the recorder or because the platinum, 
the platinum-rhodium, or both melted. Such high tempera- 
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tures were observed at full load and at part loads in the hotter 
zones of the flame. 

Temperature About 3 Ft From Wall. In Fig. 34 are plotted the 
average temperatures of all tests at each load at position 3, that is, 
approximately 3 ft in from the side wall at points A, B, C, Gand 
J, K, and L. The points, in each case, are connected by contin- 
uous curves, but it must be kept in mind that the changes in tem- 
perature may be more abrupt than indicated. For the '/,-load 
condition, we find a comparatively low temperature about 2 ft 
from the burner rising rapidly to a maximum about 9 ft from the 
burner. The temperature drops almost as rapidly up to a dis- 
tance of about 18 ft from the burner when a rise to a secondary 
peak takes place. Thereafter the temperature drops to the 
furnace outlet. A similar dip, or reversal, occurs on the curve of 
temperatures for the */, load. On this curve, the secondary peak 
is higher than the peak 9 ft from the burner. No dip or reversal 
is indicated for the curve of '/;:-load temperatures. The peak 
at 9 ft from the burner is indicated as the maximum temperature, 
and the fall of temperature thereafter is indicated as being di- 
rectly proportional to the flame travel. It is also to be noted 
that the temperatures measured up to 19 ft from the burner are 
higher at '/, than at */, load. Only two points were recorded for 
the full-load condition because the temperatures at the burner 
level were all above the range of the recorder and couple. 

To operate the unit at '/, and '/, loads, the four burners in the 
bottom row were used. For */, and full loads, the upper row of 
four burners was put in service in addition. Thus the individual 
burners were operated at the same gas and air velocities at full 
and-'/; loads, but the velocities were '/, as much at '/, loads as at 
1/, load and */, as much at */, load as at full load. No adjust- 
ments were made in the directing vanes for the air between loads 
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but rises more rapidly than at the other loads. The rapid drop 
is due partly to cooling the .incompletely burned mixture and 
may be due partly to a lesser degree of “mushrooming’’ of the 
flame so that it may have turned away from the measuring 
point. The splashing against the rear wal] may produce complete 
enough mixing to give a temperature curve indicated by the 
broken line. The lower velocities (67 per cent) at '/, than 
at */, load probably account for the temperature indication of = 
less complete mixing at the '/, load near the burner. Ose 
In the foregoing and the following analyses the assumption has 
been made that all of the temperatures are correct and equally 
representative of the gas stream at the given point. This as- 
sumption is supported by the patterns of wall isotherms which = 
showed comparatively hot spots at the same locations at all 
ratings. However, the possibility exists that some of the measur- 
ing points are more representative at some loads than at others 
and if some of the low points (at the bottom of dips) were neg- 
lected as being unrepresentative, the effect of impingement on the 
rear wall would be less pronounced. If the gas analyses were 
assumed to be correct, they would support the assumption of the 
unrepresentative character of some of the points at some loads. 
The temperatures measured at points D, E, F, and H were not | 
in the path of the gas stream as originally sketched and, in addi- 
tion, were lower by some hundreds of degrees than temperatures 
at about the same level, which were, therefore, indicated to be in 
the main gas stream. 
The analyses have been made on the basis of the temperatures, 
even though the authors are aware that some, perhaps equal, 
weight, could be given to the gas composition. 
Temperatures About 6 Ft From Wall. In Fig. 35 are plotted 
similar curves for position 6, approximately 6 ft into the furnace 
Distace from the right side wall. Unfortunately, all temperatures close 
Fic. 34 Gas Temperature Aono Fiame-Pata Variation Wira to the burner were beyond the range of the instruments available. 
Ratino— Position 3 Extrapolation at full load indicates the existence of tempera- , 
tures as high as 3400 F 10 ft from the burner. The cooling rate 
to compensate for the decreased air and gas velocities. Wecan is not markedly different at position 6 than at position 3 after 
conclude, therefore, that the mixing action induced by the burner temperature development has ceased. 
mechanism was the same at full and '/; loads, was */, as great at 
+/, load as at full load, and was only '/; as great at '/, load as at 
full load, 
The characteristic curve for this furnace is indicated, we be- 
lieve, by the complete '/;-load curve. Very intense combustion 
starts at the burner and is completed 9 to 11 feet from the burner. — 
We believe this is so, and roughly this indicated a completed — 
heat-release rate of approximately 160,000 Btu per cu ft. The 
parallelism of the part of the full-load temperature curve shown 
encourages extrapolation leading to an indicated temperature of 
about 3200 F 10 feet from the burner. The direct proportiona- 
lity of cooling and distance after complete temperature de- 
velopment may be the result of a fortunate choice of the sketched- 
in flame path from which the distances were measured. Again, 
the parallelism of all four curves from 33 to 53 ft from the burner 
indicates the same direct proportionality of cooling to distance 
although the temperatures differ by approximately 900 F be- 
tween full and '/, loads. 
Bearing in mind that individual burner velocities are three 
quarters as much at */, load as at full load and one half as much 


T 


near the burners at the lower velocities. Thus the complete 
development of temperature does not occur at */, load until the 


flame has been deflected by splashing against the rear furnace wall 
approximately 20 ft from the burner. If the incomplete com- +f 
bustion is rapidly completed by this mixing, the temperature | ae 
curve might be as indicated by the broken line. cS 


Similarly, at the lowest burner velocities met with at '/, pio 35 Gas Temperature ALonG Fcame-Patu Variation Wits 
load, the development of temperature is less rapid near the burner Ratine—Position 6 
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ality of cooling to distance is not as evident. 
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At '/, load, enmentiaaiaas of cooling to distance from the 


_ burner is indicated as being almost direct for all measured points. 


At */, and '/, loads, we note again the indication that final 
mixing of combustible and air may be taking place at the rear wall. 

Temperatures About 9 Ft From Wall. In Fig. 36 are plotted 
curves for position 9, approximately 9 ft into the furnace from 
the right side wall. The general characteristics of the curves are 
the same as those drawn for position 6, but the direct proportion- 
At position 9 the 
measuring point is quite evidently in the main body of the flame 


_ and this may account for the slight downward convexity in the 


cooling region. 

As for position 6, all temperatures close to the burner at position 
9 were above the range of the instruments as were all measuring 
points at the burner level at full load. 

Extrapolation of the full-load curve again indicates tempera- 
tures of about 3400 F 10 feet from the burner. 

The lack of complete mixing is again indicated at the lower 
burner velocities existing at */, and '/, loads. The effect of the 
mixing caused by the rear wall is probably as indicated by the 
broken curves. 

In general, there are some variations in the slope and in the con- 
vexity of the cooling sections of these temperature curves. Some 
of these variations may be due to draftsmanship in drawing a 
continuous smooth curve through the measured temperature 
points and in part, also, to differences in accuracy at different 
distances from cold walls. In addition, development of tempera- 
ture or release of heat may be proceeding even though the curves 
do not indicate major developments at the full-velocity condi- 
tions of '/; load. A minor continuation of heat release would, of 


course, alter the slope or convexity of the cooling sections of the 
curves, but insufficient data were taken to estimate such a condi- 
tion; in any case, such detailed work would be difficult to justify 


economically. 

Effect of Distance From Wall at Constant Load. To indicate the 
variation of temperature with distance from the right side wall, 
three tests at */, load each with a different excess air have been 
chosen. Because the amount of excess air changes the velocity 
through the burner and, therefore, the mixing action of fuel gas 
and air, separate figures are presented for each value of excess air. 
Obviously, there should be somewhat better or quicker mixing 
action at the higher excess air because of higher velocities. 

At 6.5 Per Cent Excess Air at Furnace Outlet. In Fig. 37 the 
temperatures measured are plotted for positions 3, 6, and 9, at */, 
load with only 6.5 per cent excess air as indicated by gas analyses 
at the furnace outlet. One measurement at position 6 and two at 
position 9 were above the range of the recorder and probably 
above that of the thermocouple. All positions show a rise in 
temperature between 17 and 33 ft from the burner. With good 
mixing, temperatures higher than normal should develop with 
such a low excess air, but velocities through the burners are some- 
what low because of the load compared to full-load velocities and 
the mixing action was probably less. Position 3, closest to the 
right side wall, shows the lowest temperatures except at the fur- 
nace outlet where this position shows the highest temperatures. 
This reversal of recorded temperatures is shown for all excess airs 
at this load and was found to be characteristic of the furnace at all 
loads. Temperatures increased toward the center of the furnace 
at the burner level, became almost uniform about 33 ft from the 
burner, after the turn at the rear wall, and decreased toward the 
center of the furnace at the furnace outlet. 

At 16.2 Per Cent Excess Air at Furnace Outlet. In Fig. 38 the 
recorded temperatures for positions 3, 6, and 9 are shown for run 
8 at */, load and 16.2 per cent excess air. The effect of the in- 
crease in excess air over the 6.5 per cent of Fig. 37 is not pro- 
nounced but all temperatures about 18 ft from the burner are 
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Fic. 37 Gas Temperature Fiame-Patu Vamiation Wirn 
Postrion—Rwen 9, */, Loan—6.5 Per Cent Excess Air 


higher with the higher excess air, indicating more of the available 
heat had been released at the burner level. The rough indication 
(broken curves) of the mixing action of impingement on the rear 
wall at low excess air (6.5 per cent) was from 300 F to 400 F 
rise in gas temperature, whereas at 16.2 per cent excess the indi- 
cated temperature rise was from 100 to 150 F. Again, the 
temperature at the furnace outlet, 52.6 ft, falls as the distance 
from the side wall increases, a reversal of the conditions existing 
at the burner level. 

At 20.8 Per Cent Excess Air at Furnace Outlet. In Fig. 39 the 
recorded temperatures at positions 3, 6, and 9 from the right side 
wall are plotted for run 10 at */, load and 20.8 per cent excess air. 
The increased excess air has increased the burner velocities to 
such an extent that mixing is almost complete near the burner but 
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generating surface. The high temperatures actually measured, 
those that melted the platinum couple and those that would have 
melted the couple if we had persisted in attempting to measure 
such temperature, all confirm the existence of rapid mixing and 
intense combustion with natural-gas fuel. 

Instribution of Temperature at Furnace Outlet, Gas tempera- 
tures were measured at 18 points at the furnace outlet, using the 
same equipment described previously for determining gas tem- 
peratures in the furnace. 

Isotherms and point readings have been placed on a rectangular 
plot for each test to show the interesting pattern of isotherms, the 
variation of the pattern with load and excess air, and the effect on 
the pattern of a change in rear-wall construction. 

Fig. 40 shows the isotherm patterns and point values of the 
temperature at the furnace outlet for the full-load tests and at 
various excess-air values. The arithmetic and planimetric aver- 
ages of the temperatures are given on each chart. The general 
pattern of isotherms is essentially the same for all the full-load 
tests, being symmetrical about a vertical center line with the 
temperatures increasing as the sides are approached. The tem- 

Kio. 38) Gas Temperature ALono Firame-Patn Vaniation With perature on the right side is slightly higher than on the left, which 
Posrtion— Run 8, */, Loan —16.2 Per Cent Excess Atr is probably due to greater flame impingement on the left wall. 

“ The upper part of the outlet is cooler than the lower part owing to 
AG beaed 3333303. ttt Titties the flow of gases along the roof tubes. The wall and roof delta ¢ 
confirm this conclusion. The excess air appears to have a signifi- 
its cant effect on the gas temperature at the furnace outlet. The 


3335 temperatures are highest for the lowest excess air (run 3, 6.5 per 
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probably not enough to fan out the flame near the burners, as 
shown by the temperatures at position 3. Some rise in tempera- 
ture, 50 to 150 F, probably occurred at the rear wall as 
indicated by the broken curves. Such a rise would alter the 
upward convexity shown by the full continuous curves. The 
same reversal of temperature gradient is shown at the furnace 
outlet as compared to the burner level temperatures. 

This study of the progress of combustion along the flame path 
as indicated by temperature measurements indicates that air and 
gas velocities of the proper magnitude through the burner will 
produce rapid mixing with complete combustion occurring during 
a short flame travel. Where burner adjustments cannot readily 
be made to produce the desirable velocities at different loads, 
impingement with a change it: the direction of flow is desirable 
and will produce the required additional mixing. It is reasonable 
to assume that with a burner capable of producing intense mixing Peo 
at all rates, by mechanical adjustment, the required volume for STEAM FLOW _ 378,000 L8 
complete combustion will be comparatively small. Such a small FIG. 40 ISOTHERMS AND POINT VALUES OF 
furnace would necessitate replacement of the radiant cooling sur- TEMPERATURE AT FURNACE OUTLET 
face normally installed by more effective convective steam- * FULL LOAD RUNS 
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per cent). The isotherms seem to be more nearly vertical at low 
excess air and flatter at high excess air. This may have some 
relationship to the cross-sections! shape of the flame and to the 
heat transfer to the Walls. 

The four charts for the '/:-load condition (runs 5, 6, 7, and 13, 


excess air that was shown by the full-load isotherm diagrams. 
‘The highest average temperature was obtained during the lowest 

‘ao run and vice versa. It is interesting to note that the 
_ planimeter and arithmetic averages correspond very closely for 

the '/:-load runs, whereas for the full-load tests, the planimeter 

averages were appreciably higher than the arithmetic averages. 

The isotherms for the '/;-load tests are essentially horizontal, 
although wavy. This pronounced change in the nature or shape 
of the isotherms is probably due to the fact that only the bottom 
row of four burners was in use at '/; load, whereas both upper and 
lower rows of four burners each were used for the full load. 

The four charts of isotherms at the furnace outlet at */, load 
for runs 8, 9, 10, and 14, Fig. 42, show an isotherm pattern much 
the same as the full-load pattern but tending slightly toward the 
1/;-load pattern. The planimeter averages are higher than the 
arithmetic averages for these */,-load tests as they were for the 
full-load tests, but the differences are not as pronounced. - Al- 
though eight burners were in use at */, load, as at full load, the 
velocities were lower. 

The two charts for '/,-load runs 11 and‘12, Fig. 43, are dif- 
ferent. For run 11, the pattern is similar to the '/;-load pattern, 
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but for run 12, it is an inversion of the full-load pattern, with the 
higher temperatures toward the center rather than the sides. 

This study of the isotherms at the furnace outlet indicates that 
the pattern changes rather markedly with rating but not as 
markedly with excess air. The change in pattern occurring with 
only an increase in velocity is a widening of the space between iso- 
therms as is shown by comparison of full and */, loads, both of 
which utilized two rows of four burners each. This might be 
called a normal change. However, when the number of burners 
changes from eight to four, the pattern of isotherms changes 
markedly from nearly vertical lines to nearly horizontal lines. 
The explanation offered for this change is that the vertical width 
of the flame, near the burners, is halved when the top row is shut 
down and less change in flow pattern or turbulence is required to 
reach the velocity and cross section fixed by the vertical dimen- 
sion of the furnace outlet and the borizontal dimension of the 
path through the superheater. 

Table 12 gives the three average values of the temperature of 
the gases leaving the furnace. The first column gives the arith- 
metic averages of the observed values. The second column gives 
the arithmetic averages of the observed values corrected for the 
special cold junction within the probe. The third column gives 
the planimetric averages of the corrected observed values. The 
larger differences between the arithmetic and planimetric aver- 
ages occur on those isothermic charts having the steeper gradient. 
In the case of the '/,-load runs, planimetering produced an aver- 
age less than the arithmetic average. 

Effect of Change in Rear-Wall Construction on Temperature 
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Distribution at Furnace Outlet. Further advantage was taken of 
the active heat absorption of the rear wall by installing a widely 
spaced row of screen tubes in front of it. This row of tubes was 
approximately 12 in. in front of the wall and spaced on 19'/2-in. 
centers. It was expected that the flame would impinge on the 
rear wall through this screen and in mushrooming and changing 
direction would transmit a considerable amount of heat to the 
screen tubes by convection. 

Three load series were run after installation of this screen, 
three at full load (runs 15, 16, and 17), two at overload (runs 18 
and 19), and two at about #/, load (runs 20 and 21). The distri- 
bution of temperature at the furnace outlet is shown on rectangu- 
lar diagrams, Figs. 44 and 45, of the furnace outlet as before by 
point measurements and isotherms. 

Although the average temperatures are lower at the same rating 


than without the screen tubes, as would be expected, a rather 
great change in the pattern of isotherms is evident. The iso- 
therms, after the installation of the new screen, are essentially 
horizontal at full load, whereas they were formerly essentially ver- 
tical. Even at overload the isotherms remain essentially hori- 
zontal. 

The three fuil-load patterns are shown in Fig. 44. The two 
overload patterns and the two */,-load patterns are shown in Fig. 
45. Comparison of patterns before and after the screen installa- 
tion have a generally similar top to bottom distribution; namely, 
the higher temperatures are at the bottom. If the gas stream had 
“hugged"’ the rear wall throughout its height, lower instead of 
higher temperatures should have been found at the bottom. 
However, the original assumption, that the gas stream utilized 
the longest possible radius in making the turn out of the furnace 
and therefore scrubbed the roof, explains the lower temperatures 
at the top and the sereen tubes did not change this condition. 
The side temperatures at the higher loads represented by these 
figures are no longer substantially higher than the middle tempera- 
tures as indicated by the horizontal character of the isotherms. 
This greater uniformity of temperature distribution across the 
furnace outlet is probably the result of increased mixing action 
produced by the screen. 

Variation of Furnace Efficiency With Load. Furnace efficiency 
computed as the difference between heat entering and heat leav- 
ing, corrected for air leakage and radiation, and divided by heat 
entering, measures the portion of the heat input absorbed in the 
furance. 

The data plotted in Fig. 46 show that the furnace efficiency 
decreases from about 47.5 per cent at 100 M |b of steam per hr to 
about 33 per cent at 375 M Ib of steam per hr. A smooth curve | 
has been drawn through the four points representing the average 
results at each load point. Averaging the results at each load 
point suppresses the effect of slight differences in excess air. The 
points also have been connected with two dotted curves, one for — 
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the low loads for which only the bottom row of burners was used 
and one for the high loads for which both rows of burners were 
used. The two dotted curves are approximately parallel and 
indicate a drop in furnace efficiency when the upper row of 
burners is added to the lower row. This drop may be due to a 
shortening of the inean flame path. The two dotted curves proba- 
bly approximate actual conditions more closely than the single 
ne... urve. An intermediate rating at about 240 M lb of steam per hr, 
7+ produced with one and with two rows of burners, would have 
- Z this effect, but would have necessitated compensating 


100 
BOLER OUTPUT 1000 LBs HR 


FURNACE EFFICIENCY 
— 


ips gt adjustments of burner vanes to compare properly the high burner 
ove, velocities of four-burner operation with the low burner velocities 


of eight-burner operation at this load. Such adjustments were Fie. 46 Variation or Furnace Erricrency Wits 
.. undertaken because normal operation was at 375 M lb of 
= per hr or higher. 


: Variation of Furnace Efficiency With Excess Air at the Furnace 
Outlet. At */2, and full loads, four tests were made, each with 

a different excess air. In each case, two of the four tests were 
made at about 10 to 15 per cent excess air at the furnace outlet. ol. 


| 


available for this load. 
‘Fig. 47 shows that the furnace efficiency decreases with increas- 
sing excess air at all loads. Here again, a difference between four 
and eight-burner operation is indicated by the difference in slope 
between the two low-load curves and the two high-load curves. i : = 
Apparently, the effect of increasing excess air is slightly greater EXCESS AIR AT FURNACE OUTLET — PER CENT 


FURNACE EFFICIENCY . 


Fic. 47 Variation or Furnace Erricrency Wirn Excess Arr at 
Furnace Ovutiet 


with eight-burner operation than with four-burner arco ba 


CONCLUSION 

ented. eae We may conclude that the arrangement permitting the longest 
flame travel is the best from the standpoint of minimizing the 
effect of excess air on furnace efficiency. With natural-gas fuel, 
full advantage of this condition can be taken, but with solid or 
liquid fuels associated with incombustible material, the flame 
length and burner location may be limited by deposit formation 
and slagging characteristics. 
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Discussion 


Craig.’ This paper, which constitutes a report of 
data obtained in connection with natural-gas firing in a boiler 
furnace, gives the data of heat-absorption distribution in the fur- 
nace envelope, in a manner similar to that which has been done 
previously in reports of similar tests on boilers fired with pulver- 
ized coal. The data of course are self-explanatory. 

The firing of natural gas in this ease was done in such a manner 
that the flame produced was nonluminous. This being the case, 
it apparently was not possible to determine visually the path of 
the flow of gases in the furnace. It is interesting to note, how- 
ever, that this path can be readily visualized merely by the pat- 
tern of delta ¢ distribution on the furnace walls and roof. It is 
generally assumed that uniform distribution of gas flow across a 
furnace outlet should be more easily obtained with natural-gas- 
firing than with firing of coal in suspension or firing oil. There has 
been reason in the past to believe that this is not true and the data 
contained in this paper supply further evidence. 

If natural gas is burned with a nonluminous flame it is a fair 
assumption that this is because of the intimate mixture of gas and 
air to such an extent that corabustion is not retarded. To the 
contrary, if a luminous gas flame 1s desired, it is obtained by delay- 
ing gas and air mixture. However, the data in the paper indi- 
cate that even though the mixture is sufficiently intimate as to 
produce a nonluminous flame, it still is not complete by the time 
the gases pass from the front to the rear of the furnace, as evi- 
denced by the rise in gas temperature after further mixing has 
taken place at the rear wall because of the turbulence produced 
by wall impingement. Presumably combustion could be com- 
pleted in the shortest distance from the burners if the gas and air 
were thoroughly premixed before passing from the burners. 
This of course is done in some types of industrial processes 

The paper points out the lesser percentage of heat absorption in 
the furnace walls by radiation, and a greater percentage of absorp- 
tion by convection, as compared to pulverized-coal or oil-firing. 
It also points out the additional mixing that occurred and addi- 
tional convection heat absorption by the tube screen that was 
placed in front of the rear wall. This might lead to the idea that 
still further tubes could be placed in the furnace space to produce 
additional mixing and to absorb more heat by convection. This 
of course would be possible with gas firing while it would not be 
practical with pulverized-coal or oil-firing. 

It would be useful if a comparison were made of the data re- 
ported in this paper with data reported on previous tests with 
pulverized-coal-firing. For example, with a given rate of heat 
release per square foot of tube surface exposed in the furnace, 
what is the relative rate of heat absorption, or what are the dif- 
ferences in delta t, what differences are there in the temperature 
of gases leaving the furnace, and reasons for these differences? 

It can be assumed that the difference in heat-radiating ability 
of a nonluminous ¢as flame as compared to a luminous pulverized- 
coal or oil flame accounts for the difference in proportion of heat 
absorbed in the furnace envelope as radiated heat. It also can 
be assumed that if the natural-gas flame was luminous instead 
of nonluminous it would have a greater radiating capacity. As 
a matter of fact, tests at Battelle have indicated that luminous 
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gas flame will radiate more heat than will nonluminous gas flame. 
It would be of interest if comparative tests could be made in the 
same furnace and under the same conditions but varying only 
the difference in the luminosity of the gas flame, determining the 
comparative heat absorption in the furnace walls, and comparing 
the average temperature of gases leaving the furnace. Some 
such method could reduce the difference in superheated-steam 
temperature in multiple fuel-fired furnaces as between pulverized 
coal, oil, and natural gas, fired in the same furnace. 


F. G. Exy.* As the authors point out, this report on the per- 
formance of a natural-gas-fired furnace, which is free from ash 
deposits on the heat-absorbing surfaces, should provide a valua- 
ble reference for comparison with coal-fired furnaces in which 
ash is a prominent factor. 

From Fig. 46 of the paper it is noted that in spite of the clean 
surface, the values of furnace-absorption efficiency are apprecia- 
bly lower than those of coal-fired furnaces reported in previous 
committee tests. This may be due in part to the difference in 
flame luminosity, to the influence of gas-flow patterns, and to the 
specific arrangement of tubes and refractory in the furnace-wall 
construction, 

It would be of interest to include further information on the 
construction of the water-cooled floor area, the over-all dimen- 
sions of the furnace shown in Fig. 1 of the paper, and a sketch 
showing the arrangement of rear-wall screen tubes installed prior 
to test No. 15. 

As regards the gas-flow pattern, the authors’ interpretation, 
based on furnace-wall 
refractory, appears to be quite reasonable. It is unfortunate that 
means were not available for introducing some additive which 
would make the gas stream visible for confirmation of these 
observations. Further interest would be afforded by comparative 
tests using only the upper row of burners, to disclose the effect 
on At profiles, gas-flow patterns, and furnace-absorption effi- — 
Cc ie ney. 
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isotherms and the observed color of | 


It is gratifying to note the progress made in calibration checks : 


on testing equipment, such as thermocouple radiation shields, 
and furnace-tube thermocouples, under circumstances where | 
advantage could be taken of the ash-free condition of the gas. 


Raves Scoran * The authors in collaboration with the owners 
of this steam generator are to be congratulated on having pre- 
sented an exceptionally fine paper based on very carefully con- 
ducted tests. We note that gas temperatures above about 3000 F 
were not attempted in order to preserve the instrument. 
ever, the gas temperatures observed below 3000 F can be ex- 
trapolated so as to indicate the probable maximum furnace tem- 
perature, and this extrapolated temperature can then be compared 
with the caleulated adiabatic ature of We 


closure. 
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How- 


Mr. Craig ‘te that a luminous gas flame will radiate 


more heat than will a nonluminous flame. In the same flame 
volume and shape this is probably true, but for the same heat 


input, luminosity could be achieved practically only by delaying 


combustion, Consequently, even though the effective emissivity 
of the luminous flame would be greater, the mean radiant tem- 


perature would be lower and it is conceivable that no net change _ 


* Consultant, The Babcock & Wilcox Company, Research & De- 
velopment Department, Alliance, Ohio. Mem. ASME. 

© Professor of Mechanical Engineering, University of Missouri, — 
Columbia, Mo. 


G 7 
« 


MUMFORD, COREY—-FURNACE PERFORMANCE FACTORS ie 1215 


in total radiation would occur. This is a recurring question, 
particularly in open-hearth and glass-tank firing, but in these 
eases a long flame is preferred because of more uniform distri- 
bution of heat; the fact that it is luminous is the result of de- 
layed combustion. 

Mr. Craig suggests that the results of these tests be compared 
with those obtained from tests made of pulverized-coal-fired 
furnaces. The Furnace Performance Factors Committee plans 
at a later date to make a comprehensive correlation of its work 
with the objective of finding such general relationships as may 
exist. 

Mr. Ely’s comments regarding furnace heat-absorption effici- 
ency are probably correct, and it is interesting to note in this 
connection that the heat absorption rates up to about 60,000 
Btu per hr ft? were attained at Sterlington, whereas it was about 
40,000 in two pulverized-coal-fired furnaces studied previously. 
In answer to Mr. Scorah’s discussion, the adiabatic flame 
_ temperature was calculated for three different values of excess 
air, namely, 0, 14, and 27 percent. The last value is the highest 


excess air for any of the tests, as measured at the furnace outlet. 

Owing to furnace leakage the e)cess air in the vicinity of the 

burners will be somewhat less than that at the furnace outlet. 

The corresponding adiabatic flame temperature will, therefore, 

lie between the temperature of a stoichiometric mixture and the 

temperature for the gas composition at the furnace outlet. 
Following are the values calculated: 


Excess air, percent. . ; 0 
Flame temperature, F .. . 3765 


14 
3600 


27 
3410 

In making these calculations the average values of the preheat 
temperature, and of the atmospheric humidity for all the full- 
load tests were assumed. The heating value of the gas was 
taken as the average of determinations on several samples ob- 
tained during the test series. Allowance was made for the dis- 
sociation of CO, to CO and O, and for the dissociation of H,O 
to H,, O,, and OH. However, at the temperatures prevailing 
it was not considered necessary to allow for dissociation of 


O,, and N, into their corresponding atoms. 
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The Ts ype Chart foi the Design 


of Vessels 


_ abscissa scale and different ordinate scales. One family 
represents the dimensional variables and is the same for 
all materials. The other family represents the mechani- 
cal property variables of a given material at different tem- 
peratures. Each curve is constructed from a stress-strain 
diagram of the material at the temperature it represents. 
A “head-line”’ curve provides for the design of hemispheri- 
cal heads. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


outside diameter of shell, in. 

inside skirt diameter of ellipsoidal head, in. 

tangent modulus of elasticity for a material with a non- 
linear stress-strain curve, psi 

constant modulus: of elasticity for a material having a 
linear stress-strain curve, psi 

length of unsupported shell between heads or between 
circumferential stiffener rings, in. 

inside crown radius of torispherical heads, in. 

effective radius of formed heads, in.; 

inside radius of spherical heads, in. 

number of lobes in a complete circumferential belt at 
time of collapse 

collapsing pressure, psi 

allowable working pressure, psi 

average compressive stress at collapsing pressure, psi 

yield strength of material that has a definite yield point, 
psi 

thickness of shell, in. 

thickness of head, in. 


INTRODUCTION 


Circular cylindrical shells under external pressure may fail 
either by yielding or by buckling. Vessels with relatively thick 
walls fail by plastic deformation under load. Relatively thin- 
walled vessels fail by instability or buckling under stresses that 
on an average are below the yield strength of the material. The 
buckling may be entirely elastic or it may be accompanied by 
more or less plastic deformation. 

The collapsing strength of vessels under external pressure may 
be increased by means of circumferential rings attached to the 
inside or outside of the vessel at intervals to stiffen it. The shell 


1 Consulting Engineer, C. F. Braun & Company. Mem. ASME. 
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September 18, 1951. Paper No. 51—A-137. 


Under External Pressure 


By E. O. BERGMAN,' ALHAMBRA, CALIF. 


length, for purpose of analysis, becomes the length between cen- _ 
ters of stiffeners. For closely spaced stiffeners, the average 
stress to produce buckling is greater than the yield stress and 
failure is by plastic deformation. 

As the stiffener spacing is increased, the stress required to pro- 
duce buckling decreases and eventually becomes less than the 
yield stress. The circumference of the shell then buckles in a 
series of lobes whose number decreases as the stiffener spacing is 
increased. A spacing is finally reached where the stiffeners have 
no effect on the resistance to buckling of the portion of the shell 
midway between stiffeners. Beyond this “critical length” or 
spacing of stiffeners, the collapsing pressure is independent of the 
length. 

INsTaBILITY FoRMULAS 

The region of instability has been the subject of numerous 
analytical studies. The principal instability formulas developed 
prior to 1934 are given by Windenburg and Trilling (1),? to- 
gether with an evaluation of the formulas and a bibliography. 
Sturm (2) has presented a more recent analysis, also accom- 
panied by an extensive bibliography. 

The instability formulas give the ratio of the collapsing pres- 
sure to the modulus of elasticity of the material in terms of four 
dimensionless variables. One of these, Poisson’s ratio, may be 
considered constant for design purposes. The geometry of the 
shell appears in two dimensionless ratios, the thickness-to-diam- 
eter ratio (/D, and the length-to-diameter ratio L/D. These 
ratios appear in the charts now given in the Code (3). The 
fourth dimensionless quantity n, in the instability formulas, is the 
number of lobes into which the shell buckles. The effect of n is 
shown by the nodes that appear in the curves for {/D when they 
are plotted against L/D and a function of the collapsing pressure 
as variables (2), (4). 

For design purposes it is desirable to eliminate n from the in- 
stability formulas. Two methods for doing this have been pro- 
posed. One is a graphical method by Sturm and O’Brien, illus- 
trated in Fig. 9 of reference (5). The other method is that of 
Windenburg and Trilling (1). They obtain an approximate for- 
mula, independent of n, that has an average deviation of about 
1 per cent from the exact forraula of von Mises (1). 
son’s ratio equal to 0.30, the formula is 


When the Jaleies of elasticity FE has a constant value, this equa- 
tion plots as straight lines on log-log paper, except for very smal] 
values of L/D for which the second term in the denominator is 
not negligible. 

Abeve the critical length, the collapsing pressure is given by the 


Bresse-Bryan formula (1) for tubes of infinite length. For Pois- 
son’s ratio equal to 0.30, this equation is 


p = 22E(t/D).. 
+ Numbers in parentheses refer to the Bibliography at the end of 


For Pois- 
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ConsTRUCTION OF Paeseny Cope Cuarts 


The charts in the ASME and the API-ASME Codes for Un- 
fired Pressure Vessels were developed for a group of carbon and 
low-alloy steels at room temperature. The construction of these 
charts is explained in references (6, 7,8). Only a brief summary 
will be given here. 

These charts are drawn for a material that has a definite yield 
point. The modulus of elasticity is taken as constant up to the 
yield point, The stress-strain diagram is assumed to consist of 
two straight lines, a line through the origin having a slope equal to 
the modulus of elasticity, and a horizontal line with an ordinate 
equal to the yield-point stress, 

A series of curves representing constant values of (/D are 
plotted on log-log paper against values of P as ordinates and 
L/D as absecissas, as shown in Fig. 1. The ¢/D-curves consist of 
three straight-line segments, each of which is determined by a 
different formula. The straight-line segments are connected 
by short arbitrarily drawn transition curves. 

The horizontal segments at the left represent the region of 
plastic flow. The collapsing pressure is figured by a modified 
hoop-stress formula (6) as follows 


p = 28,(1/D)/1.05 {3} 


Failure in carbon stee! is assumed to take place when the mate_ 
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reference 3. 1 on a factor of safety of 4; that is, the design pres- 
sure is one fourth of the collapsing pressure.) 


Ey = 29,000,000 Psi, 
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rial reaches the yield-point stress S,, which is taken as 27,500 psi 
in Fig. 1. Theoretical considerations and experience are given 
as the basis for the reduction factor of 1.05 in the denominator. 

The inclined segments of the t/D-curves in the middle of the 
chart represent the region of buckling in which the stiffening 
rings are more or less effective. The collapsing pressure in this 
region is figured by Equation [1] using a value of Ey equal to 
20,000,000 psi. 

The horizontal segments at the right of the chart represent the 
region of buckling where the stiffeners are spaced too far apart 
to have any effect on the collapsing pressure. For ¢/D-values 
below 0.023, the curves are based on Equation [2] divided by 
1,27, that is, on 


p = 50,200,000 (/D)* 


For t/D-values above 0.023, the collapsing pressure is figured 
from the equation 
p = 86,670 (/D — 1386 (5! 

The formulas for the ¢/D-curves in this region are empirical 
equations based on tests made by Stewart (9) in 1906, on lap- 
welded steel tubes having a yield point of 37,000 psi. Jasper 
and Sullivan (10) indicate that the average variation between 
the minimum and the average thickness of Stewart's tubes was 
12 per cent and the average out-of-roundness ‘was 1.4 per cent. 

Theoretically, this material should buckle according to Equa- 
tion [2] up to a t/D-value of about 0.035. For ¢/D greater than 
0.035, the material should deform plastically when the hoop 
stress reaches the yield point. Stewart's Fig. 47 indicates that 
Equation [4] fits the plotted test results for ¢t/D-values up to 
about 0.032. Thus the chart would have been satisfactory if it 
had been based on Equation [4] only. 


Marertats Wrrn NONLINEAR Srress-STRAIN Curves 


We have seen that the stress-strain diagram for many carbon 
steels can be approximated by two straight lines. The inclined 
line has a constant slope equal to the modulus of elasticity EF. 
The horizontal line has an ordinate S,, and zero slope. Such an 
idealized stress-strain diagram permits the collapsing pressure to 
be read directly from the type of chart shown in Fig. 1. 

Unfortunately, this type of stress-strain diagram is the excep- 
tion rather than the rule, being limited practically to carbon and 
low-alloy steels at temperatures not over 500 F. Other materials, 
such as high-alloy steels, nonferrous metals, and carbon steel 
above 500 F, have a nonlinear stress-strain curve with a variable 
modulus of elasticity and no definite yield point. Charts of the 
type of Fig. 1 cannot be used directly for such materials. 

Three methods of dealing with materials not covered by Fig. 1 
were presented at the Annual Meeting of the ASME in 1946. 
The first method (7, 8) involves a change in the abscissa and ordi- 
nate scales so as to make the chart applicable to materials having 
a yield point other than S, = 27,500 psi and a modulus of elas- 
ticity other than E, = 29,000,000 psi. A second chart is needed 
to take care of vessels whose length exceeds the critical length. 

Charts based on this method are included in Appendix IT of 
the ASME Code for Unfired Pressure Vessels, Section VIII, 1950 
edition. These charts are to be used for steel at elevated tem- 
peratures. Since no change has been made in the shape of the 
stress-strain diagram, these charts give results that decrease in 
accuracy as the knee in the stress-strain curve become less promi- 
nent with increasing temperature. 

Windenburg (8) has outlined a method for avoiding the error 
caused by using a chart based on a constant modulus of elasticity 
for a material that has a nonlinear stress-strain curve. The 
method is one of trial and error. It requires a stress-strain dia- 
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gram of the material from which a diagram of the reduced modu- 
lus or the tangent modulus of elasticity is plotted against stress. 
Windenburg's paper (8) should be consulted for a discussion of 
these moduli. 

Another method is discussed by Sturm and O’Brien (5). 
They present a type of chart based on a variable modulus of elas- 
ticity. The mechanical property terms that appear in the equa- 
tions for collapsing pressure are considered as two additional 
variables. They are the tangent modulus of elasticity B, of the 
material and the corresponding value of compressive stress S. 
The pattern of the ¢/D-curves depends on the mechanical prop- 
erty variables so that a different chart is required for each mate- 
terial and each temperature range of the material, Sturm and 
O’Brien show in detail the work required to prepare the chart for 
A-nickel at room temperature. They also develop a chart for 17-7 
chromium-nickel stainless steel. Hartman (11) gives two charts 
of the same type for pure al and alumi ganese 
alloy. 

Hartman also has three charts for nickel alloy, later adopted 
in ASME Code Case 1074, that have the general shape of the 
chart for carbon steel in Fig. 1. A comparison with Sturm and 
O’Brien’s chart for A-nickel indicates that the t/D-curves ob- 
tained by Sturm and O’Brien’s method have been warped into 
the more familiar shape of the curves in Fig. 1. This may indi- 
cate a feeling that the ¢/D-curves, representing a geometrical 
relationship, should maintain their pattern regardless of the ma- 
terial. 


Separation OF MecuanicaL Prorerty VARIABLES FROM 
DIMENSIONAL VARIABLES 


Sturm and O’Brien (5) point out that the instability equations 
can be written so that the mechanical property variables are on 
one side of the equation and the dimensional variables are on the 
other. This separation of the geometrical and mechanical varia- 
bles is the basis on which the new-type Code chart is constructed. 

Instability formulas with the dimensional variables on one 
side of the equation may be derived readily from Equations [1] 
and [2] with the help of the hoop-stress formula for the average 
compressive stress in the shell. This equation can be written 
in the form 


p = {6} 
Equating the values of p given by Equations [1] and [6] and di- 
viding by E gives 
1.3001; 


L/D — 


The second term in the denominator has no discernible effect on 
the curves within the range of the chart and can be neglected. 
This giv es 


1.30(1/D)'-4 


In like manner, Equation [2] reduces to 


3 
4 


In constructing the present Code chart shown in Fig. 1, this 
equation was multiplied by Stewart's out-of-roundness factor of 
1/1.27 giving the formula 


S/E = 0.87(t/D)?.. (10) 


Thus the present chart introduces an out-of-roundness factor 
in the portion of the chart where Equation [10] applies, while 
omitting it in the rest of the chart. In this paper, Fig. 2 is based 
on Equation [10] to permit direct comparison with the present 
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chart. New-type charts for adoption as part of the Code should, 
however, be based on Equation [9], thus, in effect, doing away 
with ery factor for out-of-roundness. 

Fig. 2 is «a graph of Equations [8] and [10] in which a family 
of t/D-curves is plotted with values of S/E as abscissas and L/D 
as ordinates. Since S and E are simply simultaneous values of 
the stress and modulus of elasticity considered as variables, the 
curves in Fig. 2 give general relations that are applicable to all 
materials. 

The advantage that the chart in Fig. 2 possesses of applying to 
all materials, carries with it the disadvantage of not applying 
specifically to any particular material. Fig. 2 gives the ineci- 
dence of failure, not in terms of collapsing pressure p as in the 
present charts, but in terms of S/E. To obtain the collapsing 
pressure, charts are needed showing the relation between p and 
S/E for particular materials. 

Such charts can be constructed readily with the help of a 
stress-strain diagram of the material together with the hoop- 
stress formula. Using a factor of safety of 4, so that p = 4P, 
Equation [6] for hoop stress can be written as 


P D/t = 8/2 


Materials curves based on this equation give results in terms of 
allowable working pressure. 

A graphical method of obtaining simultaneous values of S and 
E is explained in ys by Sturm and O’Brien (5). Values of 
S/E and P D/t = S/2 are computed from such data, and a curve 
is drawn having S/E as abscissa and P D/t = S/2 as ordinate. 
Two such curves are shown in Fig. 3, one for a steel at room tem- 
perature where the modulus of elasticity is constant, and one for 
a steel at 650 F where the modulus of elasticity is a variable. 

The two families of curves are shown on separate charts to ex- 
wri their construction. In — it is better to have them 
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plying this value by the computed value of t/D gives the allowa- 
ble external pressure for the vessel. 
In problems of design, the operating pressure and temperature 
- are given and, in most cases, the diameter of the vessel. Usually 
feat § f both the shell thickness and the stiffener spacing are to be deter- 
+ i mined. The problem of the designer is to determine correspond- 
ing values of thickness and spacing that meet Code rules, satisfy 
service requirements, and make the combined cost of shell and 
stiffeners as low as possible. 

Since ¢ is a factor both in t/D and P D/t, the designer should 
begin by assuming a value of ¢, in a commercial plate thickness, 
for use in figuring ¢/D and P D/t. The traverse of the chart in a 
design problem is made in the opposite direction to that followed 
in an investigation problem. 

The designer enters the chart at the computed P D/t value on 
the right-hand scale, follows the P D/t-ordinate to its intersection 
with the material curve for the operating temperature, then fol- 
lows vertically along the S/E-line through the intersection to — 
where it cuts the computed ¢/D-curve. He then follows the _ 
horizontal line through this intersection to the scale on the left 
where he reads the value of L/D. Multiplying this value by D 
gives the stiffener spacing corresponding to the value assumed for 
t. 

A second and often a third value of ¢ must be tried to obtain 
the most economical combination of shell thickness and stiffener 
spacing. More than one trial may be needed also when a specified 
stiffener spacing must be met. 


Formep Heaps ExTerRNaAt PRessURE 


Fie. 3 Cuan? Snowine Ratamon Berwasx Mecuamcat Puor- Rules for formed heads under external pressure are given in 
exty Ratio S/E ann P D/t = S/2 vor a Panwticutar Steet at 100 Par UG-33 and Par UA-5 of the ASME Code for Unfired Pres- _ 
F anv 650 F sure Vessels, The Code gives two formulas. One applies to rela- | 
tively thin heads in which failure originates from instability; the 
superposed on a single chart with the common abscissa S/E, as 
shown in Fig. 4. The ordinate scale for values of L/D is at the | | i] 
left and that for P D/tis at the right. The variable S/E is ordi- 
narily not needed in using the charts. It may be considered as 
a parameter that serves to tie the two sets of curves together. 
The horizontal lines at the right in Fig. | are represented by 
the vertical lines in Figs. | and 4. These line segments apply to 
shells that exceed the critical length. The horizontal lines at 
the left in Fig. 1 apply to shells that fail by yielding. For any 
given value of (/D, the collapsing pressure is constant over a 
range of L/D-values. The pressure is constant only because 
failure takes place at the yield stress, which is assumed to be con- 
stant. The same constant collapsing pressure over a range of 
L/D-values is obtained in Fig. 4 for a given t/D-value when the 
material curve has a horizontal segment such as that of the curve 
for 100 F. 


Le/io0 FOR HEADS 
p -le/2t, Form HEADS 


Use or New Cope Cuarr 


Pressure-vessel problems, like many other engineering prob- 
lems, are of two kinds, investigation and design. In problems of 
investigation, the pertinent dimensions of the vessel are known, 
the diameter, the length between stiffeners, and the shell thick- 
ness, The loading condition, which in this case is the allowable 
external pressure, is to be determined. 


FOR SHELLS 
N 
P-D/t FoR SHELLS 


This is the form in which the problem ordinarily presents itself 
to the inspector. He computes the values of L/D and t/D, the 
same as for the present charts. He then enters the chart at the 
computed L/D-value on the left-hand scale, follows the L/D- it 
ordinate to its intersection with the computed (/D-curve, then ? 2 3 4 & 8.001 2 4 «6 8.01 
fu‘lows vertically along the S/E-line through the intersection to Se ror sueus pon HEADS 
here it cuts the material curve for the operating temperature. 
He then follows the horizontal line through this intersection to 


Fie. 4 New-Type Cope Cxuart Formep sy SUPERPOSITION OF 

Fies, 2 anv 3 

the seale on the right where he reads the value of P D/t, Multi- (Head line permits the chart to be used for hemispherical heads.) ib 


= 
40900 
25,000 
20,000 
mare 15,000 
10,000 
4 8000 
6000 
: $000 
4000 
2500 
200 
1500 
1,000 
800 
fe 
° 
4 
00 
3 


hm applies to relatively thicker heads where failure starts with 


plastic deformation. 

Fr Like the chart in Fig. 1 for shells, these formulas for heads are 
_ directly applicable only to materials that have a constant modu- 
a a of elasticity. For materials with a nonlinear stress-strain 


curve, cut-and-try methods are necessary in order to arrive at a 
solution that is based on simultaneous values of S and BE. A 
_ chart embodying the materials curves shown in Fig. 3 will sim- 
plify the design of heads made from such materials. 

oe The equations for formed heads may be shown graphically on 
7 ia - the same chart as that used for shells. The geometrical rela- 
tions can be shown by a single curve instead of a family of curves, 
since the head can be specified with one less dimension than is 
needed for shells. 

The instability formula for heads, as given in Par UA-5, is 
based on the von Kaérman-Tsien equation for spheres (12), with 
It is 


P = E/16 (t,/L,)* 


where L,, the spherical radius of the head, is substituted for the 
symbol L of the formula to avoid confusing it with the symbol for 
_ stiffener spacing used in this paper. 

_ The dimensional variables may be separated from the me- 
‘hanical property variables by combining Equation [12] with the 
quation for average compressive stress in a hemispherical head 


S = PL,/2% 
Eliminating P and rearranging 


2S/E = '/4(t/L,) 
This equation plots as an inclined straight line on the log-log 
An abscissa value of 2S/E is used in order that the 
“head line’’ will satisfy the requirements in the region of plastic 
deformation. The ordinates are plotted as L,/100¢, in order to 
fit the scale used to plot L/D-values for shells. 
. In the region where plastic deformation occurs, the Code sets 
the allowable external working pressure as 60 per cent of the 
allowable internal working pressure. The 60 per cent reduction 
7 tao factor was set up in the Code at the same time that provision was 
made for formed heads under external pressure. The primary 
e4 ai value of a factor such as this would seem to lie in the increased 
resistance against failure in the range of thickness-to-diameter 
ratios where buckling occurs. 
ies Since the allowable pressure varies with the square of 4,/L, in 
* the region of instability, the correction factor to be applied to a 
z pressure Kg on the first power of ,/L, should itself be a func- 
= of 4,/L,. The constant factor of 0.60 was found to be too 
: low for small values of 4,/L, and as a result, Equation [12] was 
adopted. Equation [12] applies to all thickness-to-diameter 
- gatios at which failure is due to elastie instability. 
The use of the 0.60 per cent factor in the design of heads in 
en _ the thickness range where failure is by plastic deformation is open 
4 to question, particularly since no such factor is applied to shells 
: a that are in the same thickness range. If the 60 per cent factor is 
not applied, the equation for stress in a hemispherical head in the 
plastic range is given by Equation [13]. 
. The material curves on the chart were constructed with S/2 
: wnt as ordinate and S/E as abscissa. Values of PL,/24, = S may be 
read from these curves provided both ordinate and abscissa scales 
are doubled. It will be remembered that the head line was 
drawn to a scale of 28/E so as to permit this change in scales, 
The head line shown in Fig. 4 is a graphical representation of 
= - Equations [13] and [14] for hemispherical heads. The design 
pressures obtained from Fig. 4 for steel at 100 F compare as fol- 
___ Jows with those obtained from the rules of Par UG-33 of the 
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Code, The inclined straight-line portion of the material curve 
gives the same values as the equation in Par UG-33. ‘The hori- 
zontal straight-line portion gives values that agree with the Code 
rules except for the elimination of the 60 per cent reduction fac- 
tor. The curved section used to join the two straight-line seg- 
ments of the materials curve gives values somewhat lower than 
the values figured by the rules. 

The head line in Fig. 4 has been constructed for hemispherical 
heads on the basis of Equations [13] and [14], with the quantity 
L, equal to the spherical radius of the head in both equations. 
Fig. 4 can be used for the design of other shapes of heads provided 
the effective radius in the formulas corresponding to Equation 
{13} is the same as the effective radius defined in Par UG-33 for 
use in Equation {14}. 

The effective radius in Par UG-33 of the Code is K,D’ for ellip- 
soidal heads, and L’ ‘or torispherical heads. From Equations 
{1} and [3) in Par UA-4, the effective radius is KD’ for ellipsoidal 
heads and L'M for toriepherical heads. The values of K,, K, 
and M are given in Tables UG-37, UA-4.1, and UA-4.2, respec- 
tively. 

With this difference in definition, a separate head line is re- 
quired for each shape ratio of each of these two types of heads. 
A separate chart for heads would be needed to show such a family 
of head lines. Even two more head lines for 2-to-1 ellipsoidal 
heads and 6 per cent torispherical heads might clutter up the 
chart too much, 

The use of the. one head line for all three shapes requires that 
the definitions of L, be changed so as to have the same value for 
both Equations [13] and [14]. A change in the definitions for 
Equation [14] would result in a thicker head in the region of elas- 
tic instability and would provide greater security against collapse 
due to out-of-roundness. Since the Code does not set limits for 
out-of-roundness for heads, such added security would appear 
desirable. 


NEED For FuRTHER CONSIDERATION 


The Subcommittee on Strength of Vessels Under External 
Pressure has approved the new-type chart for use in the ASME 
Code for Unfired Pressure Vessels. This paper has brought up 
the following points on which decisions are needed before con- 
struction of charts of the new type begins: 

1 The elimination of the 1.05 factor in Equation [3] for ves- 
sels that fail by plastic deformation. This may be looked upon 
as a minor change in the factor of safety. In considering the need 
for this factor, it should be remembered that for vessels under 
external pressure the factor of safety in the region of yielding is 
based on yield strength, while for vessels under internal pressure, 
the factor of safety is based on the tensile strength which is much 
higher. 

2 The inapplicability of Equation [5| to pressure vessels. 
This equation applies primarily to the range where failure is by 
plastic deformation. This range is adequately covered when pro- 
vision is made against failure by plastic deformation. 

3 The elimination of Stewart's reduction factor which is now 
applied to Equation [2] for shells that exceed the critical length. 

4 The elimination of the 60 per cent factor for formed heads 
when they are figured by the rules for heads under internal pres- 
sure. This factor should have been eliminated when the von 
K4rman-Tsien type of formula was adopted, 

5 Consideration of the rules for ellipsoidal and torispherical 
heads to determine whether the effective radius in the region of 
elastic instability should be the same as that in the region of plas- 
tic deformation. 


SumMMarRY 
1 The present Code charts are designed for use with mate- 
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rials that have «a constant modulus of elasticity up to the yield 
point, 

2 The new-type Code charts can be used with materials that 
have either a constant or a variable modulus of elasticity. 

3 The family of curves that depends on the dimensional varia- 
bles of the vessel is the same for all materials. The family of 
curves that depends on the physical properties of a particular 
material is readily constructed from stress-strain 
the materia! at a number of different temperatures. J 

4 An additional line of the chart allows it to be used in the 
design of hemispherical heads, Ellipsoidal and torispherical 
heads designed by this method have greater resistance to out-of- 
roundness in the region of elastic instability than when designed 
under the Code rules, 
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Discussion 


F. V. Harrman.* This paper will serve a useful purpose in 
outlining the thought behind the charts that are being included 
in the 1952 edition of Section VIII of the Code. There are cer- 
tain discrepancies between the method of drawing such charts as 
presented by the author and that used in preparing the charts 
submitted to the Boiler Code Committee. 

The charts submitted to the Boiler Code Committee are com- 
posite charts of the general type described but the geometry lines 
which are considered applicable to vessels of all materials are 
based on the theory developed by Dr. R. G. Sturm (author's 
reference 2) rather than on the earlier work of Dr. Windenburg 
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curves of 


OCTOBER, 1952 
and Mr. Trilling. This choice was based on the thought that 
Dr. Sturm’s work is more complete and is independent of em- 
pirical equations such as Equation [5]. 

Reference 2 shows the development of an equation for the col- 
lapsing pressure of circular cylindrical vessels which is of the 
form 


where 


K = coefficient dependent on proportions of vessel, that is, 
ratio of diameter to thickness and length to diameter 

E, = initial slope of stress-strain curve, that is, Young’s 
modulus 


and the other terms are as defined in the nomenclature. Charts 
showing the variation of K with the proportions of the vessel 
are given in references (2) and (5). For long, thin-walled tubes, 
Equation [15] of this discussion reduces to Equation [2] of the 
paper. Although reference (2) gives values of K for only six 
values of the ratio of diameter to thickness there are many ways 
in which interpolation can be made for other values of the ratio 
in order to avoid lengthy calculations. 

The development of Equation [10] of the paper contains the 
factor 1.27 which is an empirical constant required to give good 
agreement between Equation [2] and the average experimental 
results obtained by Prof. R. T. Stewart from tests on long lap- 
welded steel tubes (author's reference 9). Saunders and Winden- 
burgt emphasize that Professor Stewart's tests were made on com- 
mercial tubing yet some of the test results are in agreement with 
Equation {2}. Also Jasper and Sullivan, in reference (10) advo- 
cate the use of Sturm’s analysis in the field of elastic buckling. 
The charts submitted to the Boiler Code Committee do not in- 
clude this factor of 1.27, The author concurs with this step. 

Fig. 5, herewith, shows a comparison of some of the lines from 
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Comparison or Geometry Lines From AutHor's Rerer- 
ENCES (1) anv (2) 
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Fig. 2 of the paper, and the corresponding lines from the charts 
submitted to the Boiler Code Committee for inclusion in the 1952 
edition of Section VIII. The divergence in the vertical portions 
of the curves lies in Mr. Stewart’s empirical factor 1.27. The 
divergence in the lower part of the sloping portions lies in the dif- 
ference in the theories for short shells as developed by Sturm, and 
by Windenburg and Trilling. For length-diameter ratios com- 
monly used, for example, L/D between 2.5 and 11, and for D/t 

‘Strength of Thin Cylindrical Shells Under External Pressure,” 


by H. E. Saunders and D. F. Windenburg, Trans. ASME, vol. 53, 
1931, pp. 207-218. 
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equal to 100, the two sets of lines yield ratios of stress to modulus 
which agree within about 5 per cent. 

The use of the tangent modulus as the effective modulus de- 
serves additional comment. It should be recognized that Equa- 
tions {1,] [2,} [4] of the paper and Equation [15] of this discussion 
were developed on the assumption of elastic action of the mate- 
rial and hence do not apply rigidly in the region of plastic action. 
In other buckling problems such as columns and stiffened flat 
sheet it has become common practice to redefine modulus of elas- 
ticity for the range of plastic action as the “effective’’ modulus 
of elasticity. In column problems it is customary to use the 
tangent modulus as the effective modulus (author’s reference 
5). The material lines in both the author’s chart and in those 
submitted to the Boiler Code Committee are developed on this 
basis and are therefore in agreement. 


_ _ The sphere line on the chart submitted to the Boiler Code 


represents the equation of von Karman and Tsien 
which is 


2 
p = 0.183 (*) [16] 
The factor of safety of 4 is introduced in the material lines of the 
chart. The use of Equation [12] leads toa factor of safety of 
about 12 for a perfectly formed spherical shell. 
Tt is believed that Equation [16] is valid for spherical seg- 
ments large enough to develop the natura! buckle pattern of a 
sphere of the same proportions. It also would seem reasonable 
for use with formed heads of ellipsoidal or other shape provided 
the effective radius of curvature can be determined. The factors 


Table UG-37 [author's reference (3) | lead tothe maximum radius 


cated. 


_ UG-37 for ellipsoidal heads of nonferrous materials. 


- steel having a yield strength of 37,000 psi. 


of curvature of a four-centered ellipse having the axis ratios indi- 
The Subcommittee on Vessels Under External Pressure re- 
cently voted to accept the sphere line and the factors in Table 
A similar 
proposal for heads of the ferrous materials is before the Sub- 
committee. 


M. B. Hicerns.* It is the writer's feeling that the new-type 
chart is more desirable, and, no doubt, more correct for use at 


However, the new charts should be constructed using the 
_ two correction factors introduced by Dr. Windenburg and which 


Bryan theoretical formula in agreement with the Stewart formula 
_ which was developed from experimental research. 
In regard to the construction of the Code chart, the author 


: yield point and that the straight-line segments were connected 


by short arbitrarily drawn transition curves. This is not quite 


correct as Dr. Windenburg did consider the stress-strain curve 


posedly tangent to the sloping lines at points where the stress 
equals the proportional limit. 
Equation [5] of the paper is Stewart’s empirical equation for 
ylindrical vessels having a ¢/D-ratio above 0.023, and made of 
Dr. Windenburg, in 
reference (8), gives an equation [4a], by which the strength of a 
vessel with known mechanical properties can be determined. 
By this formula, the Stewart formula for a steel with a 27,500-psi 
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Referring to the upper limit of the Bresse-Bryan Formula 

{2} or the Stewart Formula [4], in 1946 Dr. Dana Young de- 

veloped the following formula to determine this upper limit = 

t/D = 0.682 (S,/E)'/* 4 

According to this formula, the upper limit buckling for a 27,500- 
psi yield-strength steel vessel would be ¢/D = 0.021 instead of 
0.035 as given in the paper. 

The method outlined for the design of heads should prove quite 
satisfactory. 

It is the writer's feeling that in the construction of the new 
chart all of the present code precepts, notations, and range of 
the chart should be retained. 

A word about the material lines for carbon steel to be put on 
the new chart. This is not an easy task, as the stress-strain 
curves available are on material that is much stronger than speci- 
fied, and, therefore, must be reduced. Also, since the propor- 
tional limit and yield strength start to reduce at temperatures 
above 100 F, it means that material curves must be developed for 
frequent temperature intervals. 


Marsuatt Hour. The interpretation and revision of the 
Boiler Code in the years to come will be facilitated because of the 
recording of the development of this new type of chart. There 
are some points, however, that need further clarification. 

The author has made a poor choice of words in differentiating 
between the stress-strain curve of mild steel as being linear and 
those of the other materials of construction as being “‘nonlinear.”’ 
Fig. 6 of this discussion shows parts of stress-strain curves for a 
number of materials.’ It will be seen that each of them has a 
linear portion for small stresses while the departures from the 

* Assistant Chief, Engineering Design Division, Aluminum Re- 
search Laboratories, New Kensington, Pa. Mem. ASME. 

7 Fig. 2 of “Some Stress-Strain Studies of Metals,” by R. L. Tem- 


plin and R. G. Sturm, Journal of the Aeronautical Sciences, vol. 7 
1940, pp. 189-198. 
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initial slopes are more or less rapid. In the case of mild steel 
and Monel, the departures are quite rapid while, for the other 
materials, the departure is more or less gradual. Judging from 
these curves, one cannot differentiate any as being linear and 
others as being nonlinear. 

The author is incorrect in stating that charts of the type of 
Fig. | cannot be used with materials having stress-strain curves 
that depart gradually from the initial slope. Such curves are 
given in the author's references (5) and (11). The new type of 
chart lacks the one desirable feature contained in charts of the 
type of Fig. 1, that is, it is not direct reading. The necessity for 
the new type of chart arose from the fact that the type of chart 
in Fig. 1 is valid for only one material and for only one tempera- 
ture range; consequently each material and each temperature to 
be considered in Section VIII would require a separate chart 
Obviously, with the expansion of the Code to cover additional 
materials, the number of charts required to cover adequately 
these materials and the temperature ranges would be excessive. 
The new type of chart, while not direct-reading, covers the whole 
temperature range for one or more tempers of a given material, 

The author points out that the direct-reading chart of Sturm 
and O'Brien for A-nickel at room temperature appears to be 
“warped into the more familiar shape of the curves in Fig. 1” for 
mild steel. In view of the variety of stress-strain curves shown 
in Fig. 6 of this discussion it should not be surprising that some 
charts are very much alike and others quite different. 


CLosurE 


The author wishes to thank the discussers for their contribution 
to a better understanding of the new-type code chart. It is grati- 
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fying that the objections are on the manner of presentation and 
not on the method of developing the chart. : 

Mr. Hartman points out that the geometry lines may be based _ 
either on the work by Windenburg and Trilling or that by Sturm. 
The author used Sturm’s work in his original development of the 
chart. The equation of Windenburg and Trilling was used in the 
paper because it simplified the explanation of the method of de- _ 
veloping the chart. 

Since the paper was presented, the Subcommittee on Vessels 
Under External Pressure has considered the points listed in the 
section preceding the summary to the paper. Mr. Hartman states 
the action taken by the Subcommittee. 


Mr. Higgins discusses the basis for the Windenburg-type charts | ro 


now in the Code. He points out quite correctly that the author's 
use of the term, arbitrarily drawn transition curves, does not cor- 
rectly describe the method of constructing the transition portion 
of the curves. He gives two formulas from reference (9) to in- 
dicate that the upper limit of buckling occurs at a t/D-value of 
0.021. These equations are developed mathematically from an 
empirical equation proposed by Stewart (9). Since the test 
points on which Stewart's expression was based were for the most 
part in the region of plastic flow, the validity of these derived 
equations is open to question. 

While the term, nonlinear, as applied to stress-strain diagrams, 
was borrowed from one of the reference papers, the author can 
find no fault with Dr. Holt’s objection that it is a poor choice of 
words. In connection with the discussion of Fig. 1, the statement 
was made that the chart cannot be used directly with materials 
having stress-strain curves that depart gradually from the initial 
slope. Reference was made to two methods which make indirect 
use of the charts. 
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Se of thin shells developed by Dr. R. G. Sturm.* 


he geeceduse developed i in the paper is based on the 
The 


formula for determining the allowable out-cf-roundness 


_ contains two factors, one based on the proportions of the 


shell and the other based on the properties of the material 
as measured by the allowable design stress. The proce- 
dure is applicable to elevated as well as to room tempera- 


tures. 
INTRODUCTION 


LTHOUGH the allowable working pressures for vessels 
A under external pressure are usually computed by means 
of a theory that assumes mathematical perfection of form, 
it is practically impossible to fabricate such perfect vessels. 
Therefore it is expedient that a certain degree of imperfection 
be tolerated in the construction of commercial pressure vessels. 
situation is by the ASME Boiler 


of Vessels | Under E xte largely through the 


efforts of Dr. D. F. Windenburg and under the chairmanship of 
Mr. W. D. Halsey.*- They were intended for use with carbon 
and low-alloy steels. The problem of allowable out-of-roundness 
is revived by the extension of the Code to include nonferrous ma- 
terials and high-alloy steels. In developing new charts for the 
new materials it would seem desirable to follow a procedure that 
is applicable to all materials and needs only a single factor which 
_ is developed from the mechanical properties of the particular ma- 
terial under consideration. 
It is the purpose of this paper to develop a procedure for com- 
- puting the allowable out-of-roundness of a cylindrical vessel sub- 


OUTLINE OF PROCEDURE 


The fundamental theory to be used in this study was devel- 
oped by Dr. R. G. Sturm.* In addition to formulas and coeffi- 
cients for the collapse of perfect cylinders, an equation is given 
for conguting the ultimate pressure for a vessel having an initial 


- 1 Assistant Chief, Engineering Design Division, Aluminum Re- 


search Laboratories. 


Mem. ASME 
2“A Study of the Collapsing Pressure of Thin-Walled Cylinders,” 
by R. G. Sturm, University of Illinois Engineering Experiment Sta- 
- tion Bulletin No. 329. 

3 “Vessels Under External Pressure,” by D. F. Windenburg, Me- 
chanical Engineering, vol. 59, 1937, pp. 601-608. 

Contributed by the Committee on Strength of Vessels Under Ex- 
ternal Pressure and presented at the Annual Meeting, Atlantic City, 
N. J., November 25-30, 1951, of Tue American Society or Me- 
CHANICAL ENGINEERS 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters 
= 18, 1951. Paper No. 51-——A-136. 


out-of-roundness of the same a iake as the buckle pattern of a 
perfect shell. In the case under consideration, as the pressure 
increases, the out-of-roundness merely increases in magnitude 
until the stresses reach a value analogous to modulus of failure, 
at which time the external pressure reaches a maximum value. 
This behavior is similar to that of an eccentrically loaded or 
crooked column. 

The equation for computing the strength of a shell with the 
prescribed out-of-roundness is 


t 
255 
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t (1—w)(W, 


=- 


— W) > 


i+ 


in which 

maximum pressure for out-of-round cylinder, psi 

maximum stress that can be developed in the shell wall, 
corresponds to the modulus of failure, psi 

wall thickness, in. 

outside diameter, in. 

out-of-roundness or maximum deviation from radius of 
corresponding perfect shell, in. 

modulus of elasticity, psi 

number of lobes in out-of-roundness pattern 

collapsing pressure for corresponding perfect cylinder, 
psi 

= Poisson's ratio 


This equation can be given a simpler appearance by making the 
following substitutions 


Ev 


(a) K 
which is from the basic equation for computing the collapsing 
pressures for perfect circular cylindrical shells, where K is a 
coefficient, the value of which depends on the proportions and 
not on the materi J] of the shell 

272 


(3 


(b) 
The value of this term is affected only slightly by the properties 
of the material; since the range of values of yw is rather small fer 
the common materials of construction. 


(c) W=aW, 


(d) 


This value for Poisson’s ratio is a reasonable <pproximation for 
the range of values for the materials under consideration. : 
Now Equation [1] can be rewritten as 


\ Procedure for Determining th a 
| 
Out-of-Roundness for Vessels 
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It should be noted that the value of Q depends on the propor- 
tions of the shell and the reduction in strength produced by the 
out-of-roundness and is only slightly affeeted by the material 
from which the vessel is made. 

It has been the policy of the Boiler Code Committee to allow 
an out-of-roundness that reduces the ultimate pressure to 80 per 
cent of that of the corresponding perfect shell. Thus, taking a 
equal to 0.8 and values of K and N from Sturm,? the variation of 
Q with the proportions of the vessel can be shown. This is done in 
Fig. 1 where it can be seen that the value of Q can be represented 
for practical purposes by a single curve. It should be borne in 
mind that the plotted points are computed values and not test 
results. For further use in this paper the curve mentioned is 
shown in Fig. 2. 

The term within the parentheses of Equation [8] invelves the 
material, since the value of S is probably closely related to the 
tensile strength of the material and the value of W, depends on 
the effective modulus of the material. 

Tests on beams of wide rectangular cross section indicate 
that the modulus of failure is greater than the tensile strength of 
the material; hence Sturm* suggests that S be taken as 15 per 
cent greater than the tensile strength. In view of the fact that 
the tensile strength varies with the temperature and is different 
for each of the materials under consideration, it would appear 
necessary to have a curve for each material giving the tensile 
strengths at various temperatures. Since most of the allowable 
design stresses in the Code are controlled by the tensile strength, 
it seems reasonable to use the ratio of the design stress to the de- 
sign pressure rather than the ratio of the modulus of failure to 
the collapsing pressure. Any irregularities brought about by 
the design stress being controlled by the yield strength of the 
material rather than the tensile strength will be on the conserva- 
tive side. 

Equation [8] is thus reduced to 


3S ¢ 
A, = {10} 


PD 
in which S = design stress at the operating temperature, psi, 
P = design pressure, psi, and the other terms as defined pre- 
viously. The factor 3 arises from taking the modulus of failure 
as 20 per cent greater than the tensile strength. If the 15 per 
cent increase suggested by Sturm? had been used, this factor 
would have been 2.88. The implied accuracy of this value is not 
warranted. 

It should be pointed out that A, is the maximum radial devia- 
tion from a perfect circle when measured over an are length 
corresponding to one-half lobe length of the out-of-roundness 
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pattern. In the case of an even number of lobes this is also one 
fourth of the difference between the maximum and minimum 
diameters. For odd numbers of lobes this relation does not hold. 
The number of lobes into which a cireular cylinder will buckle 
is a function of the proportions of the shell and not of the mate- 
rial of which it is made. The are length of a complete lobe can 
be deduced from the number of lobes as follows 
2rR 


are length = @R = 


The are length and chord length corresponding to one-half lobe — 
can be determined by the following equations 


D 
A = are length of one-half lobe = = {12}. 


C = chord length of one-half lobe = D sin 


13) 
2N 


The values of N given by Sturm* lead to the chart shown in Fig. | 
3 where the various fields represent a given number of lobes, 
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and the indicated values of are length and chord length corre- 
spond to all the ratios of length to diameter and diameter to thick- 
ness defined by points within the field. 


Proposep ParRaGRarnu ror Cope Use 


The paragraph to be used in the new Code might be as follows: 


Par. UG-80(b) For vessels operating under external pressure, 
the shell shall be so constructed that the out-of-roundness does 
not exceed the value computed by the formula 


38 t 
D 


in which 
A, = maximum plus or minus deviation from the true circular 
form measured on outside or inside of vessel, using an 
are or chord length defined by Fig. 3 
thickness of shell course under consideration (exclusive 
of corrosion allowance), in. 
factor defined by Fig. 2 
maximum allowable design stress for material and tem- 
perature under consideration, psi 
= external design pressure, psi 
D = outside diameter of shell course under consideration, in. 


ILLUSTRATION 
To illustrate the use of this proposed rule, consider the example 


worked out in Par, UA-271 of the 1950 edition of Section VITI. 


The data given are 


4 


L 
a 1.5 wie 
D 


thos gel 
t = OAl in. 


D = %in 

t 
= 0.00425 

D 

P = 15 psi 


From Table UG-23, the value of S will be taken as 13,750 psi. 
In Fig. 2 the value of Q is found to be 0.044. Equation [10] now 
yields 


‘ 


3(13,750) (0.00425) 


- = 0.192 in, 
15 


A, 
The are length over which the out-of-roundness is to be meas- 
ured is found from ya 3 to be 0.314 D or 30.1 in., while the chord 
length is 0.309 D or 29.7 in. The euneapending values in Par. 
UA-271 


Allowable out-of-roundness = 0.369 in. 
Reference chord length = 25.92 in. 


By comparison, the proposed procedure allows approximately 
50 per cent as much out-of-roundness as the 1950 edition of 
Section VIII. It should be pointed out, however, that the 1950 
edition liberalized the requirernents for out-of-roundness as com- 
pared to the 1949 edition. For vessels that collapse into an even 
number of lobes, the liberalization amounted to a fourfold in- 
crease in allowable out-of-roundness. Since the vessel in this 
example would be expected to collapse into five lobes, the liberali- 
zation in the 1950 edition would not be exactly 4 to 1. It is to 
be expected, however, that the proposed method is more liberal 
and conforms better to theory than the 1949 edition. The 
lengths of the reference chords by the proposed procedure and the 
1950 edition are practically the same. 

If this carbon-steel vessel were to operate at 850 F, the re- 
quired shell thickness would be increased by the rules of Par. 
UA-33 to 0.470 in. Since the 1950 edition gives no rules for 
determining allowable out-of-roundness at elevated tempera- 
tures, the rules of Par. UG-80(b) might be expected to govern. 
In this case, the allowable out-of-roundness would be 0.8 ¢ or 
0.376 in., or slightly greater than for operation at room tempera- 
ture. The proposed procedure leads to a value of 0.137 in. or 
only 71 per cent as much as for operation at room temperature, 
This relatively great reduction in allowable out-of-roundness 
results from the reduction in the modulus of failure as reflected 


in the design stress at the elevated temperature. 


E. 0. ‘BeroMan.‘ The purpose of the is to 
procedure for computing the allowable out-of-roundness of cy- 
lindrical vessels that can be applied to all materials and operating 


‘ Consulting Engineer, C. F. Braun & Company, Alhambra, Calif 
Mem. ASME. 
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temperatures. 
{10} and Fig. 2 

The author compares his method with that of the ASME 
Boiler Code by applying it to the illustrative example ia Par. 
UA-271 of Section VIII. Fig. 4 of this discussion has been pre- 
pared to show how the methods compare over the entire range 
covered by Fig. UG-80.1 of the Code. 

The curves in Fig. 4 represent ¢/D-values in place of A,/t- 
values as in Fig. UG-80.1. This change has been made to facili- 
tate the computation of values for the curves representing the 
author’s method. Values of A,/t greater than 1.0 are not shown 
to agree with Fig. UG-80.1. The Code requirement, that the 
difference between the maximum and minimum diameters shall 
not exceed | per cent of the nominal diameter, limits the out-of- 
roundness to the following values: 

t/D 0.003 0.004 0.006 0.010 0.020 
Ae /t 0.833 0.625 0.417 0.250 0.125 

Fig. 4, herewith, shows that for low values of L/D, the per- 
missible out-of-roundness by the author’s procedure drops to less 
than one fourth of that perm:.tted by the Code. 


This procedure is embodied in his Equation 
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RESULTS 


The validity of the proposed procedure can be checked by 
means of experimental results reported by Windenburg and 
Trilling.* An expression for the collapsing pressure of an out- — 
of-round vessel is obtained by introducing a factor of 4 in Equa-_ 
tion [10] of the paper, and writing it in the form ] 


Table 1 of this discussion gives data from Windenburg and Trill- 
ing’s Table 3, including the collapsing pressure at failure, P.xp, 
and the collapsing pressure, P.x., computed by the Windenburg 
formula now used in the Code. The pressure, Peco, for collapse 
of an out-of-round vessel is also given. The lowest of the three 
pressures for each test model is indicated by an asterisk. 

It will be noted that the models for which Pece is the smallest | 
value, all have small values of L/D, for the most part 0.50 or less. — 
In all except Model 43, the test pressure was less than that figured 
by the formula for collapse—in many cases, considerably less. 
The tests show that the reduced values for out-of-roundness given 
by the proposed procedure are in the right direction. 

The present Code rules make no provision for designing vessels _ 
with an out-of-roundness, A,/t, greater than 1.0. It is some- 
times necessary to provide for greater values, as in austenitic 
stainless-steel vessels quenched from high temperatures. The 
proposed method will make it possible to design vessels for spec-_ 
ified values of out-of-roundness. 


M. B. Higetns.* As author of the rules covering out-of-r »und- 
ness tolerances in the Code, the writer comments as follows: 


The rules in the Construction Code cover a new vessel that has 
not been subjected to external pressure. The requirement that 
the difference between the maximum and minimum diameters of 
a section shall not exceed 1 per cent of the nominal diameter for 


* “Collapse by Instability of Thin Cylindrical Shells Under Ex- — 
ternal Pressure,” by D. F. Windenburg and C. Trilling, Trans. 
ASME, vel. 56, 1934, p. 819. 

* Supervising Engineer, The Texas Company, New York, N. Y 
Mem. ASME. 
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that section, is for the purpose of eliminating any serious general 
out-of-roundness. 

The second requirement to be met by vessels that are to be 
subjected to external pressure in service is to detect any bulges 
or flat spots in the plates that may have occurred during fabrica- 
tion. At the time this rule was proposed, it was critically re- 
viewed by Drs. Windenburg, Jacobus, and Sturm, and approved 
by the Special Research Committee on the Strength of Vessels 
Under External Pressure. The requirement to be met is on the 
safe side, as the length of the chord specified is twice as long as 
theoretically necessary. 


R. G. Srurm.? The author is to be congratulated on develop- 
ing and presenting such a very clever and useful arrangement of 
the quantities involved in the collapse of out-of-round ves- 
sels. The separation of the terms representing the geometry of 
the vessel from those governed, primarily, by the properties of 
the material is of particular value. Such a separation permits 
consideration of vessels of different materials without duplicat- 
ing al! of the work. His arrangement of the geometric terms so as 
to obtain a single curve simplifies the problem of presenting rules 
in the Code. 

In determining the out-of-roundness as proposed by the au- 
thor, it may be desirable to devise a special out-of-roundness 
meter which can be set up quickly to correspond to a predeter- 
mined number of lobes and to a given average diameter of vessel. 
The writer believes that the intelligent use of such an instrument 
on vessels that appear to be anomalies at the present time would 
clarify much of the fogginess now linked with experience data. 

An out-of-roundness pattern that does not agree reasonably 
well with the natural pattern of collapse for two or more lobes 
produces a much smaller reduction in strength than if the same 
out-of-roundness did agree with the pattern of collapse. Dis- 
agreement might be in the longitudinal pattern as well as in the 
circumferential pattern. 

The author is correct, however, in basing his design charts on an 
out-of-roundness pattern that does agree with the collapse pat- 
tern, because this is the worst condition. Since out-of-roundness 
patterns are completely fortuitous, it is possible that at some 
part of the vessel the conformity might exist. 


? Director, Auburn Research Foundation and Engineering Experi- 
ment Station, Alabama Polytechnic Institute, Auburn, Ala. Mem. 
ASME 
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Closure * 

The author wishes to thank the discussers for their contribu-_ 
tions. 

Dr. Bergman's comparison of the proposed requirements and 
those in Par. UG-80 of Section VIII, 1950 edition, might lead 
some people to think the proposal is ultraconservative. On the 
other hand, the data from the paper by Windenburg and Trilling 
which Dr. Bergman has introduced can be used to show that the 
proposal is quite reasonable. 

Table 2 lists those specimens in Dr. Bergman's Table 1 which 
failed at average stresses less than 27,500 psi, the probable yield 
strength of the material used. The computed bursting pressures 
were obtained by the theory presented in reference 2; first, on the 
basis that the edges of the tubes were simply supported, and 
second, that they were fixed. Since many of the test results are 
greater than the values computed on the basis of simply sup- 
ported edges and also greater than the value of Pex: in Table 1, it 
appears that the condition of fixed edges or, at least, restrained 
edges prevailed in many cases. 

Two values of allowable out-of-roundness also have been deter- 
mined and compared with the measured out-of-roundness in the 
last two columns of Table 2. The two values arise from the use 
of the two values of computed collapsing pressure. The value of 
S was taken as 55,000 psi. 

) Fig. 5 shows the relation between the ratios of the computed 
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and measured presfures and out-of-roundnesses. The points 
represented by the pairs of ratios determined for the two edge 
conditions are connected by a straight line, and it is reasonable to 
believe that the true relation is represented by some point on the 
line. The data indicate that the collapsing pressure decreases 
as the out-of-roundness increases. If the data supported the 
proporal exactly, there would be no data points in the quadrant 
defined by the ratio of pressures less than 0.8 and the ratio of out 
of-roundnesses Jess than 1.0, nor in the opposite quadrant de- 
fined by the ratio of pressures greater than 0.8 and the ratio of 
out-of-roundnesses greater than 1.0. The fact that 15 of the 23 
specimens are correctly graded on the basis of fixed edges indi- 
cates that the proposal is quite reasonable. By admitting only 
slight variations from the condition of fixed edges, one can ob- 
tain perfect agreement between the proposal and the test condi- 
tions. It is thus shown that the comparisons made by Dr 
Bergman in which he omitted the possible effects of restraint at 
the ends of the specimens may lead to an erroneous conclusion. 
Dr. Bergman has showed that the permissible out-of-round- 
ness obtained by the proposed procedure may be as little as one 
fourth that permitted by the 1950 edition of the Code. This 
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should not be surprising in view of the fact that between the 
1049 and 1950 editions the definition of ¢ was changed but the 
limits on ¢ were not changed. It is recognized that, in spite of 
this change, there has been no epidemic of failures; however, the 
author believes that the factors of safety, in many cases, were 
lower than anticipated. It is also recognized that, as noted by 
Mr. Higgins, the present rules were carefully considered by the 
Special Research Committee on the Strength of Vessels Under 
External Pressure. 

Dr. Sturm’s suggestion opens a wide field for the gadgeteer to 
devise a fixture for making the necessary measurements. 

It should be pointed out that the proposed procedure was de- 
veloped as part of the activity of the Subcommittee on Nonferrous 
Materials in the preparation of a proposal for the anticipated 
1952 edition of the Code which covers many materials for which 
the rules in the 1950 edition are not satisfactory. It was de- 
veloped as a branch of a theory which has been satistactorily veri- 
fied by tests on vessels of a variety of materials. The adoption 
of rules such as those proposed would simplify future editions of 
the expanded Code and would more adequately consider the 
effects of elevated temperatures 
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Most creep-time relations for materials are obtained for 
short periods of time— usually for 1000 hr or about 40 days. 
In many applications, however, the life of the member is 
much greater than 1000 hr. In the design of these mem- 
bers, therefore, it is necessary to provide for creep de- 
formations which cover periods of time much greater 
than 40 days. To do this, it is common practice to obtain 
a stress-creep-time empirical relation based on 1000-hr 
test data, and to extrapolate these relations to periods of 
time representing the service life of the part. The pur- 
pose of this paper is to determine the accuracy of this 
extrapolation. This is accomplished by comparing the 
extrapolated tension and compression creep-time relations 
based on 1000-hr test data with actual 10,000-hr creep- 
test data. Long-time creep-test data also were obtained 
for pure bending and pure torsion. These creep-time 
relations were compared with theoretical values based on 
empirical relations for 1000-hr tension and compression 
creep data. For the relations used and for the material 
tested, it was found that the extrapolated values gave good 
engineering approximations to the actual values. 


INTRODUCTION 


T is customary, in design of parts subjected to creep, to deter- 
mine creep-test data for a period of 1000 hr or about 40 days. 
Empirical relations based on this short-time creep data are 

then extrapolated to determine the creep deformations for longer 
periods of time equal to the estimated service life of the part. 
The validity of this extrapolation is questionable. It was the 
purpose of this study to determine the accuracy of the empirical 
relations when extrapolated. For this purpose, creep tests 
covering 10,000 hr and various stresses were concucted, including 
simple tension, simple compression, pure bending, and pure tor- 
sion. In the case of simple tension and compression, empirical 
creep relations based upon 1000 hr were then extrapolated and 
compared with the actual creep values at 10,000 hr. Theories 
developed in references (1)* and (2) were used to predict bending 
and torsion creep values up to 10,000 hr. Predicted values were 
compared with actual 10,000-hr creep values. 

The material tested was Plexiglas 1A, manufactured by Rohm 
and Haas Company. Reported values of the mechanical prop- 
erties in tension, compression, and flexure are given in Table 1. 
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TABLE 1 MECHANICAL PROPERTIES OF PLEXIGLAS IA 
Nominal 


Nominal 
fracture 


of elasticity 
10° psi 


Type of 
stress 
Tension 
Compresmon 
Flexure 


10? psi 


4.0 to 4.6° 5.507 7° 


40 to 44° 
3.8 


data 
* From technical data su weed by Rohm & Haas Company, as determined 
by ST M Standard meth 
astics Properties C' hart.” Modern Plastics, 1947 


Creer-Test Resuvtrs 


All creep tests were made in a creep laboratory in which the 
temperature was maintained at 77 + 2 deg F, and the relative 
humidity was kept at 50 + 2 per cent. A humidifier and a de- 
humidifier with automatic controls were used to maintain con- 
stant humidity. A constant temperature was obtained by the 
use of heating coils with automatic controls. 

Creep-time relations for tension, compression, bending, and 
torsion were obtained using specially designed testing machines 
as described in references (3) and (1). 

The dimensions of the specimens used are given in reference 
(1). Creep strains in tension were measured to 5 & 10° in/in. 
for a '*/y-in. gage length using SR-4 electric strain gages. The 
creep strains in compression also were measured using SR-4 
gages with a '/-in. gage length. The creep deflections for pure 
bending were measured for a 2-in. gage length by means of dial 
gages reading to 0.0001 in. The angles of twist for the creep- 
torsion tests were measured over a 4-in. gage length by means of 
twistmeters equipped with verniers reading to 0.1 deg. 

Deformation-time relations are shown in Figs. 1, 2, 3, and 4 for 
tension, compression, bending, and torsion. Values of the de- 
formations are for periods of time up to 10,000 hr. In keeping 
with usual practice, the sum of the elastic and creep deformations 
are shown. Creep-time relations are given in Figs. | to 4, for 
various stress values. In Figs. 3 and 4 for bending and torsion, 
the stress values given are the values calculated by the elastic 
theory for the outer fibers and are not the actual stress values, 


INTERPRETATIONS OF SHort-Time Tenston anno Compression 
Creer Tests 


The creep-time relations in Figs. | to 4 show that after the 
initial creep the rate of change of creep with time or creep rate 
remains essentially constant and, for engineering design purposes, 
the creep-time relation may be assumed linear. Using data as 
represented in Fig. 1, for simple tension, various methods of 
interpretation have been developed (4, 5) for defining the creep 
deformation in terms of the stress and time. In selecting an 
analytical expression for this purpose, complicated expressions 
of various types can be selected that fit well a given set of test 
data. The objective in the present investigation is to use an em- 
pirical relation which represents a good approximation of the 
test data and, at the same time, is not so complicated that it 
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cannot be applied for predicting creep in bending, torsion, and for — and es ee 
various states of combined stresses. 

A modified log-log method (1) of interpretation will be used 
for defining the stress-creep-time relations in tension and com- 
preasion. By this method the actual creep-time relation O-A-B, 
Fig. 5, will be replaced by the straight lines O-D and D-B. The e = DS" + Bis’.. 
creep strain ¢ at a time ¢ can be considered to be made up of an 
intercept strain e, and a time-dependent strain ¢,, so that where D, m, B, and n are experimental constants. By taking the 

logarithm of both sides of Equation [2], it can be seen that Equa- 

ee Te, (1! tion [2] represents a linear relation between the intercept strain 

e, and the stress S on a log-log plot. This is verified by the 

straight-line relations shown in Fig. 6 for both tensile and com- 

pressive stresses. In obtaining the data plotted in Fig. 6, the 

e = DS*.. {2} tension and compression creep-time relations in Figs. 1 and 2, 

for the first 1000 hr were used. The intercepts also were ob- 

tained based on an average straight-line creep-time relation be- 

tween 700 and 1000 hr. Equation [3] may be written as e,/t = 
BS* or 


Then from Equations [1], [2], and [3} 


Considerable test data have shown that the strains ¢, and ¢, may 
be related to the stress S by the following equations 


C = BS" 


where C = constant minimum creep rate. By taking the loga- 
rithm of both sides of Equation [5], it is seen that Equation [5] 
represents a straight-line relation between the creep rate C and 
the stress S on a log-log plot. This assumed relation is verified 
by the plots shown in Fig. 7 for both tensile and compressive oy 
stresses. In obtaining the creep rates from Figs. 1 and 2, which 
are used in plotting the points in Fig. 7, the average slopes of the ui 
creep-time relations between 700 and 1000 hr were selected. The — 
straight lines used to define the test data in Figs. 6 and 7 repre- | 
sent the best average of the test points and were obtained by the 
method of least squares. By the straight lines for tension and — 


100 


+—+— 


hes 


4 


TENSION 


LOG-LOG INTERCEPT LOG-LOG CREEP RATE-STRESS 


STRAIN'STRESS RELATIONS | RELATIONS 


OCTOBER, 1952 
= 
I 
4 
3 
q 
° 
: 
100) 
t 
a s Ag | be | | 
t + 4 + + T 
Fe. 6 / FIG. 7 
. 3 20 
S PS! « (L0G SCALE) $ Pix 10" (LOG SCALE) 
4 Fic. 6 Fic. 7 is 


MARIN, PAO—ACCURACY OF EXTRAPOLATED CREEP-TEST RELATIONS.POR PLEXIGLAS 


TABLE 2 VALUES OF CREEP CONSTANTS IN TENSION AND 
COMPRESSION 

= 2.32 x 10 De = 

= 1.3 ™ = 

- 183 x 10°" Be = 

= 2.19 


6.91 x 10” 
1.20 
2.49 x 10-4 
1.87 


compression, as given in Figs. 6 and 7, the creep constants D, m, 
B, and n as expressed in Equations [2], [3], and [5] can be found. 
The values of these constants for both tension and compression 
are given in Table 2, based on the first 1000 hr of the creep-time 
relations of Figs. 1 and 2. 


Comparison oF Acruat Lono-Time 
Tension AND Compression Creer-Time RELATIONS 


With the creep constants evaluated in the foregoing, Equation 
{4] defines the creep-stress-time relation for tension or compres- 
sion. Then, for any given stress value S, Equation [4] gives the 
relation between the creep strain e and time t. Fig. 8 shows these 
theoretical creep-time relations for tension based on Equations 
{4} for the various stress values used. The solid lines in Fig. 8 
represent the actual creep-time relations for the 10,000-hr test 
period. A comparison between the theoretical relations and 
actual creep-time relations for tension shows that there is ap- 
proximate agreement. Table 3 gives a comparison between the 
theoretical and actual tension creep strains at 10,000 hr. The 
last column in Table 3 shows that the maximum difference in 
creep strains is about 20 per cent. Fig. 9 gives a comparison be- 
tween the theoretical creep-time relations for compression using 
constants based on 1000-hr tests and the actual creep-time rela- 
tions. In Table 4 a comparison of the theoretical and actual 
compression creep strains at 10,000 hr is given for various stress 
values, The maximum percentage difference is 27. 

CompParRIsON oF THeorReTICAL AND AcTuaL BEeNpING CREEP- 
Time RELATIONS 


A theory has been developed by the authors (1) for predicting 
the creep deflections and creep-deflection rates in bending based 
upon the tension and compression creep-stress-time relations 
given in Equation [4]. 

For a bar of length L subjected to a pure bending moment M 
at the ends, it can be shown that the center deflection y in terms 
of the radius of curvature f is y = (L*)/(8f). In the case of creep, 
the deflection is made up of two parts, the initial deflection y, and 
the creep deflection y,, that is 


where f, is the initial radius of curvature and f, is the creep-time 
dependent radius of curvature. Reference (1) shows that the 
value of the curvature f, is defined by solving the following equa- 

tions simultaneously to obtain f, 
1 
( 
1 


m. 


2+ 
1 \™ (A) 
+( A, 
SD, (2+ 


(h,) 1 + 


+1) fm \ 


In Equations [7] and [8], A, is the distance from the neutral axis 
to the outer tension fiber; m,, D., m,, D, are creep constants in 
tension and compression corresponding to the constants m and 


TABLE 3 COMPARISON OF THEORETICAL AND ACTUAL TEN- 
SION-CREEP STRAINS AT 10,000 HR 


—----~-Total creep strains at 
Th 


in, per cent 
14.18 x +21 
17 42 1 
9 80 1 


16.20 
6 82 


Stress 
per 
2500 
2900 
2000 
1605 


TABLE 4 Co EON OF THEORETICAL AND ACTUAL COM- 


RESSION-CREEP STRAINS AT 10,000 HR 
Total creep strains at 10,000 hr 
Theoretical I 


D in Equation [2]; and 6 and d are the width and depth of the 
specimen cross section. Equations [7] and [8] are based on (a) 
the stress-creep relations for tension and compression given by 
Equation [4], (6), the assumption that a plane section remains 
plane after bending, and (c) the conditions of equilibrium. 

In a manner similar to that used for the initial curvature, refer- 
ence (1) shows that the curvature f, in Equation [6] is determined 
by solving the following equations simultaneously to obtain /, 


1 


= 2++ 
( / 1 
f,BA (2 1 ) 


1+ m+ 

(A,’) ™ 


In Equations (9) and [10], n,, B,, n,, B, are the creep constants in 
tnsion and compression and ¢ is the time. 

The predicted deflection y can now be determined by Equation 
{6} where the values of the radius of curvature f, are found by 
Equations [7] and [8] and the radius of curvature f, is obtained 
from Equations [9] and [10]. 

Based on the tension and compression creep constants, as given 
in Table 2 for 1000-hr creep data, the theoretical creep deflec- 
tion-time relations for bending were determined by Equations 
{6} to [10) for the various values of the moments used in the creep 
tests. These theoretical relations are compared with the actual 
creep deflection-time values for a 10,000-hr period in Fig. 10. A 
comparison of the actual and theoretical creep deflections at 
10,000 hr is also given in Table 5. The last column in Table 5 
shows that the maximum difference between the theoretical and 
actual values of the creep deflection at 10,000 hr is 14 per cent. 
For engineering purposes, this difference indicates good agree- 
ment between the predicted theoretical creep-deflection values 
and the actual values at 10,000 hr. 


TABLE 5 COMPARISON OF THEORETICAL AND ACTUAL 
BENDING-CREEP DEFLECTIONS AT 10,000 HR 


Creep deflections at 10,000 hr 
Experimental Theoretical Difference, 
~(in 2 in. gage length)— 
65.8 x 10-4 67.2 x 
$1.0 88 


106.7 
130.0 
159.8 
174.5 


t 
- 
2 
3 
1 1780 7.0x 10" 8.4.x 10> +20 
3 14.6 18.1 $38 | it 
| 
+ 
: 
Bending Ela 
c. moment ‘Me, stres 
in-lb ps 
435 2 
536 269 
771 4000 142.5 “a 
814 4205 163.8 = 
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Comparison oF THEORETICAL AND AcTuaL Torsion CREEP- 
Time RELatIons 


The creep deformations in torsion of a circular member have 
been predicted based on theories defining creep strains under 
combined stresses (6). These theories are based upon the as- 
sumption that the tension creep-stress relations are identical with 
creep relations in compression. As indicated by Table 2, the 
compression and tension creep strains for a given stress cannot 
always be assumed equal. A theory for combined creep strain- 
stress relations for materia] with different properties in tension 
and compression was recently developed (2) which can be used for 
defining torsion creep-stress relations. By this theory, if S, is 
the shear stress on the outer fiber of a bar with circular cross 
section subjected to creep, it can be shown (2) that the shear 
creep strain is 


; + 8, "+ (1 + 


+ BtS." (1 + + 2 (1+ 


= KS) 


where c,, = , C, are material creep constants as follows 


m, —— 


_] THEORETICAL AND ACTUAL 


and D, B, m, and n in Equations [11] and [12] are the tension and 
compression creep constants appearing in Equation [4). 

Using the conditions of equilibrium and the assumption that 
aradius remains a straight line during twisting, it is shown in refer- 
ence (2) that the twisting moment M, is 


where f(S,’) = the right-hand side of Equation [11] for 8,’ on 
any fiber instead of S, for the outer fiber at r; = r. 

If 0 is the angle of twist for a length L and £ is the angle of 
twist per unit length, then 


where ¥ is the shear strain defined by Equation [11]. 

By Equations [11] to [14] the theoretical angle of twist for 
given twisting moment M, and time ¢ can be found as follows: 

1 For known tension and compression creep constants, as 
given in Table 2, and as calculated by Equations [12], the values 
J(S,') can be obtained by Equation [11] for a series of S,’ values. 

2 A graph giving the relation between f(S,’) and S,’ can be 
plotted and df(S,’)/(dS,’) representing the slopes of the f(S,’) ver- 
sus S,’ can be found. 

3 By Equation [13] and the graph f(S,') versus 8,’ obtained 
in the foregoing, a relation between the twisting moment M, and 
the shear strain 7 is determined. For a given moment M, the 
shear strain y can thus be found. 

4 With the.shear strain 7 for a given twisting moment known, 
by Equation [14] the angle of twist @ for a given moment M, will 
be known. The foregoing calculations can be made for various 
values of time ¢t. Theoretical angle of twist-versus-time relations 
then can be plotted for selected values of the twisting moment 
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ANGLE OF TwiST (OEGREES) 


EXPERIMENTAL 
— LONG TIME THEORETICAL AND 


ACTUAL CREEP ANGLES OF 


FIG 


M,. These theoretical angles of twist-time relations are shown in 
Fig. 11 for 10,000 hr and for various values of the twisting mo- 
ment. Fig. 11 also shows the actual creep angle of twist-time 
relations. A comparison of the curves shows that there is ap- 
proximate agreement between the theoretical and actual creep 
The theoretical and actual creep angles of twist at 10,000 
hr for various twisting moments are shown in Table 6. The per 
cent difference between the actual and theoretical creep angles of 
twist shows that the maximum difference is 18 per cent, 


values. 


CONCLUSIONS 


This investigation shows that for the Plexiglas tested, empirical 
relations for tension and compression stress creep-time relations 
based on 1000-hr tests agree well with actual values at 10,000 hr. 
Furthermore, theoretical bending and torsion creep relations 
predicted by theories developed in references (1) and (2) and 
based on 1000-hr tension and compression creep relations are in 
satisfactory engineering agreement with actual creep deforma- 
tions at 10,000 hr 

Measurements of recoverable creep deformations for “ten- 
and “bending” show that the separation of the creep de- 
formation into an instantaneous creep and time-dependent creep 
as given by Equation [4] is justified. 

It appears that the theoretical and empirical relations used in 
this paper for predicting creep have possibilities for other mate- 
rials than Plexiglas 


sion” 
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Appendix 
Creep-Srrain Recovery ON UNLOADING | 
It is of practical importance to know what part of the creep 
deformation produced in a member is recoverable on unloading. 
In this way the permanent creep deformation produced on re- 
moval of stress would be known. To answer this question, the 
loads were completely removed from the tension and bending 
creep-test specimens and the deformations were measured at 
intervals of time as indicated in Figs. 12 and 13. As might be 
expected, the strain recovery or change to the original dimensions 
was rapid for the initial periods of time and gradually decreased 
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so that, in most cases, at about 2000 hr there was negligible change 
of strain for both the tension and bending specimens; that is, 
after about 2000 hr recovery of strain was essentially complete 
and the deformations remaining were permanent deformations. 

A comparison of the recovery creep curves and the original 
creep-time curves shown plotted in Figs. 12 and 13 as the theo- 
retical curves shows the following: 

1 The amount of creep deformation recovered during any 
length of time corresponds roughly to the amount of transient 
creep deformation developed under load for the same time interval. 
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2 The maximum creep deformation recovered also corre- _ 
sponds roughly to the maximum transient creep strain or intercept 
strain. 

In other words, the intercept strain—designated by DS™ in 
Equation |[4]—is recoverable, whereas the steady rate or time- _ 
dependent creep strain—represented by BS* in Equation [4]—is 
nonrecoverable. The separation of the resultant creep deforma- 
tion into two parts as defined by Equation [4] appears, therefore, — 
to have a physical basis and gives support to the method of inter- 


pretation adopted in this — 
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An approximate ensigeia is presented for the prediction 


By R. M. DRAKE, 


spheres to air in the transition-flow region, that region 
wherein the mean free molecular path is small but not 
negligible when compared with the sphere diameter. The 

_ analysis is made on the basis of a simplified flow field and 

_ the utilization of the continuum formulation of the 
energy equation with the rarefaction effects being ac- 
counted for entirely in the boundary conditions. The 
results of the analysis are compared with experimental 
heat-transfer data from spheres to air in the transition- 
flow region, with heat-transfer data from spheres to air 
in the continuum-flow region, and with the calculated 
results of heat transfer from spheres in the free mole- 
cule-flow region. Experimental free-stream recovery 
factors are presented for spheres. Significant flow 
parameters and flow-region limits for the transition 
region are discussed. 


NOMENCLATURE 
The following nomenclature is used in the paper: 
A = surface area of sphere, sq ft 
= speed of sound, fps 
= specific heat, Btu/lb deg F 
= sphere diameter, ft 7 
= velocity slip coefficient, idee 
= geometrical shape factor for radiant transfer, di- 
mensionless 
average over-all convection coefficient, Btu/hr 
sq ft deg F 
average over-all radiation coefficient, Btu/hr sq ft 
deg F 
thermal conductivity, Btu/hr ft deg F 
Mach number, dimensionless, (U /a) 
parameter as defined in text 
Nusselt number, (hD/k), dimensionless 
impact pressure on probe, microns of Hg 
static pressure on cone probe surface, microns of 
Hg 
static pressure in free stream, microns of Hg 
Prandt! number ( dimensionless 
q, = heat rate by radiant transfer, Btu/hr sq ft 
Re = Reynolds number, dimensionless (UD/v) 
¢ = temperature of sphere measured at center, deg F 
t, = equilibrium temperatures of sphere due to convec- 
tion, deg F 
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Supersonic Flow 
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heed 


equilibrium temperature of sphere due to convee- 

tion, radiation, and conduction, deg F 
tunnel-wall temperature, deg F 
initial temperature of sphere, deg F 
velocity of free stream, fps 
velocity components in 
volume of sphere, cu ft 
weight density of sphere, lb/cu ft 
thermal accommodation coefficient, di:aensionless 
ratio of specific heats, dimensionless 
thermal emissivity of a surface, dimensionless 
molecular mean free path, ft 
absolute viscosity, lb/ft sec 
kinematic viscosity, sqft/sec 
= Stefan-Boltzmannconstant = 
= mass density, |b sec*/ft* 

Tr = time, br 

Subscripts: 
= conditions before shock 
2 = conditions behind shock 
e = equilibrium temperatures 
when written instead of means absolute temperature, 
avg = an integrated average 


INTRODUCTION 


RES 


In the usual presentation of analyses on the convective transfer 
of heat, the transferring media are considered as continua. This 
is permissible as long as the mean free molecular path is small when 
compared with significant body dimensions. Even in gases at 
normal pressures and temperatures where the distances between 
molecules are much larger than in solids and liquids, the mean 
free molecular path is very small when compared with those 
dimensions which are of immediate concern in heat-transfer 
calculations. Therefore the condition of a small mean free-path 
length to significant body-dimension ratio is substantially fulfilled. 

If the gas is sufficiently rarefied, however, a continuum treat- 
ment fails because the mean distance between molecular en- 
counters becomes comparable with significant body dimensions, 
and the effect of the coarseness of the molecular structure on the 
flow and heat transfer must be considered. The nature of these 
rarefaction effects with regard to aerodynamic behavior has been 
examined by Tsien (1),’ and with regard to heat transfer by 
Drake and Kane (2, 3). 

It can be shown that the mean free molecular path A, may be 
related to the convenient flow parameters by the following equa- 
tion 

d= 1.255 (") = 1.255. {1) 
a Re 

On the basis of Equation [1] three flow regions have been 
tentatively proposed by Tsien (1); (a) the continuum-flow region, 
/Re/M > 100; (6) the free molecule-flow region, M/Re > 10; 
and in between, (c), the region wherein the mean free molecular 


* Numbers in parentheses refer to the Bibliography at the end of 
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path is small but not negligible when compared with a significant 
body dimension—the transition region. These flow regions are 


shown graphically in Fig. 1. 
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It is the purpose of this investigation to consider the nature of 
convective heat transfer in this transition-flow region. Silver 
spheres were chosen as the bodies to be investigated because the 
geometry and thermal characteristics were well suited to the ex- 
perimental program. 

Heat Transfer From Spheres. The subject of heat transfer from 
spheres to a moving gas stream (or the converse) has been the ob- 
jective of several experimental investigations, the range of varia- 
bles of which are shown in Fig. 2. These available results, while 
extending over a large range of Reynolds number (19 < Re < 
8 & 10°) were made under conditions of low Mach number, at 
or very near atmospheric pressure, thus probably under continuum 
conditions. There are no experimental data in so far as is 
known for heat transfer from spheres in supersonic flows or at 
low ambient densities. 

The theory for the heat transfer from spheres is incomplete. 
While laminar boundary-layer theory probably will yield an ex- 
pression for the heat transfer from the forward stagnation point 
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to the point of laminar separation for continuum flow, the genera! 
case, including the region after separation, has no solution as yet. 
Heat transfer from spheres in the free molecule-flow region has 
been calculated by Sauer (4) on the basis of the kinetic theory of 
gases. In the transition region, however, the problem is much 
more difficult and no satisfactory analyses have as yet been made 
A brief outline of the outstanding efforts to effect a satisfactory 
analysis in the transition region has been given in (3). 

It is the specific purpose of this paper to present experimental! 
data and approximate analyses for the heat transfer from spheres 
to a rarefied gas in the transition-flow region for a range of varia- 
bles 16 < Re, < 980 and 2.24 < M, < 3.56. 


ANALYSIS 


In the flow region where the mean free molecular path is smal! 
but not negligible—the transition-flow region—a direct solution 
of the momentum and energy equations seems for the moment to 


present insurmountable difficulties. For this reason another 


approach to the problem has been utilized (3, 13). This ap- 
proach consists essentially of using the continuum formulations — 
of the momentum and energy equations for the problem, rele- 
gating the slip phenomena to the boundary conditions. In slip 
flows, two effects have been observed: (a) The flow does not have 
zero velocity at the wall but “‘slips’’ over the surface with a finite 
velocity. (b) A temperature discontinuity or temperature jump 
exists between the gas and the wall, i.e., the gas in contact with 
the wall does not have the temperature of the wall. These effects 
can be expressed as (14) 


(FER) 


where f is the velocity slip coefficient and @ is the thermal ac- 

commodation coefficient. 
Thus the velocity slip and temperature jump can be expressed — 
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tively, at the surface. It is possible to use these characteristic 
effects as boundary conditions for the differential equations for 
continuum fiows and thus in a manner to account for the rare- 
faction effects. 

Consider a sphere of radius r, in a uniform flow field of velocity 
U, losing heat to the stream, Fig. 3. The energy equation in 


spherical co-ordinates (neglecting the terms concerning compressi- 


_ bility and dissipation of mechanical energy) is 

- 

User Us or) a 27) 
rsin r? Or or 


r 
1 oT 1 
r? sin 6 00 (sin =) r? sin? (4) 


As an approximation to the velocity (or velocity-slip) condi- 


U,=U, =0; Ue=U 


« 


oT 


on 7° 


the remaining terms of the energy equation are 


£2 
rar \" or 
rn 
7¥+1 a or 


T = T, = 0; 


@ 


by means of the Laplace transform to yield for the specification 
of an average over-all heat-transfer coefficient 


=) 2 
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where a, = V2 RePr) and 


+1 V2 
For small M/*1/ RePr, Equation [6] reduces to an expression 


9, 2 + BY a8 


2—ea 
Na, = 


{7} 


which is the solution of Equation [5] when solved for the con- 
tinuum boundary conditions 

Tre, T, 
T= 7, = 0; 


er 
@ 


Comparison of Equation [6] with Equation [7] shows that as 

the gas is o: ‘fied the Nusselt number becomes depende nt upon 

not only ¥ /RePr but also upon the additional parameter V ‘RePr/ 
M so that the following functional relationships hold 


Continuum flow: Nuys, ~ f ( V RePr) 


‘RePr) 
Slip flow: Nuave ~ ( 


Equation [6] is shown graphically in Fig. 2 with the Mach 
number as a parameter. The curve shown for M = 0 is of course 
the graphical representation of Equation [7], this being but a spe- 
cific case of Equation [6]. It can be seen from Fig. 2 that the 
solution given by Equation [6] for low Reynolds numbers tends 
to the limit 2 for the Nusselt number. This is clearly the case of 
zero onflow velocity and the resulting case of heat transfer from 
the sphere to an infinite body of gas by pure radial conduction. 
In the physical case, however, the gas may no longer be a contin- 
uum if the Reynolds-number variation is obtained by a reduction 
in density rather than a reduction in velocity. In this case the 
methods of the kinetic theory of gases may be used for the analy- 
sis; therefore predictions for the heat transfer from spheres in 
free molecule flows have been shown in superposition with the re- 
sults of Equation [6] in Fig. 2. Strictly speaking, the validity of 
the calculations made on the basis of the kinetic theory of gases 
holds only in the free molecule-flow region, the tentative upper 
limit of which is shown by the line M/Re = 10 in Fig. 2. The 
curves have been extended, however, to intersect the slip-flow 
solutions of Equation [6]. Further, the solutions of Equation 
[6] to the left of these intersections have been shown as dashed 
lines since it is believed that these results are not to be realized 
physically under the conditions investigated. 


EXPERIMENTAL EQUIPMENT AND PROCEDURE 


Wind Tunnel. The required low-density, supersonic air 
stream was provided by the No. 3 wind tunnel located at the 
University of California. The constructional features and gen- 
eral operating characteristics of the tunnel are contained in refer- 
ence (5). 

Two axisymmetric nozzles were employed in the investiga- 
tion—No. 4 and No. 3~-giving ranges of Mach numbers 2.24 to 
2.75, and 2.78 to 3.56, and a static-pressure range from 36 to 123 
microns Hg, and 38 to 115 microns Hg, respectively. The calcu- 
lated free stream-state temperatures in the working section (151 
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to 273 deg R) correspond to those obtained by an isentropic ex- 
pansion of the air from reservoir conditions at approximately 
room temperature (523 to 546 deg R) to the indicated Mach num- 
ber at the test sextion, 

The two nozzles used (No. 4 and No. 3) have diameters at the 
exit plane of 5.5 in. and 5.25 in., respectively. The design of 
nozzle No. 4 is described in reference (6) and that of No. 3 is de- 
scribed in reference (5). 

The flow characteristics at the test section were determined by 
traversing the section with two probes, Fig. 4, and measuring the 
pressures associated with each probe. The interpretation of the 
probe pressure readings to result in a determination of the Mach 
and Reynolds numbers in the test section has been described in 
references (7) and (8). The approximate flow-parameter magni- 
tudes characteristic of each nozzle are shown in Table 1. 


TABLE! PERFORMANCE OF NOZZLES IN NO. 3 WIND TUNNEI 


pe (Microns Hg) Re; (per in.) 


= 


0.040 DIA. ~ 4 HOLES 
EQUALLY SPACED 


10° CONE 


SOURCE SHAPED 
\ PROFILE 


PROBE NO. |4 


Fie. Propes ror DeTeRMINATION OF 
CHARACTERISTICS 


0.060 DIA 
HOLE 


A traversing mechanism within the test chamber of the No. 3 
wind tunnel provided means for mounting and moving models or 
probes. Remote operation of this mechanism was accomplished 
by electric motors connected to each direction of motion, com- 
bined with a selysn system connected to standard 5-place counters 
for indicating position. Three spheres and the two probes could 
be mounted at the same time upon the traversing rack, and any 
one object could be moved into the flow field as required without 
alteration of the flow. Part of this installation can be seen in 
Fig. 5 

Experimental Method. The over-all average heat-transfer 
coefficients were determined by the transient technique described 
by London, et al. (9), wherein the rate of change of the thermal 
capacity of a small body of sensibly uniform internal temperature 
distribution is equated to the heat loss by convection to give the 
expression 


hes 


INSTALLATION OF SPHERES AND Propes tn No. 3 


In the consideration of continuum-flow conditions; involving 
small temperature differences, the transfer of heat by radiation is 
only a very small percentage of the total heat transfer when com- 
pared with the transfer of heat by convection, and in this sense 
the radiation effects are usually neglected. In the present work, 
however, preliminary calculations (2, 13) indicated that the heat 
transfer by radiation would be of the same order of magnitude 
as the heat transfer by convection. Therefore it was necessary 
to modify the heat balance on the sphere to account for the radia- 
tion and to select materials for the construction of the spheres _ 
which had low emissivities (as well as high thermal conductivities) 
to minimize the radiation exchange. 

Since the temperature difference for the radiation exchange was 
not the same as the temperature difference for convection, the 
following heat balance was written (neglecting for the moment _ 
heat conduction along the sphere-mounting sting) ~ 


dt 
dr 


a 
with the boundary conditions 


r=0 


= t,'; 


where ¢, is the initial sphere temperature and (,’ is the equilibrium 
temperature for the combined effects of radiation and convec- 
tion. Integrating Equation [9] for h, and h, not functions of the | 
temperature, the following expression is obtained 


SOF THE ASME = 1952 
“49 
any 0.300 DIA 
Sega 
(den 


DRAKE, BACKER 


he +h, 


equilibrium temperature due to convection heat transfer 
alone is given from Equation [11] as 


r 


t, = t,’ 


It was necessary to determine the heat-transfer coefficient for 


radiation independently. This was accomplished by making 


duced to the order of 0.1 microns of mercury so that all convec- 
tion was eliminated. The heat balance for this case is 
dt 
oV 
dr 


Making use of the temperature-time histories on a semi- 

. logarithmic plot as suggested by Equation [10], the sum of the 
- heat-transfer coefficients (h, + h,) is obtained. Utilizing the 
temperature-time history in the radiation run as indicated by 


Equation [14], the value of h, can be found. The temperature 


t,’ and é, are measured directly, ¢, by means of a thermocouple in 
the tunne! walls, and ¢,’ the equilibrium temperature attained by 
the sphere at a very long time. The heat-transfer coefficient for 
convection h,, and the equilibrium temperature for convection 
alone ¢t,, can be calculated immediately from the results of the two 
experimental runs just described and Equation {12}. 
The foregoing discussion presupposes that the heat-transfer 
_ coefficients h, and h, are not functions of the temperature. In so 
far as h, is concerned this is a reasonably sound assumption; but 
for h, there needs to be further consideration, because this co- 
efficient, in general, is a function of the temperature; h, is written 


Sea 
= €0 F;- = ¢oF,-2f(T, T,) 


h, = — 15 

However, when the difference (7' — 7',) is small, the expression 

rig q for the coefficient h, becomes, for small error (10 per cent for T = 


h, \-24 Tavs* 


where 2 Tavg = 7 + T,. Since the range of absolute tempera- 
tures 7 and 7’,, during the experimental runs, was only 570 to 530 
F, maximum T to minimum 7’,, respectively, the convection co- 
efficient for radiation was expected to show little variation during 
the runs. This expectation was substantiated by the absence of 
curvature on the semilog temperature-time traces for the radia- 
tion runs. 
Spheres. The spheres were made of silver and mounted on 
hollow-drawn-glass stings as shown in Fig. 6. B & S No. 40 iron 
and constantan wires were made into thermocouples and soft- 
_ soldered into the centers of the spheres and were then led out 
through the glass stings to lead wires on the sting support which 
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went to recording potentiometers. The spheres were attached to 
the stings with polymerized shellac. The sphere surfaces were 
highly polished to provide a low thermal emissivity in accord- 
ance with the desire to minimize the radiation heat exchange. 
The use of silver as a model material meets two requirements 
excellently. It has one of the highest known thermal conductivi- 
ties (insuring a uniform temperature distribution in the sphere) 
and one of the lowest thermal emissivities (insuring low radiation 
exchanges). The hollow-drawn-glass stings were selected and 
used so as to minimize conduction losses from the spheres into or 


= 
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0.50 0.055 


Experimental Procedure. Eaeh sphere was thermally charged 
to an initial temperature of 100 to 120 F by means of a radiation 
furnace made from a 100-watt lamp, enclosed by several radia- 
tion shields. This furnace can be seen in Fig. 5. Because of the 
extremely small rates of heat transfer from the sphere to the sur- 
roundings at the low ambient pressures, the radiant energy sup- 
plied by the lamp was quite sufficient to give the sphere a tem- 
perature rise of 20 to 40 F in 7 to 10 min. Each sphere was 
then removed from the furnace and positioned in the air stream 
at the center of the nozzle exit, andthe time-temperature history 
was recorded by means of a recording potentiometer. 

Instrumentation. The sphere temperatures were recorded on 
one of the two Brown “Electronik” recording potentiometers: 

(A) 2-millivolt (mv) range (—40 to 100 F), least count 0.01 
mv or 0.34 F for iron-constantan thermocouples. 

(B) 4mv range (32 to 365 F) least count 0.016 mv or 0.5 F 
for iron-constantan thermocouples. 

These recorders have power-driven charts enabling the deter- 
mination of the temperature-time histories of the cooling spheres. 

The remainder of the tunnel instrumentation is described in 
(5, 7, 8). 


Repvuction or Data 


The Mach number and the static pressure p, of the free stream 
in the test section were determined from the traverses made by 
probes No. 14and 15. For probe No. 15, it was assumed that the 
analysis derived on the basis of a compressible, nonviscous gas 
was applicable (10). The reference gives in tabulated form the 
relationship between the cone half angle (5 deg in case of probe 
No. 15), the undisturbed stream static pressure p,, the undis- 
turbed stream Mach number M;,, and the measured pressure at 
the surface of the cone By a similar compressible, nonviscous- 
flow analysis, the impact pressure p,, obtained with probe No. 14, 


a 
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is related to the free-stream static pressure p, and the Mach num- 
ber M,, by the Rayleigh formula (11) 


With these assumptions, the two unknowns M, and p, were ob- 
tained from the measured values of p: and p,. 

The temperature-time histories of the cooling spheres were ob- 
tained, and from these data the heat-transfer coefficients A. and 
the equilibrium temperature (, were computed as described in 
this paper 

The heat-transfer coefficients were put into the dimensionless 
form of the Nusselt number (h./k) wherein the thermal con- 
ductivity k was evaluated at the equilibrium temperature (, 

The Reynolds number, corresponding to the conditions of the 
was computed. 


experiments, The absolute viscosity u was de- 


termined from Sutherland's [14] 
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Me = 10 & 10°* Ib/ft-sec at 400 R (12) 


The state temperature of the air in the test section was caleu- 
lated assuming isentropic flow in the core of the tunnel nozzle, and 
the characteristics of a perfect gas for the air. The relationship 
is then 


The numerator of the Reynolds number, Up), can be expressed 
in terms of M, and p, by using the perfect-gas law relationship 
and the definition for M, to give 


Equation (20) when reduced for air becomes 
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from which expression the free-stream Reynolds numbers were — 
calculated (see Table 1). 

In addition to the free-stream Mach and Reynolds numbers, 
it was desirable to consider the effects of the shock wave before 
the sphere to obtain the Mach and Reynolds numbers behind the 
shock. In order to caleulate this shock effect, the observed 
curved, detached shock, Fig. 7, was replaced by a detached nor- 
mal shock. The Mach number M:, and the Reynolds number 
Re, behind the normal shock were calculated from Equations 
(22), [23], (24) (11) as well as Equation [18 


Re; 


Sources or Error 


Flow System. The probable errors in the determination of — 
the Mach, Reynolds, and static-pressure determinations have _ 
been estimated, and the summary of the maximum estimated - 


error in the final results are as follows: 


Maximum error 
4 per cent 
*3 per cent 
per cent 


The maximum figures apply to the points of smallest Reynolds 
number, the per cent error decreasing as Reynolds number in- 
creases 

Thermal System. The probable errors in the determination of | 
the heat-transfer coefficients h,, can be broken down into the 
three modes of heat transfer —conduction, radiation, and convec- 
tion. Of these, the radiation and conduction effects were meas- 
ured as one, experimentally, notwithstanding the positive effort 
made to make these effects negligible. The error that might exist 
is that which comes about from experimental accuracy and not 
from outright neglect of the effect. The existing errors are then 
determined from the least count of the recording potentiometers. 
The largest least count, 0.5 F, is that of the B-instrument 
which, when associated with the smallest temperature difference 
measured and used in the computations, 10 F, gives a possible - 
error of 5 per cent. Since the radiation-conduction correction in — 
the worst case amounts to one third of the total heat-transfer 
coefficient (h, + h,) as measured, the maximum error in the cal- 
culation for h, may possibly be 7 to 8 per cent. The error out- 
standing in the calculation of A, will be transmitted directly to — 
the Nusselt number with the possibility of further error in the — 
thermal conductivity which is not especially well known for gases. 

The actual conduction losses out of the sting are believed to be 
minute; but, whatever the magnitude, these losses are measured, 
together with the radiation transfer as mentioned previously, and 
thus are accounted for. 


EXPeRIMENTAL RESULTS 


Che experimental results are shown in Figs. 2, 8, 9, 10, 11, and 

As is shown in Fig. 2, the representation of the experimental 

data by the approximate analyses over a wide range of Reynolds 

numbers is quite satisfactory if consideration is given to the basic 
assumption of the flow field made in the analysis. The results of. 
other investigators (all in the continuum region) are represented — 
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within 30 per cent by the continuum analysis with the exception 
of one low group of points. 

The presentation of the slip-flow results on the same plot offers 
some difficulty. The analytical results shown in Fig. 2 contain 
the Mach number simply as a rarefaction parameter and in no 
way are the flow-field characteristics of supersonic flow con- 
sidered, i.e., no acknowledgment of the existence of a shock 
wave. For the spheres, however, there was observed a detached, 
curved shock wave since all the experimental data were taken 
under supersonic as well as low Reynolds number conditions, 
Fig. 7. For consideration of the shock wave, the observed curved 
detached shock wave was replaced with a normal detached shock 
wave, and the heat-transfer coefficient was made a function of the 
Mach and Reynolds numbers after the norma! shock wave for 
representation in Fig. 2. This approach allows the comparison 
of the experimental! data but somewhat overemphasizes the shock- 
wave effect on the flow characteristics in the immediate vicinity 
of the sphere. On this basis the experimental data are lower than 
predicted by the analysis, but show clearly the expected trend 
from continuum analysis to free molecule-flow analysis. The 
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dashed lines drawn through the experimental data show the aver- 
age free-stream Mach number for each nozzle. The Mach-number 
effect is evident. 

Equation [6] suggests that the Nusselt number, as obtained by 
experiment, could be correlated on a single plot if plotted against 
M//Re (or the inverse), since the Prandt] number makes only a 
slight correction in the temperature range considered. Such cor- 
relations are shown in Figs. 8 and 9 by plotting the Nusselt num- 
ber against \/Re,/M, and \/Re,/Ms, respectively, the conditions 
before and after the normal shock. It can be seen that the repre- 
sentation is reasonably good. 
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Fig. 10 shows the Stanton number plotted against the parame- 
ter \/Re,/M, for conditions behind a normal shock in relation 
to the prediction for the Stanton number for free molecule-flow 
theory (4). 

Of considerable interest are the curves in Figs. 11 and 12 show- 
ing the free-stream recovery factors as a function of /Re,/Mh, 
and as a function of the location of the sphere center line in the 
flow stream, respectively. Fig. 11 indicates that the recovery 
factors at values of 1/ Re,/M, > 5 are sensibly constant at a value 
of 0.9. At /Re,/M, < 5, however, and as \/Re,/M, — 0 the 
values of the recovery factor increase rather sharply to values 
greater than unity, indicating that the equilibrium temperature 
attained by a sphere in a stream of gas at a high Mach number is 
greater than the reservoir temperature (total temperature) of 
the flow. This effect would be possible in the event the flow was 
nonadiabatic and the sphere was receiving energy from the gas 
stream somehow, but that this is not true is seen in Fig. 12 where 
the trend of equilibrium temperatures is shown over the working 
section of the nozzle for a constant-flow setting as a function of 
the Reynolds number (i.e., sphere diameter). If the effect just 
described were a result of nonadiabatic flow, there should be no 
Reynolds-number effect, since the spheres, regardless of size, 
would come to the same equilibrium temperature in the flow. As 
can be seen from Fig. 12, however, there is a definite Reynolds- 
number effect such that the smaller the Reynolds number (i.e., 
smaller sphere diameter), the greater is the recovery factor. The 
effect must be characteristic of the transition region. Calcula- 
tions made for heat transfer from spheres in free-molecule flow 
(4) predict similar behavior at high Mach numbers, Fig. 11. 

The dimensions of the very thick boundary layers associated 
with the flow of rarefied gases may-be seen also in Fig. 12. The 
rise of the recovery factor in the boundary layer above unity has 
been noticed before (15), and can be explained by an energy bal- 
ance on the flow tube. The effect is magnified here, however, for 
the reasons discussed in the foregoing. 

Flow-Region Limits. Some interesting observations can be 
made from the results shown in Figs. 2 and 11 regarding the 
limits to be considered in defining the flow regions. The limits 
shown in Fig. 1, for instance, were tentatively established by 
Tsien (1) for purposes of analysis. It can be seen from Figs. 2 and 
11 that the continuum region may exist for ¥/Re:/M: > 20 in- 
stead of for 1 Re,/M; > 100 as tentatively suggested by Tsien.‘ 
The selection of the limit V/ Re./M: & 20 was based upon the 
fact that at this value of \/Re,/M:, the recovery factor departs 
from the continuum value as shown in Fig. 11 and from the fact 
that the curve Vy Re,/M, = 20 approaches closely the continuum 
analysis shown in Fig. 2. The curve / Re:/M: & 20 is not shown 
on the figure since it may complicate the graph with too many 
lines. The flow-region boundaries denote in no way discontinu- 
ous effects, and the boundaries suggested here remain approxi- 
mate. 

Shock-Wave Effect. Fig. 7 shows the curved detached shock 
wave in relation to the '/;-in-diam sphere. Although the com- 
plete interrelationship is unknown, it is strongly suspected that the 
shock wave greatly affects the boundary layer by interaction, here 
especially where the boundary layers are quite thick. The shock 
wave probably becomes less important as the molecular mean 
free-path length increases to the lengths characteristic of free- 
molecule flow, 


CONCLUSIONS 
1 An approximate solution of the energy equation has been 


given which is applicable to the prediction of heat transfer from 


* For comparison of Fig. 2 with Fig. 11 it can be shown that VV Re: / 
M, > Re: 
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spheres under conditions of Mach and Reynolds numbers wherein 
the mean free molecular path is small but not negligible when 
compared with significant body dimensions. ‘The analysis was 
performed on the basis of a continuum formulation of the energy 
equation for the problem relegating the rarefaction effects to the 
boundary conditions. The results of this solution showed that 
the Nusselt number becomes dependent upon the dimensionless 
group \/RePr/M as well as \/RePr as rarefaction effects become 
significant. The relationship of these slip-flow solutions to the 
free molecule-flow solutions was shown graphically. 

2 Experimental data were presented for heat transfer from 
spheres in supersonic flow (2.28 < M, < 3.56) and at low cor- 
responding Reynolds numbers (16 < Re; < 980). The values 
represent a range of 1.5 < +/Re,/M, < 9 which is considered to 
be in the mid-slip-flow region. The dimensionless heat-transfer 
coefficient Nu, in this region was shown to be a function of the 
parameter +/Re,/M, (or ~/Re,/M:) over the total range investi- 
gated. The experimental data were correlated on this basis. 
The parameter ~/Re/M (or the inverse M//Re) is apparently 
a significant one in the transition region. 

3 The over-all recovery factors, when plotted against ~/Re,/ 
M,, were shown to exhibit marked increases to values above unity 
at values of +/Re,/M, < 5 whereas at +/Re,/M, > 5 the re- 
covery factors were shown to be practically constant at a value 
r = 0.90 + 3 percent. That this effect was not the result of a 
nonadiabatic gas flow was demonstrated by showing experi- 
mentally that the effect was inherent in the Reynolds-number 
variation for a given flow condition (i.e., Mach and static pres- 
sure constant); that at the lower Reynolds numbers (low +/Re/ 
M) the effect is present, while at higher Reynolds numbers (high 
V Re/M) the effect is absent. The conclusion is that this effect 
is one associated with the transition region. 

4 The lower limit to the continuum-fiow region has been esti- 
mated to be somewhat lower than the limit proposed by Tsien. 
Continuum characteristics seem to exist for \/ Re:/Mz > 20 rather 
than the previously supposed 1/Re./M,; > 100. The flow- 
region boundaries denote in no way discontinuous effects, and the 
boundaries suggested here remain approximate. 
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Discussion 


W. Dasxrn.* The writer requests that the authors give their 
estimate of the magnitude of the error introduced by the as- 
sumption of complete slip flow at the boundary of the sphere, 
and also how much this error affects the final results. 


CLosurRE 


It is impossible at this time to estimate the error carried into 
the final results by the assumption of complete slip flow at the 
sphere boundary, since to make this estimate there is needed 
either an exact solution considering arbitrary slip conditions or 
very definitive experimental data. Neither are presently availa- 
ble. However, the complete slip specification should be most 
serious in the continuum case, Mach = 0, and, as is shown in 
Fig. 2, the variance between the theory and experiment is about 
20 per cent. Of course part of this error probably should be at- 
tributed to the additional assumption of Us = U in the flow field 
about the sphere, which assumption is obviously contrary to 
fact. 


* Instructor in Mechanical Engineering, The Johns Hopkins Uni- 
versity, Baltimore, Md. Jun. ASME. 
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“An Ex of rective 
Heat Transfer to Air From a Flat Plate 
With a Stepwise Discontinuous 


Surface Temperature 


By STEVE SCESA® anp F. M. 


The objective of the investigation described in this 
paper was to obtain turbulent forced convective heat- 
transfer data for air flowing parallel to a flat plate with a 
_ stepwise discontinuous surface temperature. Heat was 

supplied by fifteen transverse nichrome ribbons on the up- 
_ per and lower surfaces of a bakelite plate. The electrical 
input to each ribbon was controlled separately so that the 
surface-temperature distribution could be maintained 
constant or stepwise. Local heat-transfer coefficients 
were obtained from the measured ribbon temperature and 
the electrical heat input to each ribbon. The experi- 
mental results were correlated with the Colburn equation 
within +6 per cent for a range of local Reynolds modulus 
from 60,000 to 800,000 by use of the starting-length cor- 
rection of Rubesin (1).‘. The starting length is defined as 
the position where the step occurs in the surface tempera- 
ture. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A = area of ribbon surface, sq ft 
* = local starting-length correction factor 
= local convective heat-transfer coefficient, Btu /hr sq ft 
deg F 
average heat-transfer coefficient, 
electrical current, amperes 
thermal conductivity, Btu /hr sq ft deg F/ft 
plate length, ft 
local Nusselt modulus 
average Nusselt modulus 
radiant heat loss, Btu/hr sq ft 
conducted heat loss, Btu ‘hr sq ft 
nichrome ribbon resistance, ohms 
local Reynolds modulus 
Reynolds modulus for plate 
position of temperature discontinuity from leading 
edge of plate, ft 


Btu/hr sq ft deg F 


Re, 
Re, 


' The experimental results presented in this paper are based on a 
thesis submitted by S. Scesa to the University of California in partial 
satisfaction of the requirements for the MS degree. 

* Institute of Engineering Research, University of California. 

* Formerly, Assistant Professor of Mechanical Engineering, Uni- 
versity of California; at present, California Forest and Range Ex- 
periment Station, Forest Fire Research Division. Jun. ASME. 

* Numbers in parentheses refer to the Bibliography at the end of the 
paper. 

Contributed by the Heat Transfer Division and presented at the 
Annual Meeting, Atlantic City, N. J., November 25-30, 1951, of Tue 
American Socrety oF Mechanical ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, February 
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main-stream temperature, deg F 


temperature at plate surface, deg F 

temperature difference between plate surface and 
main stream, deg F hi Shas 

main stream velocity, fps 

distance along plate from leading edge, ft iat 

kinematic viscosity of fluid, sqft persee 

Prandtl modulus 


INTRODUCTION 


Investigations of turbulent heat transfer to an air stream in 
parallel flow over a flat plate have been made previously by 
Juerges (2), Elias (3), and Slegel and Hawkins (4) for an isothermal 
plate. These investigators neglected the effect on the heat trans- 
fer due to the starting length which occurred in their experiments. 
Drake (5) has made local measurements under the conditions of 
constant heat rate with a negligible starting length. Jakob and 
Dow (6) investigated the average turbulent heat transfer over a 
cylindrical probe in parallel flow with the objective of determining 
an empirical starting-length correction. Rubesin (1) has de- 
veloped analytically a starting-length correction for the local heat 
transfer from a flat plate having a stepwise discontinuous surface 
temperature for the cases of laminar and turbulent flow. 

Considering that data are meager on local turbulent heat- 
transfer measurements for parallel flow over an isothermal flat 
plate under conditions of known starting length, this investiga- 
tion was undertaken to obtain additional local measurements, and 
further, to provide an experimental check on the analysis of 
Rubesin. 


EQUIPMENT AND INSTRUMENTATION 


The flat plate was constructed of laminated canvas-base bake- 
lite, 17-in. wide and 20'/j in. long, which included sharp-edged 
brass nose and tail pieces each 2 in. long, required for structural 
rigidity. Two pieces of bakelite '/, in. thick were bolted together 
to form the flat plate. Fifteen nichrome ribbons 1 in. wide, 12 in. 
long, and 0.002 in. thick were bonded by the “cycle” weld proe- 
ess transversely on each of the plate surfaces, Figs. 1 and 2, 
The ribbons, partially pressed into the bakelite surface, produced 
spaces between the ribbons of the order of 0.001 in. in depth which 
were filled with wax to present a smooth surface. Care also was 
taken to smooth over the joint between the brass nose and tail 
pieces with wax. Iron-constantan thermocouples spot-welded to 
the bottom surface of each nichrome ribbon provided for the 
measurement of the temperature at the center of the ribbon. To 
minimize the heat conduction out along the thermocouples the 30- 
gage iron-constantan thermocouples were rolled out at the june- 
tion to a thickness of 0.002 in. with subsequent spot-welding to the 
ribbon. Sixteen surface static pressure taps constructed from 
Monel tubing, 0.025 in. ID and 0.10 in. OD, were placed between 
the ribbons on the upper surface. 
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The resistance of the nichrome ribbon at room temperature, as 
measured in place on the plate, was 0.262 + 0.001 ohm per ft of 
ribbon. Previous measurement showed that the ribbon thickness 
was held to a sufficient tolerance so that this value would be 
taken as an average for any section of ribbon. No resistivity 
temperature correction was made due to the low coefficient for 
nichrome and the relatively 
used. 


small temperature differences 

The heating current was measured with a General Electric 
Company magnetic-vane-type a-c ammeter correct to within 0.2 
per cent of full-scale value within a frequency range of 0-133 eps. 
Current readings were taken by the ammeter inserted in a make- 
before-break jack. The resistance of the ammeter and ammeter 
leads was adjusted to equal the resistance of the make-before- 
break jack thus insuring a constant current in the circuit in which 
the ammeter was placed. 

Temperatures were obtained with a Leeds and Northrup Model 
8062 precision potentiometer using the Leeds and Northrup cali- 
bration for the iron-constantan thermocouple wire. 

Alternating-current power at 60 cycles was supplied across the 
40 ribbon circuits in parallel. The voltage across this circuit 
could be controlled in the range from zero to 115 volts by means 
of a main-line Transtat. The voltage across each individual 
ribbon was controlled by separate Ohmite rheostats. 


EXPERIMENTAL PRrocepURE 


The experimental measurements were carried out in the 3-ft 
Cioettingen type wind tunnel of the University of California at 
Berkeley, To obtain thermal equilibrium the preliminary adjust- 
ments required approximately 4 hr. In order to avoid the adverse 
effects of solar radiation on the tunnel free-stream temperature 
all experimental work was performed at night. 

The required main-stream velocity was set using a Prandtl-type 
Pitot tube and a Prandtl manometer. The plate was then ad- 
justed transversely to the stream at zero angle of attack by ob- 
taining a zero pressure differential across the first and last pressure 
taps. Current was supplied to the ribbons by adjusting the main- 
line Transtat so as to apply a small voltage across the circuit. 
Continuous adjustments of the individual ribbon rheostats and 
voltage across the circuit were then made with the objective of 
obtaining the desired surface-temperature distribution. The 
ribbon temperatures on the lower surface were maintained equal 
to the corresponding ribbon on the upper surface. Equilibrium 
was assumed when the potentiometer readings remained constant 


within +0.005 millivolt while the rheostat vettiags were no 


longer adjusted and the Prandt! manometer reading remained as — 


originally recorded. Three sets of readings were taken of the 
potentiometer, current, and Prandtl manometer at intervals of 
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'/, hr to further insure no change in the equilibrium of the sys- 
tem. 

Ribbon temperatures were measured as a temperature dif- 
ference from a single radiation-shielded thermocouple placed up- 
stream from the plate. This thermocouple also served as a meas- 
ure of free-stream temperature. 

Fourteen runs were made utilizing five different starting lengths, 
The ratio of starting length to total plate length varied from 0.104 
(the lowest value obtainable due to the brass nosepiece) to 0.528 
The Reynolds modulus based on total plate length was varied 
from 330,000 to 939,000. 

Runs 1 through 9 were made with no heating of the starting 
length. Oue to forward heat leak the temperature discontinuity 
was not stepwise. In order to provide a more stepwise discon- 
tinuity the forward ribbons were heated slightly to keep the sur- 
face temperature ahead of the step constant during the later runs. 
This procedure also allowed the calculation of the heat leak and 
the corresponding corrections to the convective heat loss of 
ribbons adjacent to the step. | Typical surface-temperatvre dis- 
tributions for these two cases are shown in Fig. 3. 


@ RUN 6 (TYPICAL OF RUNS 1-9) 
© RUN 1) (TYPICAL OF RUNS 10-14) 
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(Runs | to 9, no heating forward of temperature discontinuity. Runs 10 
to 14, slight heating forward of main temperature discontinuity.) 
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ANALysis OF Heat Losses 


The local heat-transfer coefficient was calculated from the 
power loss for each ribbon in the manner of Drake (5) 
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The magnitude of the radiation and the conduction losses were 
investigated for the conditions of the experiment which introduced 


= qeond + Graa + A(t, 
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a maximum error. The value of the long-wave-length emissivity 
for the nichrome ribbon as measured by the Thermal Radiation 

_ Laboratory of the University of California was 0.1. Calculation 
showed that the radiation heat rates were negligible when com- 
pared with the convective heat rates. Conduction through the 
plate was considered negligible, as the same temperature distribu- 
tion existed on both sides of the plate. 

The effect of transverse conduction was considered negligible 
in view of the experimental investigation of the temperature dis- 
tibution along the ribbon as obtained by Ancker (7) which indi- 
eated a uniform temperature of the region on both sides of the 
center portion of the ribbon. 

The longitudinal conduction was important only near the bras- 
nose and tail pieces and adjacent to the temperature discon- 
tinuity. The heat leakage forward and rearward into the un- 
heated nose and tail pieces resulted in high values of the measured 
Nusselt modulus for the foremost and rearmost ribbons. The six 
high points shown in Fig. 5 are typical of this effect. For this 
reason these data were ignored in later plots. 

The forward heat leak at the temperature discontinuity was 
accounted for in the following manner: The thermal shape factor 
for conduction from one ribbon to the next was found by the 
electric-analogy method. Using the measured temperature dif- 
ference across the discontinuity the forward heat leak was cal- 
culated. This value was subtracted from the heat input of the 
rearward ribbon and added to the heat input of the forward rib- 
bon. This correction amounted to approximately 5 per cent of 
the convective heat loss of the rearward ribbon and 30 per cent 
for the forward ribbon. 


ANALYSIS OF RESULTS 


The experimental results have been corrected for starting 
length by using the analytical results developed by Rubesin 


1 

Nu, = 0.0289 Re,*/*Pr'’* fi — (2) 
where the last term of the equation represents the correction 
factor F, due to starting length. The local Nusselt modulus 

_ divided by the correction factor was plotted versus the local 


Reynolds modulus, permitting correlation with the equation 
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applying for simultaneous generation of the hydrodynamic and 
thermal boundary iayers (no starting length) which was obtained 
from the Colburn analogy as 


Nu, = 0.0289 


The viscosity and thermal conductivity for air were evaluated 
at the arithmetic average of the free stream and plate tempera- 
tures, 

For runs 10 through 14 the method of superposition was ap- 
plied to obtain the proper correction factor. This procedure is 
possible because of the linearity of the energy equation. This 
was necessary because of the two discontinuities in the surface 
temperature, the first of which was caused by the 2-in. nosepiece. 
The correction factor for this case becomes 


At, + Ate — 


_ Ah | 
~ 
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Fig. 4 shows the experimental results uncorrected for starting 
length for runs 10, 11, and 12. The error of measurement in de- 
termining the current and temperature ahead of the discon- 
tinuity was not very satisfactory because of the small values of 
these quantities. Below the discontinuity the error of measure- 
ment was found to be a maximum of 6 per cent. Thus the points 
below the discontinuity show the proper trend of asymptotically 
approaching the curve of simultaneous generation of hydrody- 
namic and thermal boundary layers. 

Fig. 5 shows the same data corrected for starting length. A 
comparison of Figs. 4 and 5 shows the importance of this correc- 
tion. If Equation [3] were used to predict the heat rate for a flat 
plate with an unheated starting length the results would be of the 
order of 15 per cent too low for the case of Fig. 4. 

The data for all runs are shown in Fig. 6 corrected for star ting 
length. The data correlate with the Colburn equation within +6 
per cent with a maximum spread of +8 per cent. 

A comparison of the results of the increase in the average heat- 
transfer coefficient due to starting length as a function of the ratio 
of the starting length to the total plate length developed by the 
analysis to the empirical equation determined by the experiments 
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of Jakob and Dow (6) is presented in Fig 8. This experiment was 
performed by use of a cylindrical probe placed parallel to the 
flow. The experimental results of Jakob and Dow were correlated 


by the following equation 
a 
Nu, = 0.0280Re,‘* +0. 10 ( ; ) 


The average Nusseit modulus was obtained from Rubesin’s— 


analysis by integration resulting With 


(1 — 


Nu 
1—s/L 


0.0361 Re," Pr’? . (6) 
The last terms in Equations [5] and [6] represent the correction 
factors for the average heat transfer. 


As may be seen in Fig. 8, the average correction factor of Jakob 


and Dow compares favorably with Rubesin’s analysis although 
their results are lower. 

By mathematical investigation Jakob and Dow concluded that 
their experimental results should be 7.5 to 19.6 per cent higher 
than those of a plane surface because of the curvature of the 
probe. Inspection of Equations [5) and [6] shows the inverse of 


| 


this conclusion. Slack (8) and Little (9) have investigated the 
heat transfer over cylindrical probes similar to Jakob and Dow in 
the University of California 3-ft wind tunnel. Their results sub- 
stantiate those of Jakob and Dow. 

Jakob, in his discussion of the results of Slegel and Hawkins (4) 
reasons that the higher values of Nusselt modulus observed for 
the plate were du. mainly to secondary flow near the side edges of 
their plate which increased the heat transfer in that region. 


STARTING LENGTH CORRECTION FACTOR 
FOR AVERAGE NUSSELTS MOOULUS 
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(Curve R, from analysis of Rubesin, Equation [6]; curve J D, from em- 
pirical results of Jakob and Dow, Equation [5].) 


During the course of the present investigations string tufts were 
placed on the side plates used to secure two-dimensional flow over 
the heated plate. No large-scale secondary flows were detected 
by this method; however, small-scale secondary flows possibly 
may have existed at the inside corners. The plate of Slegel and 
Hawkins was constructed of high-conductivity material allowing 
the surface temperature to equalize over the width and length of 
the plate. For constant heat input (electrical heating) this would 
result in higher measured values of the heat-transfer coefficient. 
The plate used in the present investigation was constructed of 
low-conductivity material which would maintain any cross-plate 
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temperature gradient. Thus the foregoing effect did not influence 
the measured heat-transfer coefficient. 

Fig. 9 shows the leading edge of the plate viewed in the Uni- 
versity of California 8-in. interferometer. Even though the 
_ plate edge was sharpened (12' /,deg wedge angle ) the fringe pattern 
shows a disturbance of the flow occurring at the leading edge, 
causing the turbulent boundary layer to form immediately. This 


be removed by tilting the plate downward by several degrees. 
In experiments where a circular probe is used, the turbulent 
- boundary layer always must be preceded by a laminar boundary 
- layer on the nose section. This difference in boundary-layer 
growth is believed to represent one of the major sources of dis- 
 erepancy between heat-transfer data taken on a plate and that 
taken ona probe. 


SUMMARY 


Local values of the Nusselt modulus were measured for a flat 
plate in an air stream for a ratio of starting length to plate length 
from 0.104 to 0.528. Using the starting-length correction result- 

ing from Rubesin’s work, the experimental results were corre- 
lated with the Colburn equation within +6 per cent for a local 
Reynolds modulus rang* from 69,000 to 800,000. The starting- 


length correction of Jakob and Dow was shown to be slightly low 


‘ane 

% 


EXPERIMENTAL INVESTIGATION OF CONVECTIVE HEAT TRANSFER TO AL® 


1255 


as compared to the average correction obtained from integration 
of the Rubesin equation. 
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fundamental features of plates and columns are similar. 
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NOMENCLATURE 


The following nomenclature is used in the paper: 


lengths of sides of a rectangular plate, in. 
constants 


= flexural rigidity of a plate, lb in 


a(t), s(t), 82(t) 


! The investigation 
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eccentricity, in. 

modulus of elasticity, Ib in. ~? 

mid-point (or maximum) displacement of a 
plate, in. 

frequency of vibration, sec ~! 

gravitational acceleration 32.2 ft per (sec *) 

thickness of a plate, in. 

indexes (1, 2, 3, .. . ) or separation param- 
eters 

force in middle plane, per unit length Ib 
in.~! 

external force in middle 
length, lb in. ~! 

function of nondimensional time defined by 
Equation [76] 

functions of time introduced by Equations 

[6], and [8] 

time, sec 

temperature, deg F 

displacements in z and y-direc tion of mid- 
dle plane averaged over thickness, in. 

total potential energy per unit thickness, Ib 

strain energy per unit thickness, lb in. ~? 


plane per unit 
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transverse displacement of a point in middle 
plane of a plate, in. 
rectangular co-ordinates, in. 


= body forces defined by Equations [10], Ib 


in.~* 

functions of nondimensional variables — and 

forces along boundary of middle 
Ib in.~* 

linear coefficient 
deg 


plane 


of thermal expansion, 


nondimensional ratio of a loading P to 
critical or characteristic loading P., 

specific weight, lb in.~* 

angular (shearing) strain 

linear strain 


nondimensional co-ordinate in x-direction 


nondimensional displacement in transverse 
direction 

characteristic values of a differential equa- 
tion 

Poisson's ratio 


nondimensional co-ordinate in y-direction — 


3. 1415927 

function of £, ¢ and ¢ defined by Equation 
{70} 

normal stress, Ibin.~* 

shearing stress, 

nondimensional time on 

stress function in two-dimensional systems 

natural circular frequency, sec™* 


| 


2 


due to bending 


corresponding to bending of a flat plate 


+> 
or 


into form of initial bend of an actual 
critical or characteristic 
corresponding to mn natural mode of vibra- 
maximum 
static 

in direction xz, y, z 
applied to an element normal to z-direction 
between z and y-directions (for angular 

strain) 
corresponding to the 11, 12, ... . mode of 


plate 
tion 
and directed in y-direction 
initial or constant 
vibration t 


= 
piane is examined. in the transverse direction it ts shown aad Xx 
that by introducing appropriate nondimensional variables 
and parameters the time dependence reduces to the same x,} 
P 
B= 
= 
= 
= f = 
» - ” fo 
= 
A,B 
Eh* wy 
- 12(1 — pu?) b 
a e T= 
E 
f 
: 
k, m,n w- 
P Vv‘ = 
u,v cr 
Al 
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INTRODUCTION 


The classical theory of buckling is based upon the assumption 
that the external loads are applied statically (1).* This prac- 
tically means that their magnitude increases with sufficient slow- 
ness that any inertial forces may be neglected. Such an ap- 
proach cannot be maintained, however, for loads of rapidly chang- 
ing magnitude. 

It has been shown by C, Koning (2) and J. Taub (2, 3) that by 
applying « constant axial loading on a column for a sufficiently 
short interval, the Euler critical value may be exceeded by several 
times without danger of collapse. The column virtually does 
have time large deformations. Below the 
critical load the displacements and stresses may be twice as high 
Independently, J. H 
A dy- 
namic investigation of nonlinear or inelastic systems has been 
outsined by N. J. Hoff (5) and applied to various column models, 
The same author studied thoroughly the dynamic effects during 


not to experience 


as the ones predicted by static theory. 


Meier (4) arrived at essentially the same conclusions. 


an actual column-buckling experiment in a testing machine (6). 
An arbitrary variation of the load with time has been discussed by | 


T. HL. Pian and J. N. Siddall (7). 
with initial curvature as well as one under eccentric loading, and 
examined various methods for the solution of the obtained non- 
dimensional differential Their experiments 

well with the theory except for the initial stage of buckling. 


equation, agreed 

The 
stability of columns under periodically varving forces has been 
studied by 8. Lubkin and J. J. Stoker (8). 

Apparently R. Einaudi (9, 10, 11) has been the only one to in- 
vestigate the behavior of thin plates under periodically varying 
forces applied in their middle plane. Hewever, his results do not 
cover directly the analysis of plates in such important cases as 
transient loading (landing of airplanes, blast effects on structures ) 
or short duration heat input under boundary constraints. The 
necessary theory for these cases is developed in the present paper. 
At several stages comparison is made to the parallel features 
of columns. For more detailed presentation on certain phases of 
the paper and additional graphs and numerical tables the reader is 
referred to a contract report by the author (12). 

The effects of shear, rotatory inertia, and structural damping 
are neglected. They will be reported separately. An extension 
of the obtained results to anisotropic plates ean be readily made 


Prares Curvature 
Let forces N,, N,,, N, 


‘ varying with time be applied in the 


The 
equation of motion is obtained from the well-known equation of 
13) by substituting the transverse inertial forces in 
place of the corresponding external loading. It 
usual notation 


middle plane of a plate with initial curvature woz, y). 


equilibrium 
results in the 
ou Ow 


— wy) 


+ 2N 
yh 
gD or 
The equations of motion in the other two directions, in terms of 
the displacements « and v in the x 
over the thickness A, are (14) 


and y-directions averaged 
4 
ou 1 = 
ort 2 


Ou 


{2} 


They considered a column | 


(1—y*) ov 
_ 13} 


These three equations, however, are not independent. From the 
stress-strain relations in two dimensions (15) with N, = ho, 


N,, =hr,,,N, = ho,, the following relations are obtained 


ov 
oy 
Ov 


-uN,), €, = 


They can be solved for N,, N,,, N, and written 


Ou 
or 


Eh ou ov 
20 + \ oy or 
A complete formulation of the problem is given by the three 


partial differential Equations [1], [2], [3] subject to the Relations 
5] and appropriate boundary conditions. 


DynamicaL Errects THE Mippie PLaNne 


Equations {2] and [3] show that the vibrations in the middle 
plane, under the assumptions made, can be treated separately 
In order to obtain a solution the following substitutions are used 


u(x, y,t) = uaz, y)a(t), v(x, y,t) = vols, yaft)... {6} 
Dividing through by s,"(¢) in Equation [2] and by s2"(¢) in Equa- 


tion (3! makes clear that a separation of the time variable requires 


a,"(t 3,"(t) *(t) s2"(t) 


a(t) s(t) ” s(t) 8,(t) 


where m, n,q, kare real constants. The negative sign is suggested 
by the requirement of reversibility which is a direct outcome of 
the restriction of the investigation in the elastic range—a mathe- 
matical justification is beyond ‘the scope of the paper. A com- 
parison of Equations [7] shows that m? = n? = qg? = k* so that 
s(t) = sft) = s(t) and 

+ k*s(t) = O. {8} 


The time dependence can now be eliminated from Equations 
[2] and [3] and the values k* become the characteristic values of 

the system 


+ 


if 


+ 2 (+m) > 


aE 


or 
* Numbers in parentheses refer to the Bibliography at the end of Evaluation of k* by separation of the variables z and y is in — 


the paper general impossible. Approximate values can be obtained, how- 
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19] 


ever, by the energy method. It suffices to recognize that Equa- 
tions [9] are the equations of static equilibrium of a plate which, 
in addition to forces along the edge, is subject to forces in the 
middle plane 


BUCKLING OF THIN ELASTIC 
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plates with a = 50h the ratio is roughly equal to 30. Thus, 


the plate goes through a complete period in the transverse direc 
tion, the fundamental ex!ensional waves travel 30 times back and 
forth in the middle plane. Accordingly, for times longer than one 


period in the transverse direction a time average value of the dis- 

De placements in the middle plane is justified. For higher modes 

9 this conclusion can also be used if the comparison is made be- 
tween the dominant modes in each direction. A modification — 
may be necessary for plates with different ratios a/h. For _ 
shorter times the averaging process is not satisfactory. A more 
accurate analysis (18) may explain discrepancies found by T. H. 
H. Pian and J. N. Siddall (7) between analytical and experimental — 
results in the initial stages of dynamic buckling of columns. N. J. 
Hoff (6) has already calculated substantial differences between 
static and dynamic deflection curves at the initial stages of a 
buckling experiment. 

Further discussion in the present paper is confined to time 
greater than the period of the dominant modes of transverse 
vibration. Since from Equation [8] it follows that the time de- 
pendence is sinusoidal, the time average of the displacements u 
placements. Thus U can be written and v for a large number of periods of vibration within the mid- 

- die plane approaches zero. Then the inertial forces in Equations 
+28) drdy 


af [ & Ou. [9] can be neglected and 
Ov or OY 
fi Uo? + vo?) dardy / + Yoodds. .(13] 


A judicious choice of expressions for ue and v with undetermined 
parameters can be assumed and U’ be minimized to give approxi- 
mate values for k*. The procedure will be illustrated for the case 
of free vibration of a square plate with fixed edges of side length a 
by taking 


g 


in the z and y-direction correspondingly. In view of this analogy 

the theorem of minimum of the total potential energy (16) can be 

applied. The total potential energy U’ of the system is 

U=S SVedrdy— ff Xo + — J'(Xuo + Yrods 
.. [11] 


{12] 


The stresses can be expressed in terms of the strains by the well- 
known relations (15) and in turn the strains in terms of the dis- 


O*ue 

2 Ordy 

These two equations combined give the well-known results 


Tu {18} 


As an application, consider a rectangular plate with fixed sides 
subject to an increase of temperature 7’ in the plate only but not 
_ in the supports, The stress-strain relations are (19) 


~ A and B are unknown constants. 
_ PES — (* 
4 


2(1 — 
2 
g 
and in order to be a minimum requires 0U/OA = OU /OB = 0. 
The obtained system of two linear equations in A and B has a 
solution different from A = B = 0 if and only if the determinant 
of the coefficients vanishes. An equation is thus obtained which 
for uw = 0.316 (aluminum) gives 


sin 


The expression for U becomes 


4 wr. B si 
ue = t = A sin sin + sin 
a a a + 


Eh 


of 


+ aT, ™ ey 


{19} 
N,) + aT 
MN, 


16 

: Now u = v = 0 satisfy both Equations [18] and the boundary 
conditions so that, because of the uniqueness of solution (20) 
they are the actual ones. Thus €, = €, = Ys, = 0 and from 
Equations [19] follows 


EhaT 


. [20] 

These values also have been obtained in a different way (21). a 
Since the calculation of N,, V,,, V, has been reduced to a two- 

dimensional static problem the technique of stress function @ ( =a 


3.54 _|Eg 
= satisfying the equation 


a 


=0. 


can be used. In this way for a rectangular plate under boundary 
compression forces P,, P, and shearing forces P,, per unit length 
results (22) 


From Equations [14] and [8] the fundamental natural frequency 


f, of extensional vibration is found equal to = 


-P, . [22] 
Constant LoapinG SuppENLY AppLiep IN OnE Direction 


A simply supported rectangular plate initially curved in the | 
shape 


1 _ 05 56 

It is informative to compare this value to the fundamental fre- 


of transverse vibration (17) which for = 0.316 is 


aw 
The ratio of the two frequencies is f/f = 0.58a/h. 


0.96 


4. 
| 
4 


PRANSACTIONS 


is considered. A pressure P in the z-direction is suddenly applied 
on the plate which is at rest. Then N, = —P, N, = N,, = 0 
and Equation [1] specializes to 
P 
D 


Yh 


D ot 


wo) + =0 [24] 


It will be convenient to introduce the nondimensional variables 
[25] 


by means of which the initial curvature becomes 


(26) 


- : 


ore 


wo = fo sin sin 


and the Equation [24] of motion is transformed into 


[ 


The boundary conditions are (23) 
= Ofor’ = 


are = Oforg = Oand{ 


and the initial conditions can be written 


1 ow — wo) 
of 


2 Ow Wo) 1 
a? bt 
yh Ow 
o§ Ot 


a‘ 


+ [27] 


w= and =0 at t=0 [29] 
ot 

A formal solution of the problem is obtained by separation of 
variables, i.e., by assuming 


t) = X(E¥(S S(t)... 


Substituting in Equation [27], dividing through by the product 
XY, and denoting the order of derivatives by superscripts yields 


( 1x” 
‘—D 
at X + 


1 xX" yh ay 


a X g de (31) 


+ = 0 
This equation is satisfied if X"/X = A and Y"/Y = B, where A 
and Bare constants. Indeed X'¥ = (X")" =(AX)" =A2X and 
= B*Y so that Equation [31] becomes a differential equation for 
f(t) if the values A and B are known. They are evaluated by 
solving the differential equations X" — AX = Oand Y’ — BY = 
0 under the boundary conditions, Equations [28]. It follows 


X = sin mf, Y = sin nf, (m,n = 1, 2,3, ...) {32) 

Attention is first focused on the values m = n = 1, for which 
yh df 
g 


+ (f- + 2p f 0. [33] 


with initial conditions 


df 
(34] 
dt 


The coefficients of Equation [33] hav. a definite physical signifi- 
cance. They are related to the values of the fundamental char- 
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acteristic load Per of a simply supported plate under loading in one 
direction and the fundamental natural circular frequency w of 
1 igD 


transverse vibration (24) 
1 1 
(2 b yh (4 x) 


In addition the nondimensional parameter 8 and the variables 7 
and defined by 


f 
.. (36) 
fo 


are introduced and Equations [33] and [34] correspondingly be- 
come 
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n= 


d 


dr + (1 


B)n 


and at r=0 


n=1 
d 


= 0 
T 


This nondimensional equation and the boundary conditions are 
the same as in the case of columns. They have been discussed by — 
various investigators (2, 3, 4, 7). The following three cases are 
distinguished: 

Then 


The load P is smaller than the critical load P... 


i—B 
The plate undergoes an oscillatory motion around the static dis- 
placement et (obtained by neglecting the inertial term) 


[1 — B cos (V1 — B (39) 


Na = 


The maximum displacement reached during the vibration is 


{41} 


Nmax = 


— = 2 
3 Nee 
i.e., twice as large as the one obtained through very slow applica- 
tion of the load. 

2 8=1. The load P is equal to the critical load Per. 


follows 


There 


7 = r? + 1 {42} 
2 
The displacement increases according to a parabolic law. 

3 B8> 1. The load P is greater than the critical load Po. 

The result is 
7 = 3 (8 cosh (VB -Ir)—1] 
The displacement increases following a hyperbolic cosine law. 

It was pointed out previously that a time greater than the pe- 
riod of the dominant mode of vibration is essential for the 
accuracy of the present analysis. This means ft greater than 1. 
On the other hand, the assumption of small-deflection theory im- 
poses an upper limit on the values of ». The theory holds true 
for displacements not larger than half or equal to the thickness h 
of the plate. For initial mid-point eccentricity f, = 0.054 the 
limiting values are correspondingly nmax 10 and max = 20. 
For higher eccentricities they should be smaller. Beyond such 
limits large-deflection theory is needed. 

The bending stresses o,’, o,°, r,,° and corner reaction R can be 


| 
f 
— 
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expressed easily in terms of the static values ¢,°*, o,”, r.," and 
R, that are developed in an originally flat plate bent in the form 
given by Equations [23] or [26]. By inserting the values of the 
displacements in the well-known bending formulas it is obtained 
o,' = (9 — 1)o,”, o,° = (7 — 1)0,”, 7,,° = (9 — 1)7,,", 

R = (9 — 1)Ro.. {44} 
These relations hold true in particular for the maximum stresses. 
The dynamic and static moments and shearing forces are also 
related by the same factor 7 — 1. 

Hicuer Moves or Vipration 


Formally the most genera! expression for the displacement is a 
linear combination of the characteristic functions, Equations 
[32], ie 


f7X(t) sin mE sin (m,n = 1, 2,3, ...). . [45] 
m=ln=1 
Furthermore, a physically possible initial curvature has sufficient 
continuity to be written in the form 


fo™ sin mé sin nf 


(m,n = 1, 2,3, ...).... [46] 


Under the assumption of uniform and absolute convergence of 
the resulting series, these expressions are substituted in Equation 
|27] and the coefficients of each product sin mé sin nf are grouped 
together. The equation is identically satisfied if the coefficient of 
each such product vanishes. A simple nondimensional form is 
given to the obtained equations by introducing the characteristic 
loads P.,”" and natural circular frequencies w,,, associated with 
the mn-mode of vibration (24) 


Por mL Vv a? 
7m 
and the nondimensional quantities 
P 
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— —1=0 


PLATES 
The result is 


Wad 


subject to initial conditions 


dan 


= 0 at 
dr 


Nan = 1 and Ta, = 0 


The only difference between these two equations and Equations 
{37} and [38] is the value of 8,,,.. Hence, in nondimensional time 
Tm, and displacement 9,,, defined by Equations [48], the time 
dependence of higher modes is identical to that of the funda- 
mental mode of the same plate under nondimensional loading 8, 
in place of 8. This property apparently is being observed here 
for the first time. Analytically it shows that only the funda- 
mental mode for various loadings need be considered. It reduces 
the evaluation of all modes for constant loading to a single graph 
with various values of the loading, as the one given in Fig. 1. It 
may lead to an experimental method of evaluating the higher 
modes by changing the loading and considering the fundamen- 
tal mode rather than proceeding with a harmonic analysis of the 
actual pattern under the given loading. It also leads to a better 
understanding of the features of higher modes. The change from 
nondimensional parameters to the actual time presents no diffi- 
culties, Previous investigators have derived equations for higher 
modes of columns referred to the same time scale (2, 3, 4, 7). 

The characteristic loads P.-"" can be arranged in order of 
magnitude 


Py = Pa = ....., = ... (6 = 1,2,3,.....) 


The actual load P may fall between any two of them, say, Py and 
P, so that P< P,. Then the modes 1, 2, ..., i — 1 give 
Ban 2 1 and according to Equation [49] have hyperbolic or linear 
solutions, i.e., they are unstable. The modes i, i + 1, i + 2, 
have sinusoidal! solutions; hence they are stable. This result 
established by J. H. Meier for columns (4) is here found true for 
plates. 


Constant LoapinG Appuiep For Suort Time INrervar 


Let the applied constant loading be removed suddenly. The 
investigation can be carried on a nondimensional basis as for 


NON DIMENSIONAL DISPLACEMENT » 


NON DIMENSIONAL TIME 


Fic. 1 


NonpIMENSIONAL DisPLaceMENT FoR Constant Loapinos 


- 
| f 
4 | 


» 
ib 
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columns (4). For the interval 7) of the load application the plate 

behavior was discussed in the previous section. At the end of T» 

the plate experiences displacements mo and velocities ry as follows 
for 


(53) 


“on 

8 con vi 8 r»)| The process after the removal of the load is best studied by | 

(51) means of a time origin coinciding with the instant of removal 
The governing equation becomes 


dr? 


) ) | 
Vi Vi B To } 


n»--1=0 


and the initial conditions 


dn 
dr 


4 5 6 
NON DIMENSIONAL TIME 7 


Fic. 2) Constant Loapine 8 O.8 AppLiep a SHort Time 


| NON OIME NSIONAL 


NON DIMENSIONAL DISPLACEMENT 


3 Constant Loapinc 8 = 1.0 ror A Snort Time 


B<1 
for 
nth wil 2 | | ; 
| | \ / & 


Similar curves in semilogarithmic paper have been drawn by C. 
Koning and J. Taub (2). 

Equations (54]-[57] hold good for any time dependence of the 
applied load provided the values m» and t» at the instant of re- 
moval of the load are used. 


7 = 1 + 1) cosT + 


/ - Loav Arsrrrarity Varying Time 
Near = 1 + V — 1)? + 

The process of separation of variables and the introduction of 
For higher modes ta.) Ta.’ and 8, must be inserted in the nondimensional quantities remains the same even if the loading P 
previous formulas, From the actual interval & of load applica- varies arbitrarily with time. Therefore it is required to solve 
tion follows = Curves for are given in Equation (37) under the boundary conditions, Equations (38) ,with 
Figs. 2, 3, and 4, for 8 = 0.8, 8 = 1.0, and 8 = 1.5 correspond- 8 as an arbitrary function of r. Several numerical methods have 
Curves for max are given by T. H. H. Pian and J. N. been discussed by T. H. H. Pian and J. N. Siddall (7). They pre- 
Siddall in their paper for columns (7). A more complete set of fer to divide the interval in a succession of steps with constant 
curves with co-ordinates (7, 7) is presented in Fig. 5. The choice loading and to use different expressions for the solution if 8 < 1, 
of co-ordinates makes the diagram useful for higher modes. 8 = l,or 3 > 1. It appears, however, that a direct step-by-step 


2 5 
OIMENSIONAL TIME 


§ 


Fig. 4 Constant Loapine 8 = 1.5 Apptiep ror Shorr Time 


MUM DISPLACEMENT 


MAXI 
> 


LOADING INTERVAL 
Fie. 5 Maximum Pirate Dispracement ror Constant Loapines 


| 
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with the values mo and given by Equations [51]-[53]. 1 
plate is under the simple harmonic oscillation aie P 
maximum 

| 

wa, - rine 
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Fia. 6 


NON DIMENSIONAL DISPLACEMENT 


Pirate ror Sinvusorpar Loapinos 


solution using a number of terms of the Taylor series for each 
step is more practical. If 8 is given by numerical values at cer- 
tain intervals, finite difference approximations can be used for its 
derivatives. The method is discussed by F. B. Hildebrand (25); 
its application to the particular equation at hand is outlined in a 
report by the author (12). Figs. 6 and 7 show graphically the 
results obtained for sinusoidal and linear variation of the loading 
with time. For a function 8 given in the form of or approximated 
by polynomials the standard method of power series also can be 
applied. Such a procedure was used for the curve of 8B = 2— '/sr 
in Fig. 9. 
or Toray Loav anp Maximum Loapina Value 


The desirability of obtaining an over-all quantity that would 
define the dynamical effects without the use of the entire time 
history of the loading is obvious. Such a possibility will be dis- 
cussed 

First of all, the previous results show that the displacement may 
be increasing with time even for 8 = const, so a specific value of 
B cannot be used as an over-all criterion. Next, the total non- 
dimensional loading 
Bdr 


B, = 


OISPL ACEMENT 


NON DIMENSIONAL 


3 4 


NON DIMENSIONAL TIME € 


Fie. 7 DispLacement vor Linear Loapines 
is examined. In Fig. 8 curves of max for 8; = 2, 3, 4, 5, and 
constant loading are drawn. The largest mmx is obtained for 
approximately Tt) = 7, i.e., actual time fo = m/w equal to half a 
period of transverse vibration. The curves are extended up to 
To = 20 and show the effect of intervals higher than the period, 
which is not included in similar curves by C. Koning and J. Taub 
(2). It is clear that considerable change of naax exists under the 
same §,; therefore 8, is not a satisfactory criterion. Finally, 
loadings of the same 8, and maximum value of 8 are compared in 
Fig. 9. A difference up to 25 per cent in max is observed. 

It can be concluded that the entire time history of the loading 
is necessary for the description of the dynamic buckling of plates 
or columns. 


LoapInGc tn Two PerrenpicuLar Directions 
If P,(t) and P,(t) are compressive forces uniformly distributed 
along the edges and parallel to the z and y-axes, respectively, 
Equations [22] show that the equation of motion is 


P, dw P, 


— wo) + 
Vw D dy 


For simply supported rectangular plates the boundary conditions 
in terms of the nondimensional variables, Equations [25], are 


Loeding Curves 


B= fr. = const. | 


LOADING 


INTERVAL 


Fie. 8 Constant Loapines Wits rae Same Torat Loap 
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NON DIMENSIONAL DISPLACEMENT 


Fie. 9 


again given by Equations (28). 
value for the parameter 8,,,(t) 
1 = 


By introducing the following 


m* 
( + 
a? 


and Wn, Iman 38 defined by Equations [47] and [48], the 

equation of motion is brought to the form of Equation [49] under 

initial conditions Equations [50] and can be investigated further 
4 on the basis of the results obtained for loading in one direction. 


_Vartous Bounpary Conprrions AND SuHapes—SnHear Loapine 


For rectangular plates with boundary conditions that allow 
_ separation of variables, i.e., solution of the equations X" = AX 
4 and Y” = BY derived oon Equation [31], the previous pro- 
cedure can be applied directly. The same is true for other 
boundary shapes where appropriate separable curvilinear co- 
ordinates can be used. 
For shear loading, and, in general, nonseparable space variables 
under constant loading, a substitution 


wz, y,t) = Uz, (k = 1, 2, 3, 


is suggested. For the homogeneous part of Equation [1], ice., 
for free vibrations, the separation process gives 


Us ow, aw, 
N, 2N, 
D (w, + Ne dy? 


—A,{U,=0...... 


(61) 


* 2 t BAS 


yh 


{63} 
The characteristic values A,? and the associated characteristic 
functions U,(z, y) of Equation [62] could be approximated by 
variational or other methods. Depending on the sign of \,? the 
time function f*(¢) may be sinusoidal, linear, or hyperbolic. 
Thus some modes may be unstable while the remaining higher 
ones are stable. For plates with initial curvature the correspond- 
ing function can be found by expanding wo and Vw in infinite 
series in terms of the characteristic functions of Equation [62]. 
Let the obtained coefficients be foo* and fo", respectively. The 


Same Totat Loap anp Maximum or Loapinoe 


displacement w(x, y, t) can be expressed as a linear combination of 
terms of the type of Equation [61] in the form of infinite series 
with unknown functions f*(t). After a substitution in Equation 
{1] use can be made of the Relations [62]. By equating the co- 
efficient of each function U,(2, y) to zero, the following equations 
result 


yh 


gD dt + — fe =0 


(64) 
In terms of the nendimenianel quantities 
gD 
.= 
Va Vi 


Xt) 


[65] 


Equation [64) is brought to the form 


dr, + (1 — 


subject to the boundary conditions 


d 
0 at 7, = 0 


Te 


m= 1 = and 
Any further discussion may be carried out as in the case of Equa- 
tion [49] with constant §,,,. 

If N,, N,,, Ny are functions of time, or functions of both co- 
ordinates z, y, and time ¢, and the boundary conditions do not 
allow for a separation of the space variables, elaborate numerical 
techniques or the use of special computing devices are inevitable. 


Eccentric Loapina PARALLEL TO MrippLe PLANE 


The motion is governed by the homogeneous part (i.e., with 
wo = 0) of Equation [1]. For rectangular plates the use of the 
nondimensional variables — and { defined by Equations [25] is 
again advisable so that 
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For simply supported plates, the boundary conditions are 4 


a® 


= Oandt =a [69] 


| 


Ps, 
forf =Oand{ 


of any function p(£, ¢) with continuous fourth-order derivatives 
satisfying the boundary conditions. For P,, P,, ¢,, and e, con- 
stant one such function is 


Since the characteristic functions of Equation [68] satisfying the 
homogeneous part (ie., w = 0) .° the boundary conditions, 
Equations [69], are the same as for initially curved plates, already 
given by Equations [32], the following formal expression is sug- 
gested 


m 


fe"(t) sin sin nf 


This expression is substituted in Equation [68] and the contribu- 

tion of p(£, ¢) is expanded in double sine series as follows 

= 


D dD 


1,3,5... = 1,3,5 


sin sin nf... {72] 
Equating the coefficients of sin m& sin nf in Equation (68) to zero 
yields a set of equations for f*%(t). The variables 7,,, and 7,,,, 
defined by Equations [47] and [48] can be used again, but with 


16 ¢,P,2+e¢,P,? 1 


D a + 


6 g +¢,P,* 1 (73) 
yhD Wan? 


74 
In this way the equations for f”"(¢) are again brought to the form 
of Equation [49] with boundary conditions, Equations (50) 
Only the values m = 1,3,5, n = 1,3, 5, give »,,,, different 
from zero. 


Kecenrrarc Loaping Varying Wrrn Time 
The expression p of Equation [70] can be used even in the case 
where P,, P,, ¢,, ¢, are functions of time. Then the coefficients 


of the expansion in series of the contribution of p(£, ¢, ¢) are also 
functions of time, and by a similar procedure follows 


dr..? 


16 — g P P 


(. ae +b ae 
The numerical methods discussed for load varying with time for a 


plate with initial curvature can be extended to the present case 
with a slight modification. 
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Discussion 


Georce Gerarp.‘ This interesting paper is an extension wd 
plate elements of the dynamic buckling analyses which have been 
considered for columns in the recent literature. These analyses 
are based on a dynamic loading which builds up to the dynamic 
buckling load by successive reflections of the initial dynamic stress 
pulse. It has been found for columns and now for plates that 
dynamic loads in excess of the static buckling loads can be sus- 
tained under such loadings. 

A point to be raised regarding application of the results of 
the paper is concerned with the relation between the buckling and 
failing loads of plate elements. For a column under static load- 
ing and presumably undér dynamic loading also, the buckling 
load and failing load are essentially the same. For a plate, how- 
ever, the failing load may be considerably in excess of the static 
buckling load when buckling occurs below the proportional limit 
of the material. Thus, in the case of dynamic buckling of a plate, 
does the increase in dynamic buckling load over the static value 
imply any increase in the dynamic failing stress over the corre- 
sponding static value or essentially the same failing stress? This 
important question is probably completely beyond the scope of a 
mathematical analysis at present but could be investigated ex- 
perimentally. 

Another point is concerned with the application of high im- 
pact loadings to plates. Some recently published work® has in- 
dicated that under certain conditions of impact, the magnitude 
of the stress introduced into a column may be sufficient to cause 
buckling after the initial pulse caused by impact has traversed 
only a small portion of the column. Although the column can 
carry loads considerably in excess of the static column load, 
buckling of the column does occur in which the wave length of 
the buckle depends directly upon the magnitude of the compres- 
sive stress introduced by impact. Under high impact loadings 
very short wave lengths have been observed experimentally in 
agreement with the predictions of a simple theory which accounts 
for the longitudinal propagation of the impact stress. 

Although the details of a similar analysis for plates has not been 
completed, it is interesting to consider the behavior of a plate 
under conditions of high impact velocity in which the magnitude 
of the initial impact-stress pulse is greater than the static critical 
stress of the plate. Such an analysis is beyond the scope of the 
author’s paper since it is tacitly assumed therein that the period 
of the fundamental extensional wave is much smaller than the 
fundamental frequency of transverse vibration. 

Qualitatively, we can readily construct a conception of the 
behavior of a plate under impact loading. As the plate is struck 
at the left end by an impact force, Fig. 10 of this discussion, a 
stress is immediately set up at that point of a magnitude which 
depends upon the velocity of the impacting force v, and the veloc- 
ity of propagation c, in the material. This impact stress is then 
propagated toward the right, and, when it has traversed a length 
which depends upon the magnitude of the impact stress, it is 
possible for buckling to occur in that length. 

Essentially, the condition for dynamic buckling is that the 
impact-stress pulse equals the static buckling stress of the plate 
for a wave length corresponding to that traversed by the impact 
stress. Under such conditions it can be shown that the critical 
length parameter L-r/b, is a function of the parameter (v/c)(b/t)* 
as shown in Fig. 10, herewith. 


* Guggenheim School of Aeronautics, College of Engineering, New 
York University, New York, N. Y. Jun. ASME. 

* “Column Behavior Under Conditions of Impact,” by G. Gerard 
and H. Becker, Journal of the Aeronautical Sciences, vol. 19, January, 
1952, pp. 58-61. 
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Crosure 

The author wishes to thank Professor Gerard for his interest 
in the paper and his stimulating comments. In closing he would 
like to point out the following: 


With respect to the relation between the buckling and failing 
loads of plate elements, no complete answer can be given without 
either an analytical or an experimental investigation of the 
problem of dynamical limit design of the plate under appropriate 
forces, and such an analysis was beyond the scope of the paper. 
One thing is certain, however, that the dynamical failing load 
cannot be lower than the dynamic buckling load that can be sus- 
tained by the plate while experiencing only small deflections 
within the elastic range. Under the latter conditions it is shown 
in the paper that dynamic loads several times higher than the 
static-buckling load can be sustained if the interval of applica- 
tion of the load is sufficiently small. Hence a gain in limit design 
is assured by the results of the paper, at least when the increase 
of static loading because of dynamical] effects is higher than the 
difference between static failing and static buckling loads. More- 
over, there exists a wide range of cases where permanent deforma- 
tions or large deflections must be avoided and the restrictions 
assumed in the paper are imposed by the design requirements. 

The need for a special investigation for high impact loadings is 
explicitly stated in the paper. Professor Gerard’s paper® was 
published after the manuscript of the present paper was already 
submitted by the author and no reference to his work could be 
included. The author is considering separately this problem 
which essentially refers to the initial stages of dynamic buckling* 
and he feels there exists an oversimplification in Professor Gerard’s 
analytical treatment of the case of columns‘ and his remark in 


* See for instance, reference (18), author's bibliography. 
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the foregoing discussion that the dynamic buckling condition 
essentially requires that, “the impact-stress pulse equals the 
static buckling stress of the plate for a wave length corresponding 
to that traversed by the impact stress."” The essential feature 
of the buckling phenomenon is a deformation in the transverse 
direction which occurs with a finite velocity u and during such a 
motion the stress pulse travels along the column at another 
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speed c, thus changing the length for which a static buckling 
may be considered. Accordingly, a simultaneous consideration 
of these two motions is necessary for an accurate investigation of 
the phenomenon. For plates the problem is additionally com- 
plicated by two-dimensional effects and, from this point of view, 
the model of Fig. 10 is restricted to a one-dimensional case only 
which covers problems of plate columns but not the general case 
of plates. 
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F riction Surfaces for Spin-Up Simulation 
in Landing-Gear Drop Tes ts 


ane By D. W. DRAKE,' BURBANK, CALIF. 


procedures for drop of landing gears 
entail the simulation of wheel spin-up. The use of a 
“4 fixed reaction surface in conjunction with spinning wheels 
in the drop tower introduces friction conditions between 
the tire and reaction surface that do not permit direct 
use of airport surfaces such as concrete. For this reason 


the “coefficients of friction’’ of a number of reaction sur- 
faces have been evaluated and their value for spin-up 
simulation is discussed. 


BackGRrounpD 


: a N the past ten years considerable change has taken place in 

= I the laboratory testing of airplane landing gears directed 
; toward a more realistic simulation of the initial impact in 

a landing an airplane. The principal changes have been the 

_ simulation of the lift on the wing and simulation of wheel- 

assembly spin-up with its resultant oscillating drag load. This 

_ report discusses the history of the latter change, i.e., the problem 
_of simulating in the laboratory the phenomenon of accelerating 
the wheel assembly from zero wheel speed just before contact to 
airplane speed just after contact. 

In the past the principal purpose of drop-testing landing gears 

has been to develop and prove a metering arrangement in the 
 oleo cylinder. Since the performance of an oleo may be affected 
significantly by friction between the piston and cylinder and since 
such friction is normally the result of drag force applied at the 
axle of the gear, tests were conducted by dropping onto an in- 
clined platform which applied an arbitrary proportion (33 per 

~ cent) of vertical load normal to the strut axis (1).? 

However, when in the early 1940's measurements were made of 
the forces developed during actual landings, it became apparent 
that the principal drag forces were associated with spinning-up 

the wheels, that the applied drag force was often higher than that 
applied in drop tests, that the applied drag load only lasted until 
the wheel assembly reached airplane ground speed, and that the 
dynamic response of gear assembly was important in determining 
the forces developed (2). Also it was apparent that considera- 
ble variation could be expected in the drag loads developed by 
different gear designs and that spring-back (forward drag load) 
forces must be considered in gear design. As a result of these 
studies it was decided that the whee! spin-up phenomenon should 

be simulated in drop-testing landing gears. 


Wuee. Assems_y Spin-up SimuLaTION 


Two methods have been used to simulate wheel spin-up. In 
one the weighted gear assembly is dropped on a rotating drum of 


1 Research Engineer, Lockheed Aircraft 
ASME. 
2? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
- Contributed by the Aviation Division and presented at the Spring 
Wash., March 24-26, 1952, of Tae American 


Corporation. Jun. 


Meeting, Seattle, 


Nore: Statements and opinions advanced in papers are to be 

understood as individual! expressions of their authors and not those 

of the Society. Manuscript received at ASME Headquarters, 
November 23, 1951. Paper No. 52—8-1. 


sufficiently high moment of inertia that drama epeed in net changed 
appreciably in spinning-up the gear-wheel assembly (4,5). This 
method works well for small gears but becomes expensive for 
gears used on modern transports and bombers. In addition, it is 
not possible to measure directly the drag and vertical forces being 
applied to the tires during impaet and it is difficult to provide for 
different landing surfaces. 

The other method of spin-up simulation consists of dropping the 
weighted gear assembly on a fixed reaction surface with the wheel 
assemblies rotating backward at sufficient speed so that, in 
stopping, the same wheel speed change is obtained as in an 
actual landing. Using this procedure with a suitable instru- 
mented reaction platform the drag and vertical loads applied to 
the gear and hence the instantaneous coefficient of friction* 
may be measured directly. In addition, by changing the top of 
the platform, any desired surface may be.used to stop the rotating 
tire. 

Lockheed adopted the second method in 1946. Figs. 1 and 2 
show the drop-test facility and reaction platforms. Initially, both 
concrete and black-top surfaces cast to simulate airport surfaces 
were tried on the reaction platform. The black-top surface was 
found to be unsatisfactory because with the tire contacting only 
one spot on the cast surface, as opposed to the airplane landing 
condition, excessive wear of the surface was encountered. The 
concrete surface was entirely satisfactory in this regard. 


Friction CHARACTERISTICS OF CONCRETE 


Eight landing gears were tested, using the concrete surface 
shown in Fig. 2. In Fig. 3 typical variations of the coefficient 
of friction during the spin-up period are presented for seven of the 
gears. In Fig. 4 the effect of initial wheel speed on coefficient 
of friction for two gears is shown. These data indicate the 
following: 


1 There is a wide variation in the coefficient of friction de- 
veloped by different tires sliding on concrete. 

2 All gears developed coefficients which were quite high 
upon contact but which dropped rapidly after contact and then 
tended to stabilize at some lower value if the spin-up period was of 
sufficiently long duration. This characteristic resulted in higher 
average coefficients of friction for the tests with shorter spin- 
up periods. 

3 Both the average value and instantaneous peak value of 
coefficient of friction tended to increase with decreasing initial 
wheel speed. 

In Table | tire characteristics and average coefficients of friction 
for the tires tested are tabulated and in Fig. 5 the average coeffi- 
cient is plotted against tire size and tire pressure. There is some 
indication that high tire pressures are associated with low co- 
efficients of friction, but the scatter in the data precludes a 
reasonable evaluation of the relationship. Tire size does not 
seem to be a significant variable, any effect indicated in Fig. 5 
probably being due to the coincidence that the small tires gener- 
ally used high pressures. 

3 Coefficient of friction between the tire and reaction surface is 


defined as the instantaneous ratio of platform drag load to platform 
vertical load. 
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Reaction Pratronm Were Surrace INSTALLED 


The original selection of concrete for a friction surface was based 
on the assumption that being a typical airport surface material, 
its friction characteristics in the tower would be typical of friction 
characteristies in actual landings. In 1949 sufficient data of 
actual landings were obtained on an instrumented patrol bomber 
whose gear had already been tested in the drop tower to examine 
this assumption, Of course, since it is impractical to instru- 
ment a runway, drag forces on the gears must be measured in the 
airplane and hence include dynamic effects. However, by 
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CHARACTERISTICS OF CONCRETE SURFACES 


assuming that the coefficient of friction between the tire and 
runWay Was constant, it was possible to eliminate the dynamic 
effects from the measured gear drag loads by a graphical fairing 
procedure* and hence to estimate the approximate coefficient 


* The fairing method used consisted of drawing average load lines x 


through the dynamic drag-load traces during the spin-up period and 
averaging the instantaneous coefficients of friction obtained from the 
average drag-load trace. The judgment used in locating the average 


load line was tempered by the assumption that the coefficient of | 


friction was constant, by comparisons of applied drag load and de- 
veloped dynamic drag load from drop-tower data, and by previous 
expetience in calculating the response of gears to impulses which 
varied linearly and sinusoidally with time. 
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CHARACTERISTICS AND AVERAGE posers IENT OF 
FRICTION OF TIRES TESTE 
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vg coef* 


Tire 
7:00-20-16 ply rating 


ply rating 
O14 ply rating 
568C-20 ply rating 
24 5.5-12 ply rating 
34 X 9. 9-16 ply rating 


¢ Standard maximum free diameter 
+ Approximate average for normal landing speed on 
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" friction that existed during spin-up in the landings. These 
results are compared with an average coefficient from the 
drop tests in Figs. 6, 7, and 8. 

It may be seen that the average coefficient for the drop tests 


is below the range of the results for the airplane landings, being 


about one half the average obtained on the airplane landings. 

This somewhat disappointing result forced a complete review 
of spin-up simulation requirements. This review showed the 
following factors: 


1 Friction in the oleo strut during drop tests must be similar 
in character and magnitude to the actual landing condition in 
order to develop and select a satisfactory metering arrangement 
for the oleo strut. 

2 The difficulty of predicting accurately by analytical methods 
the dynamic loads developed during spin-up makes experimental 
verification in the laboratory desirable. Current specifications 
(3) require a constant coefficient of friction of 0.55 for spin-up 


design conditions. 


landings indicated that values of 0.5 to 0.6 were typical. 


of some 


3 Hydraulic dampers are being used in the drag-load system 
main landing gears. The metering system in such 
dampers can only be developed satisfactorily by experiment at 
present, their damping characteristics being determined prin- 
cipally by spin-up conditions. 

4 All of the available data which could be used to estimate 
the coefficient of friction developed during spin-up in actual 
Un- 
fortunately, the available data do not include information on the 
relatively small high-pressure tires used on fighter-type airplanes. 


On the basis of the foregoing factors it was decided to try to 
design friction surfaces for drop testing which would develop a 
constant coefficient of friction of 0.5 to 0.6 to correspond with 
landing-gear design conditions. 


Fricrion SuRFACES 


Since initiating a program to develop drop-test reaction sur- 


faces providing coefficients of friction of 0.5 to 0.6, three main 


landing gears and one nose landing gear have been tested in the 
Lockheed drop tower. Eight special reaction surfaces have been 
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tested with one or more of the gears (see Figs. 18 and 19). The 
procedure followed has been to try various surfaces at the start 
of the program using non-wing-lift spin-up drops, until a satis- 
factory surface for the particular gear had been found. 

Friction data for each drop were obtained by plotting the 
reaction-platform drag load against the reaction-platform ver- 
tical load on an oscilloscope and photographing the trace ob- 
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tained. Reproductions of these plots are ineluded in Figs. 9 
through 17. 

In these plots lines of constant coefficient of friction have been 
added to the negatives to assist in evaluating the curves.’ It 
should be noted in considering the curves that the dynamic 
loads in the gear are primarily a function of impulse; ie., the 
time integral of platform drag load, and hence the portion of the 


* The instantaneous coefficient of friction of a point is equal to the 
slope of a line joining the point to the origin. In the referenced 
plots, the ordinate is drag load and the abscissa is vertical load. 
The drag-load scale is twice the vertical-load scale. 


: 
curve near spin-up is much more important than the initial 
slope, since the vertical load is higher and the time spent at load 
is higher in the final portion of the curves. The sharp drop in the 
drag ‘oad near the end of the curve indicates spin-up. The data 
have no significance beyond this point. 

The data for the various surfaces and landing gears are sum- 
marized in Table 2. The longitudinal grating was found to 
produce satisfactory coefficients of friction for the C124 MLG 
the C124 NLG, and the M1049 MLG, although the coefficient 
at initial contact was somewhat high for the latter two gears. 


No satisfactory surface was found for the F-94C MLG. The 


TABLE 2 COEFFICIENTS OF FRICTION FOR SPECIAL SURFACES 


NLG 
Normal Low- 

—land speed speed 
initial ave ave 


Drop 
height, 


0.35 
0.45 
Smooth steel 4 0 
Smooth steel . 7 7 
Longitudinal grating 0.60 
Longitudinal grating 0 
Filled longitudinal grating 
Cross-grating.. 
Filled croms-grating. . 
Large pattern safety plate 
Large pattern safety plate 
Small pattern safety plate 
Small pattern safet, plate 
Bar surface... 
Welded plate. . 


0 
0.3: 
0.: 


Tire diam, 

Tire in. 
15: 50-20 
25.00.20 1.2 
8.8 
5.8 


Gear 
C124 NLG 
C124 MLG 
M 1049 MLG 
F.94C MLG 


17 :00-20-20 ply § 4 
26 X 6. 6-12 ply 2 
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safety plates developed average coefficients of friction of about 
0.3 but were somewhat sensitive to initial wheel speed. The 
longitudinal grating demonstrated average coefficients near 0.5 
but had high initial coefficients, was sensitive to initial wheel 
speed, and badly cut the tire 

In an attempt to control the coefficient better and to reduce 
tire cutting, both the longitudinal grating and cross-grating were 
filled to various levels with hydrostone. Although some control 
of the initial coefficient was obtained, the coefficient still dropped 
with time, was sensitive to initial wheel speed, and cut the tire 
regardless of the level of hydrostone. Welded plate had similar 
characteristics. In an effort to increase the area of contact of the 
tire, the bar surface shown in Fig. 8 was tested. The top edges 
of the bars were filed to '/q in. radius. This surface had charac- 
teristics similar to the longitudinal grating although the average 
magnitude of the coefficient of friction was somewhat controllable 
by varying the thickness and spacing of the bars. 

During this series of preliminary tests, the tire was worn down 
to the fabric. This rate of wear was much more severe than 
anything previously encountered in the laboratory, and it was 
concluded that an average test coefficient of friction of 0.5 to 
0.6 was too high for this small high-pressure tire. This gear 
subsequently was proof-tested, using the large pattern safety 
plate (average coefficient = 0.3), and a few check tests were run 
with the bar surface developing a coefficient of about 0.5. 

On the basis of testing four landing gears with special friction 
surfaces, it appears that a friction coefficient of 0.5 to 0.6 may be 
developed readily without causing tearing or severe wear for the 
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larger tires (over 30 to 35 in. diam) operated with normal pressure 


(under 150 psi). Coefficients of friction of this magnitude can 
be obtained conveniently in drop testing using special steel 
surfaces. For most gears the longitudinal grating used in this 
laboratory will be satisfactory, although the safety plates may be 
useful for some of the smaller normal pressure tires. In any 
event, it appears to be necessary that a friction su ace be selected 
experimentally for each test landing gear. 

For gear assemblies using small tires operated at high pressure 
(over 150 psi) a coefficient of friction of 0.5 to 0.6 appears to be 
too high. The proper coefficient can be determined only by flight- 
test measurement in landings with installations using such tires 
With the desired coefficient known, experience to date indicates 
ths friction surface can be found experimentally which will 
deve..p the desired coefficient. 


GENERAL Discussion 
The data collected in this investigation point up the complex 
nature of the process of adding or removing energy from a wheel 
assembly by applying a friction force to its surface. Some of the 
factors involved are as follows: 


! In simple sliding friction with a block of material moving _ 


over a surface, the friction force is normally proportional to load 
and independent of area of contact. The force necessary to 
start the block sliding is higher than the force necessary to keep 
the block sliding and, with many combinations of materials, the 
friction force decreases as the velocity of sliding increases. 

2 With rubber as one of the materials, elastic deformation of 
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the rubber occurs, permitting the rubber to pass over irregulari- 
ties in the other surface. This condition is somewhat similar to 
the action in rolling friction. 

3 Rubber can be cut readily or shaved and it softens when 
subjected to temperatures of a few hundred degrees. These 


factors lead to the presence of a quantity of soft-rubber particles 
which may act as a lubricant. 


4A tire is relatively soft in shear in the direction of sliding © 
and hence may go through a process of sticking, breaking loose, _ 
translating, and then sticking again. 


Some of the irregularities in the curves suggest something of 
this nature is present. 


5 In the drop tower the tire contacts one area during the 
sliding period as opposed to a continuously new surface in 
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xa the landing condition. This can lead to a change in the surface 

Pen condition during the sliding period. 

s&s Wheel spin-up is a transient phenomenon with certain of the 
_ foregoing factors changing continuously. 


The complex interaction of these factors may be shown by 

_ considering the variation in coefficient of friction with sliding ve- 
locity. Since, in general, friction increases with a decrease in 
velocity, it would be expected that the coefficient of friction would 
increase as the tire slows down in the drop tower. Further, with 


} However, the fact that the maximum 
coefficient is higher for the lower initial speed indicates that the 
friction surface is being changed and lubricated during the sliding 
period. The safety plates also exhibit a higher final coefficient 
of frietion to some extent (see Figs. 9, 12, and 13). Concrete, 
the bar surface, the welded plate, and, in some cases, the gratings, 
on the other hand, show a drop in coefficient as the wheel slows 
down 

This drop is not due to a decrease in coefficient of fric- 
tion with decreasing sliding velocity since the coefficient increases 
with lower initial wheel speed (see Figs. 9 through 17). Con- 
- tamination and lubrication by rubber particles will explain most 
_ of these cases and probably it is for this reason that the gratings 
are relatively insensitive to sliding velocity since the rubber 
particles cut off the tire are deposited between the bars in the 

grating 
The interaction of the various factors makes the prediction of 
_ the characteristics of a friction surface difficult, but consideration 
of the foregoing will reduce the experimentation necessary to find 
 @ satisfactory surface for a given landing gear and also suggest 


CONCLUSION 


1 The need for simulation of wheel spin-up in drop-testing of 
: landing gear is discussed. 
~Conerete was found to be unsatisfactory as a friction surface 
ms for wheel spin-up simulation in drop testing. 
: 3 The information currently available suggests tat a co- 
efficient of friction of 0.5 to 0.6 is of the right order for large 
(over 30 in.) diameter, normal pressure (under 150 psi) tires, 

4 Small high-pressure tires develop significantly smaller 
coefficients of friction under similar conditions than the larger 
normal pressure tires. 

- § Using special steel surfaces, desired coefficients of friction 
~ ean be developed in drop tests. 
: 6 At present, the proper friction surface for a given landing 
«gear must be selected experimentally. 

r 7 Fiight-test information relative to the friction developed in 
end spin-up of small high-pressure tires is needed in order to 


‘ drop-test such landing-gear installations adequately. 
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Discussion 


D. R. Donapson.* This topic has been the subject of much 
discussion in recent years. As yet, no generally acceptable 
conclusions have resulted. It is quite possible that diff t 
conditions exist for large and for small airplanes. In this regard, 
this discussion will be limited to conditions existing during landing 
of large airplanes 

The author's comments direct attention to the complex inter- 
action of many changing factors, but one of the most important 
is temperature. When a large airplane lands there is a puff of 
smoke at the instant of tire contact. On investigating the runway 
one will find a black print of rubber left on the surface followed 
by several reprints as the tire rolls around, Figs. 20 (a) and (6) of 
this discussion. This shows that a portion of the tire circumference 
was heated until the rubber melted. When a large spinning 
gear is dropped in a drop-test tower, there is a cloud of amoke at 
the instant of contact. Small rolls of rubber.particles are thrown 
clear and there is a distinct odor of burning rubber, On checking 
the tire and platform, one will find that they are both quite sticky. 

Having noted this phenomenon, a series of laboratory tests 
were conducted by the writer's company to establish the variation 
of the coefficient of friction between rubber and concrete at 


* Boeing Airplane Company, Seattle Division, Seattle, Wash. 
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Fie. 22) Temperature Requireo To Russer 
various temperatures. The general results of these tests are 
shown in Fig. 21. Fig. 22 gives an indication of the temperature 
required to melt the rubber. On this basis it is assumed that the 
airplane coefficient varies considerably during the very short 
spin-up time. It presumably starts fairly high, drops almost 
immediately as the rubber becomes hot, then increases somewhat 
again as the spin-up is completed. 

Another study has been made on recorded gear-load data 
available on airplanes using 56-in. tires. A statistical record of 
B-29 landings was made of drag loads against vertical loads on 
the form of a curve, Fig. 23 herewith. The plot shows that an 
envelope curve of the points tends to be asymptotic at what 
might be called a terminal drag valve. This can be explained by 
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the theory that the greater vertical load results in spinning the 
wheels to speed in a shorter time, therefore generating more heat 
and lower coefficients of friction. It is also interesting to note 
that the scatter of the points is considerable. This scatter would 
offer considerable difficulty in designing a drag-load system damp- 
ener to which the author makes reference early in his paper. 
It appears that a wide variation in the coefficient of friction may be 
expected both in the case of a landing airplane and in the drop- 
test tower when all possible variations of surface, airplane atti- 
tude, and so on, are considered. 

Another interesting investigation was completed by the Air 
Force at the AMC Laboratory at Wright Field. In these tests, 
a 110-in-diam tire was moved against the rotating mass of a 
large dynamometer and the “vertical” and “drag” loads versus 
time were recorded for various contact speeds. Converting these 


loads to a “coefficient of friction,” Fig. 24 is obtained. As the '~- : 


contact speed increased, the maximum coefficient decreased (with 


4 


a 


DRAKE 


This again would be expected by the theory of 
heat generation, but unlike most curves, there is not a high coef- 
ficient of friction at the instant of contact. However, during 
the early period of the vertical load build-up, both vertical and 
- drag loads are low and the exact coefficient is difficult to establish. 
In conclusion, the author states that steel plates are the most 
satisfactory drop-test-tower platforms and that other platforms 
should be determined for a particular gear. The most recent 
tests by the writer’s company have been in tower with platform 
of heavy boiler plate backed by concrete, and such a plat- 
form is believed to be quite satisfactory. However, the neces- 
sity for a search for a platform that will produce a uniform co- 
_ efficient of friction of from 0.5 to 0.6 is very questionable. The 
foregoing data indicate that one can expect a wide variation 


in the coefficient. 


J. F. McBrearry.’ This paper brings out rather well the 

- decreased coefficients of friction associated with high-pressure 
tires. The author points out the extreme damage resulting to 
the tire when a friction surface, designed to produce the design 
_ value of 0.55, isused. This latter value has been in use for many 


_ years and has been based almost entirely on experience with low- 


_ pressure tires. Measurements in actual landings have indicated 
4 this same effect, but have been discounted since drag measure- 
ments on the structure itself include the dynamic effects present, 
and precise contro] and measurement of “boundary conditions” 
have not been practical. It would now seem that a reduced value 
of the design coefficient of friction is indeed warranted for the 
ease of high-pressure tires. This value has an important effect 
on the structural weight not only of the landing gear, but also of 
other portions of the structure affected by transient accelerations 
in the wheel spin-up interval—notably nacelles and the rear por- 
a tion of the fuselage. 


. E. Vescetvus.* It is agreed that a surface moving under 


» 4 Ps a would more closely approach the landing conditions, 


but the difficulties in achieving this would more than offset any 
inconsistencies in the backward wheel rotation against a station- 


_ ary-platform method generally employed. 


Our results using a concrete platform have not been too satis- 
factory as we found the concrete would “load up” with rubber 
and would then give low friction values due to melting of the 
rubber during wheel stoppage. This melted rubber acts as a 
lubricant. It is quite possible, however, that by sandblasting 
or similar inconvenient means, the concrete surface could be 
restored between drops. 

However, we have achieved fairly satisfactory results by using 
hot-rolled steel plates with the original rolled surface as a plat- 
form. It is our practice to clean the plate between drops with 
solvent to remove the rubber which has been deposited. Under 
these conditions we produce apparent coefficients of friction 
ranging from 0.3 to 0.7 with the greatest portion of the values 
falling between 0.4 and 0.6 This we believe to be of sufficient 

accuracy consistent with the other factors now involved in jig 

drop-testing of landing gears. 

From our viewpoint as a strut manufacturer the time and ex- 
pense involved in conducting tests to determine the particular 
surface to be used prior to each drop-test program would not be 
warranted. 


? Division Engineer, Structural Engineering, 
Corporation, Burbank, Calif. 

* Director, Engineering Division, Menasco Manufacturing Com- 
pany, Burbank, Calif. 
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Mr. Donaldson's data showing the effect of pressure and local 
temperature at the contact point is very interesting and, if 600 F 
is taken as the probable temperature existing in practice, the data 
certainly substantiate a large drop in the coefficient of friction 
with increased tire pressure. It seems likely, however, that the 
reduction in coefficient in an actual landing would be somewhat 
less than indicated in Fig. 21 since the softened rubber would be 
continually removed by abrasion. 

Referring to the data in Fig. 24, apparently the drum used for 
the tests had a smooth steel surface. Compare with Fig. 10. 
Although the drop in peak values of coefficient of friction may be 
consistent. with a theory of heat generation, the low initial values 
certainly are not. An explanation based on variation in coeffi- 
cient with velocity as suggested on page 1279 seems more likely. 

The data presented in Fig. 23 resemble some Air Force data 
which the author encountered a number of years ago where the 
maximum vertical load and the maximum drag load encountered 
during # landing were cross-plotted. Of course, since coefficient 
of friction is defined as an instantaneous ratio, it is difficult to 
draw any conclusions regarding friction conditions from such data. 
This is made more difficult by the fact that the drag load is a meas- 
ured gear load and hence includes dynamic effects. 

The suggestion of a terminal drag load in Fig. 23 is an interest- 
ing possibility. If the wheel is stopped in a small fraction of the 
fore-and-aft natural period of the gear, the principal reaction for 
the appiied drag force wi!l be the inertia of the gear mass and the 
friction force impulse will appear initially as velocity of the gear 
mass. It can be readily shown that under these conditions the 
maximum drag force developed in the gear will have a constant 
value. Further, it is quite possible to have gear characteristics 
which will tend to produce conditions approaching the above so 
that landing tests will indicate a “terminal drag load.”’ 

The foregoing is offered as one of a number of possible explana- 
tions for the B-29 data because a terminal drag load is not found 
in most airplane landing tests. For example, see Figs. 6, 7, and 
8. Since this characteristic is not common, it is felt that it is a 
reflection of the dynamic characteristics of the B-29 gear rather 
than an indication of the friction between the tire and landing 
surface. 

If the author may be permitted a bit of philosophy, a laboratory 
test has only limited value unless it adequately simulates service. 
Certainly the data of this investigation demonstrate that the 
arbitrary selection of boiler plate or any other friction surface for 
uke in drop tests can produce large errors in simulating landing 
conditions. Further, the proper friction characteristic cannot be 
determined in the laboratory but must be derived from actual air- 
plane landings. While the author does not wish to minimize the 
difficulties of obtaining adequate flight test data nor suggest that 
much of such data currently available do not show considerable 
“seatter,”’ his experience in working from such information indi- 
cates that as a more detailed understanding of the factors in- 
volved develops much of the apparent scatter tends to fade away. 
In any event, landing-gear evaluation in the laboratory must en- 
compass the range of scatter rather than ignore it if the improve- 
ment in shock struts obtained in the past decade is to continue. 
As Mr. McBrearty notes, the -value of such improvement is not 
insignificant. 

The author wishes to thank the contributors of discussion and 
to acknowledge the valuable guidance in conducting this program 
provided by Mr. H. W. Foster of Lockheed. 
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The Mean Flow in Turbines 


All theories now in use for the design of the bladings of 
Kaplan turbines and pumps are based on the assumptions 
that the fluid moves on concentric cylinders and that no 
trailing vorticity is shed off the blading. Approximate 
corrections are here found arising from the fact that the 
flow does not, in practice, satisfy these assumptions. 
These corrections are the more important the smaller the 
ratio of hub diameter to tip diameter. An approximation 
to them is found from investigation of the axially sym- 
metrical mean flow in the rotor, which is obtained when 
the velocity components at any point are replaced by 
their mean values with respect to the angular co-ordinate. 
This approximation is the more accurate the smaller the 
pitch-chord ratio. It is found that the three-dimensional 
effects in the flow are due to the tra se component 
of the vorticity (“‘ring vorticity’’). Formulas for the 

velocity P ts induced by it are given. Two dis- 
tinct problems arise in connection with the design of a 
Kaplan blading, viz., (a) to find the shape of the blade and 
he pressure distribution for a prescribed load distribution, 
under the optimum working condition, and (6) to find 
the performance and pressure distribution for a pre- 
scribed blade shape, after a change of pitch. The theory 
applies also to multistage axial-flow turbomachines where 
the mean velocity is not too high for knowledge of the in- 
compressible flow to be of interest. 


1 INTRODUCTION 


HE interest of the designers of Kaplan turbine blades has, 

for a long time, been restricted mainly to the problem of 

finding blade shapes that will give a prescribed total de- 
flection of the stream. Recently, however, more interest has 
been taken in the details of the pressure distribution, mainly in 
connection with the problem of cavitation. 

The original theory of turbines, due to Euler, was based 
on the assumption that the blades are infinitely thin and that 
all stream surfaces are congruent to them; all the effects due to 
the finite number of blades, their finite thickness, radial veloci- 
ties, deviations from the ideal flow upstream of the rotor, vis- 
cosity, tip losses, and trailing vortexes were neglected. For 
axial-flow turbomachines, moreover, it has been usual to neglect 
the effect of deviations of hub and casing from concentric cylin- 
ders extending indefinitely upstream and downstream of the 
blade rings. 

There is no prospect of a comprehensive theory of the flow in 
turbomachines including all of these effects. The great practical 


success of the simple, original theory has shown, however, that 


the deviations of the actual flow from that predicted by Euler's 
theory are relatively small, or confined to narrow regions. This 
makes it possible to obtain satisfactory results by calculating the 
corrections arising from these effects separately and independ- 
ently. 


' LCI, Research Fellow, University of Manchester; Visiting Re- 
search Associate, University of Maryland, College Park, Md. 

Contributed by the Hydraulic Division and presented at the An- 
nual Meeting, Atlantic City, N. J.. November 25-30, 1951, of Tue 
American Society or Mecnanicat ENGINEERS. 

Note; Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Feb- 
ruary 8, 1951. 
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The most important corrections are those resulting from the 
finite number of blades and their finite thickness. They have 
been investigated by the help of the theory of aerofoils and aero 
foil cascades. These theories are, however, essentially theories 
of two-dimensional flow (1);* they neglect radial velocities, 
trailing vortexes, boundary layers, and so forth. 

In the following, the effects due to radial velocities and trail- 
ing vortexes are investigated, independently of the cascade effects, 
by determining the difference between the flow predicted by 
Euler's theory and that obtained when of its assumptions only 
the two regarding absence of radial velocities and of trailing vor- 
texes are abandoned. These corrections may simply be added 
to the results obtained by the help of acrofoil-cascade theories, 
or any other theory neglecting these effects, in order to obtain an 
improvement of the blade shape and a more accurate estimate 
of the pressure distribution and of the performance after change 
of pitch, 

The simpie procedure of adding the results of two-dimensional 
cascade theory and three-dimensional mean-flow theory is, of 
course, not strictly correct. Some information on specifically 
three-dimensional cascade effects is found in reference (2). 
But the approximation obtained on the assumption of axially 
symmetrical flow is the better the smaller the pitch-chord ratio 
and the thickness ratio of the blade, and hence is well suited to 
Kaplan turbines with a relatively high number of blades. 

The first investigations of the axially symmetrical mean flow in 
turbines were those of Lorenz (3) and Bauersfeld (4), who recog- 
nized the importance of the ring vorticity. The author devel- 
oped an approximation based on the assumption that the velocity 
induced by the ring vorticity is small compared with the mean 
axial velocity, and gave a solution for stationary blade rings 
without trailing vortexes (2). Marble (5) treated the effects of 
the trailing vorticity of a system of bound, stationary, or rotat- 
ing vorticity by the help of a more rigorous approximation. 

In the following, a simplific<, general theory is developed, 
which ineludes both those of references (2) and (5). In the pre- 
sentation, particular emphasis is laid on the application to the 
design of rotor bladings. 

The “Euler” theory is summarized in section 2, and the con- 
dition determining the ring vorticity is derived in section 3 for 
the case of a uniform incident stream, and generalized in section 
4 for the case of a nonuniform incident stream. The two design 
problems are treated in sections 5 and 6; formulas are given, 
on the one hand, for the ring vorticity, and on the other hand, in 
terms of the velocities induced by the ring vorticity, for the blade 
correction, pressure correction, and load correction Formulas 
for these velocities are given in section 7, and ways are discussed 
of constructing simplified, approximate formulas. 

The results are relevant to all axial-flow turbomachines where 
the mean speed is not too high for knowledge of the incompressible 
flow to be of interest. Some remarks are presented in Appendix 
3 to facilitate the application of the results to multistage axial- 
flow turbomachines. 


2 Swirt anp Useru, Work 


The purpose of the rotor of a turbine or pump is to transform 
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angular momentum! of the fluid into a of the shaft. If the 

process is steady and the fluid gains an amount A of angular 

momentum per second on passing the rotor, then the torque ex- 

perienced by the shaft is T = —-A; and if the angular velocity 


of the rotor is w, the work done on it per second is (Tw). Ina 


turbine T and w have the same sense; in a pump they are of oppo- 
site sense. 

In a Kaplan turbine or pump the transformation of angular 
momentum into torque is achieved by the help of a set of aero- 
foil-shaped blades slightly inclined against the direction of the 
flow. As a consequence of viscosity, a circulation develops 
around each blade, and the lift forces thus generated provide a 
torque about the shaft. The fluid experiences a change in angu- 
lar momentum and pressure; the mean axial velocity V (equal 
to the rate of volume flow divided by the area of cross section of 
the annulus), is the same upstream and downstream of the blade, 
for reasons of continuity, if the radii of hub and casing are un- 
changed. 

Let us refer for a moment to a system of cylindrical co-ordi- 
nates, r, 8, z, fixed in space, with z increasing in the downstream 
direction on the axis and @ in the sense of rotation, and let ¢,, ce, 
and (V + ¢,) denote the corresponding components of velocity. 
Let us ignore for a moment the radial component of velocity as 
well as the deviation c,, of the axial component from its mean V, 
and consider the flow between two cylinders of radii r and r + dr, 
respectively. It is desirable that the fluid should have no angu- 
lar momentum downstream of the rotor blades, in a Kaplan 
turbine, and if this is to be achieved by N blades, the circulation 
I’ of the individual blades must at every instant satisfy the rela- 
tion 


NT = (ce dss) = co: 


(by Stokes’ theorem applied to the closed contour indicated in 
Fig. 1), if ca, is the mean over the circumference of the tangential 
component of velocity ahead of the blades. If p denotes the 


denvity, a mass pV 2mr dr will pass through the | rotor per second, 
between the two cylinders considered, and it will acquire an 
amount of angular momentum 


dA = dr pV (—car) = pV NI'r dr 


The rate at which work is delivered into the shaft will therefore be 


(dTw) = —pV dr = 2xpV cowr*dr 


in the case of a turbine. Note that only V and cg, enter into the 
expression for the total useful work. 

From now on, let us refer to a cylindrical system of co-ordi- 
nates, r, @, z, with respect to which the rotor blades are fixed and 
the flow is steady, with z again increasing in the downstream di- 
rection on the axis and @ in the sense of rotation. Let w,, wg, 
and (V + w,) denote the components of velocity in this system. 


* Throughout this paper angular momentum is to be understood 
as taken about the axis of the rotor 


af 


The components of “absolute” velecity ¢ are given in terms of 

those of “relative” velocity w, by 

= co = we tor, V +e, 

If the blades are thin, as in a Kaplan turbine, they may be 7 
represented, to a first approximation, by equations of the form 


x(r, 2) = I(r, z) = const = a; (j = 0,1,...,N--1) 


where, e.g., @; = 2jn/N. If they are closely spaced or, more pre- _ 
cisely, if the pitch-chord ratio is small, all stream surfaces are _ 
nearly congruent to the blade surfaces, and to a first approxima-_ 
tion, the blade surfaces and stream surfaces form a family of con- : 
gruent surfaces given by 


x(r, 2) = I(r, 2) —@ = const = (0 < B < [4] 


In this approximation, the flow shows complete axial symmetry; 
any one of the surfaces of Equation [4], could be identified witha _ 
blade, and the approximation is therefore sometimes referred to 
as the “theory of an infinite number of blades.” In it attention — 
is confined to the mean, with respect to the circumference, of the 
velocity field.‘ 

Let us assume that, in addition to the flow being axially sym- 
metrical, the hub and the casing are concentric cylinders and 
that the radial velocity vanishes everywhere and the axial ve- 
locity is everywhere equal to V. Then the fluid between the 
cylinders r and r + dr will, on its way from upstream to a height 
2 in the rotor, acquire an amount of angular momentum 


dA(r, z) = 2er%dr pV cor, z) — co,(r)] 


per second, and the rate at which useful work is delivered by the | 
part of the rotor above the height z will be 


[co,(r) — cor, z)] 


where ce, is again the value of cg far upstream. As the total 
circulation NT'(r) describes the total useful work done by the 
different cylindrical sections of the rotor, so the “load distribution 
function” 


y(r, z) = cor 


describes its distribution over the blades in detail. 
the local value of the \ 
fluid. 

The theory just described is the original theory of turbines due 
to Euler. It goes beyond the theory of “velocity triangles”’ first 
outlined in that it considers the mean flow in the rotor, not only __ 
far upstream and downstream of it. Its main en are k 
as follows: 


It is equal to 
tum per unit mass of the 


(a) The fluid is inviscid. 

(b) The flow is axially symmetrical. 7 
(c) The hub and casing are concentric cylinders extending 
upstream and downstream.$ 

(d) The radial velocity vanishes everywhere and the axial cM 
velocity is everywhere equal to V. 

(e) The gap between the tip and the casing is negligible 

(f) No trailing vortexes are shed off the blades. 


In the following, assumptions (d) and (f) are abandoned and 
the velocity distribution, pressure distribution, and blade surface 


‘ For simplicity, the mean of the effect on the velocity field of the 
blade thickness is neglected. It can be treated independently of 
the mean flow considered here (ref. 2). In practice, the three-dimen- 
sional effects due to the blade thickness may be expected to be much a 
smaller than those investigated here. 

5 For effects due to their deviation from cylinders ser, for example, 
reference (6). 
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end 


obtained under assumptions (a) to (c), and (e) are compared with 
those obtained on Euler’s theory. 


3 Bu ape Forces Vorticiry 


The equations of motion for an inviscid, incompressible fluid, 
referred to co-ordinates fixed in space, are 


(¢ grad) ¢ = —grad(p/p — gz) + F 


where p is the pressure, g the gravitational acceleration, and F 
the external field of forces per unit mass that may have to be 
applied in order to maintain a flow along given stream surfaces. 
This equation may also be written 


1 1 
wx grad +} wt — } F... [7] 
where w is the magnitude of the relative velocity, is obtained as 
equation of motion referred to the co-ordinate system fixed with 
respect to the rotor;* it is convenient to retain the “absolute” 


vorticity, = curle. 

If the forces are such as can be exerted by solid surfaces fixed 
with respect to the rotor, then they must be normal to the (rela- 
tive) stream surfaces, and by Equation [7], H = (p/p — gz + 


MEYER—THE MEAN FLOW IN KAPLAN TURBINES 


the variations in the meridional components of velocity, Le, 
with the deviations of the flow from that predicted by Euler's 
theory. It will be shown in section 7 how ¢, and c, may be caleu- 
lated from any given distribution of &». 

It can be shown (Appendix 1) that the assumptions (d) and 
(f) of Euler’s theory are equivalent to the assumption that the 
ring vorticity vanishes everywhere. Bauersfekd (4) has studied 
turbine bladings for which this assumption is satisfied, and has 
shown that in that case the mean flow is entirely determined by a 
single, given streamline. It is found, however, that the lift co- 
efficient of the blade section varies strongly with the radius (2) 
and this drawback has prevented the technical realization of 
bladings with a mean flow free of ring vorticity. In practice, the 
Bauersfeld condition is not satisfied in axial-flow turbomachines 

In general, the relation between the load distribution function 
¥ and the ring-vorticity is a very complicated one (7). However, 
it has been pointed out (2) that a very good approximation can be 
obtained in practice by assuming that the velocities induced by the 
ring vorticity are small compared with the mean axial velocity 
V. It follows that the blade surface actually required to produce 
a given load distribution y(r, z) differs only a little from the 
blade surface obtained by Euler's theory, and that the ring- 
vorticity may be calculated, to the first order, from the condition 
that the vorticity surface coincides with the Euler blade surface 
instead of the corrected blade surface.” 

Downstream of the rotor there are no blade forces, so the 
(absolute) vortex lines coincide with the (relative) streamlines, 
by Equation [9]. If the blade sections have been matched 
properly for the optimum working condition, the mean angular 
momentum will vanish, downstream of the rotor, and there will 


be no trailing vorticity (except for that due to the tip clearance). 
But even if the matching is perfect for the optimum working con- 
dition, it will cease to be so when the angular momentum 
upstream and the blade incidence are changed, and the mean 
angular momentum downstream will then be nonzero and 
trailing vortexes will be shed off the blading. The kinetic energy 


| 


1 1 
FA w? — o°”) must be constant on (relative) streamlines. More- 


over, suppose the flow upstream of the rotor is vortex-free; then 
H must be constant upstream, and hence 


1 
H = p/p—gz+-w 


~ 


1 
2 y? 2 w*r? = const 


4) 
everywhere It follows from Equation [7] that 


F = 


which is the analog of Joukowsky’s equation for the force sus- 
tained by the circulation around an aerofoil. Since F must be 
norma! to the blade surface, at every point, it follows that the 
blade surface is the surface of the relative streamlines and the 
absolute vortex lines. 

Since the flow is axially symmetrical, the velocity components 
do not depend on @ or ¢, and the components of absolute vor- 
ticity are 


+ 
or 


Only the meridional components of vorticity are associated with 
the load distribution and with the useful work done on the rotor. 


On the other hand, the “ring vorticity” & is associated only with 


— 

ee We are at liberty to imagine that the respective axes of both 

_— ayetems coincide at the instant under consideration. Then the 
—__ components of force are the same in both systems. 


far downstream resulting from these effects cannot be recovered 
n the draft tube and contributes to the turbine losses. On the 
other hand, for the range of working conditions over which the 
efficiency of the turbine remains high, it may be assumed that 
the velocities induced by the trailing vorticity are small compared 
with V, and hence the ring component of trailing vorticity may 
be calculated, to the first order, from the condition that the 
(absolute) vortex lines coincide with the (relative) streamlines 
obtained on Euler's theory. 

sans 

4 Nownvunirorm Incipent Fiow* 

In practice, the flow upstream of the rotor cannot be expected 
to be vortex-free. The guide vanes are cylindrical surfaces end 
they are placed too near the bend of the duct for their own inci- 
dent velocity to be uniform over the span, so they shed trailing 
vorticity into the incident flow of the rotor. To account for this 
it will be necessary to admit tha. we axial velocity and the 
angular momentum, far upstream of the rotor, are both func- 
tions of the radius. Let them be denoted, respectively, by V(r) 
and yo(r), and assume that V(r) does not vanish anywhere and 
let V» denote the lowest value taken by it. 

When the flow upstream of the rotor is not vortex-free, Equa- 
tions [8] and [9] are not true. On the other hand, the variation 
with the radius of V and ‘yo does not affect the validity of the 
Euler theory, which applies primarily to the flow between two 
concentric cylinders at a small distance apart. Moreover, if 

7A more detailed justification for this procedure is given in Ap- 
pendixes 2 and 3. 

* The author is indebted to Profs. G. N. Ward and A. F. Hollander 
for suggesting the inclusion of this section. 


= grad ot)—F 
where = curl ¢ is the vorticity, ¢ the velocity magnitude, « 
X denotes the vector product. Upon substitution of w fr 
= 
F 


TRANSACTIONS OF THE ASME 


the radiai and axial-velocity components induced by the blades 

are small compared with Vo, the streamlines lie approximately 

on cylinders, and since Bernoulli's equation {8} holds on stream- 

lines, the total pressure H is approximately a function of r only. 


Therefore, if dr) denotes the vorticity far upstream of the 


blades, w & (£ —- &) + F is small, by Equation [7]; ie. the 

surface of the (relative) streamlines and the lines of (& fo) 
coincides approximately with the blade surface, which, in turn, 
differs little from the Euler blade surface. Hence te part of 
the ring vorticity that is <iue to the blades may still be calculated, 
to the first order, from the condition that the surface of this part 
of the vorticity coincides with the Euler blade surface and that, 
downstream of the rotor, the lines of the corresponding part of 
the trailing vorticity coincide with the (relative) Euler stream- 
lines. The formulas given in sections 5 to 7 thecefore apply also 


to the case of a nonuniform incident flow, is inter- 


preted everywhere to mean (£— &). 

It may not always be immediately apparent which functions 
V(r) and yor) are appropriate to represent the incident flow of a 
blading. In Kaplan turbines, the rotor is often placed so near 
the bend of the duct that, even in the absence of the rotor, the 
axial velocity and the angular momentum would vary appre- 
ciably with the height z in the portion of space to be occupied by 
the rotor. In that case the following method of treatment is 
suggested: The distribution of axial velocity and angular mo- 
mentum may be taken as V(r) and Yo(r) that would obtain, in 
the absence of the rotor, at the station in the duct corresponding, 
e.g., to mid-chord height of the rotor. At other points in the 
portion of space to be occupied by the rotor, the velocity field 
will then deviate from that represented by V(r) and yor), but 
these deviations will be relatively small and ma’ ‘ 
corrections (‘‘first’’ field of velocity corrections ). » procedure 
would then be as follows: (a) The flew in the duct, in the absence 
of the rotor, is calculated (for instance, by a relaxation method 
and from it V(r) and yor) are obtained as well as the first field o! 
velocity corrections. (b) The ring vorticity & is calculated from 
Vir) and yo(r), as described in sections 5 and 6, and the velocity 
corrections due to the blades (“‘second” field of velocity correc- 
tions) are calculated from &», as described in section 7. Finally, 
the two fields of velocity corrections are added (vectorially ) and 
the pressure correction, blade correction, and load correction arc 
calculated from the total velocity corrections, as described in 
sections 5 and 6. 


provided £ 


treated a+ 


5 Brave Correcrion ror Orrmum Working Conprrion. 


Assume that the mean axial velocity V, the angular velocity 
w, and the load distribution y(r, z) are given. In addition, the 
intersection, @ = II(r, 2) of the blade surface with some plan: 
2 = z normal to the axis may be chosen; alternatively, the shape 
of the leading edge, for instance, may be chosen and the follow- 
ing formulas interpreted accordingly. 

Since the blade surface is a relative stream surface 

w grad x) = w, O11 /dr — we/r + (V + w,) Oll/oz = 0 [11 
The Euler blade I1p(r, z) is found by neglecting w, and w, alto- 
gether, whence 


Ol] g/dz = we/(rV) = — w/V {12} 


by Equations [5] and [3], and 


lig(r, 2) = I(r, 20) + 
Jn 


The vorticity is to be ye determined so that the Euler blade is « 
vortie ity surface, ie. Gent X,) = 0, whence 
to/r = /dr + 


20) 
by Equations {10} and {13j. Note that the first three terms 
depend only on (r, 2); @ enters only into the last term, and 
II(r, 29) only into the last term but one. Since the problem has 
been linearized by our approximation, the contributions to the 
mean flow of the different terms may be calculated separately, 
and then added; thus, for instance, the effect of different choices 
of I(r, 20) may be studied in a simple way. 
The corrected blade surface is found from Equation [11], 
which, to the first order, becomes 


oll oll, 
Oz Oz 


w, Wl, w, oll, 


whence, by Equation [12] 


. 


1 2 
Il(r, II g(r, z) = 
ty 


It is suggested that this blade correction (in which w, and w, are 
obtained from the ring-vorticity distribution of Equation [14] by 
the method described in section 7) be applied to the backbone of 


any blade designed on the basis of a theory neglecting the radial 


velocity and the deviations of axial velocity from V. 
The pressure correction is found from Equation [8], which be- 
comes 
1 


1 
wg + - w*r? = const 


2 2 


PrP 
if w, and w, are neglected entirely. 
quantities, therefore 

(p — pe)/(pV*) = —w,/V... 
since all the small terms vanish far upstream. It is suggested 
that this correction be added to the pressure distribution found 
from any theory based on the assumptions (d) and (f) of section 


To the first order of small — 


2. A numerical example for a fixed blading of hub ratio 0.6 is — 


given in reference (2); the ratio c,/V is found to reach 0.05 in 


magnitude, so the pressure correction reaches 10 per cent of the — 


1 
dynamic pressure, 2 pV? 


How the mean angular momentum Y = cgr is to be chosen or — 


determined in the first. place, depends on the theory used for the 
primary design of the blade, and is therefore outside the scope of 
this account. Note, however, that it is sufficient to know y to 
the first order of approximation in order to evaluate &» from 
Equation [14] to the order of accuracy required. Note also that 
it has been assumed in this section that, in order to minimize in- 
duced losses at the optimum working condition, y is assumed 
chosen in such a way that the blade does not shed trailing vor- 
ticity. This means that y = const along the trailing edge. Ifa 
different choice is made, the ring component of trailing vorticity 
(see section 6) contributes to the velocity corrections. 


“> 


} 


“@ 
is 
Y oll, 
vy: 
> 
— 
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6 CHANGE oF Prrcn 
Assume that the blade shape II(r, z), the mean axial velocity 
V, the angular velocity w, and the swirl ye upstream of the rotor 
are given, and that II and 7», at least, differ from their values at 
the optimum working condition. This situation arises after a 
chaage of pitch and load, and it is then required to find the !oad 


distri>ution and the pressure distribution. 


On Puler’s theory, the load distribution function is 


Yel". z) = + Vorl/dz) {17} 


— in analegy to Equation [12]. The corrected load distribution 
7, for which II is the corrected blade, differs from yg only by 
small «uantities, and [) may therefore be found by substitution 


Yx into Equation [14}. 


ponent. 


Trailing vorticity, however, must be expected to occur after a 
_ change of pitch, and account must also be taken of its ring com- 
Since, to the first order, the absolute vortex lines coin- 
cide with the relative streamlines of Euler’s theory 


& = 0, = 


downstream of the rotor, where W4 denotes the value of wg on 
Euler’s theory. Since £, = 0, 7 is independent of z, by Equations 
[10], so 


[18] 


¥ (r, 2) = Yg"(r), and Cor, z) = {19} 


downstream, where a dagger is used to denote values taken at 
the trailing edge of the blade, and (4 is the value of ce on Euler's 


theory. Therefore, by Equations 


- downstream of the rotor, and by Equations [18], the ring vor- 


ticity downstream of the rotor is obtained by substitution of 


Wr ve"(r) for y(r,.z) in Equation [14]. To the first order, the 


- 


vorticity downstream of the rotor depends only on r. 
The first-order correction to the load distribution is 
2) — 2) = r(we — We) 
= (w,dII/dr + 
by Equations [li] and [12]. The pressure correction is again 
found from Equation ([8}; to the first order 


# 
—W — We) — Vu, 


(p — Px)/p = 


4 by Equations [21] and 


U 


oll 
or 


r? oll 
V oe 


[22 
5 ove [22] 


( 
w, w 
* 
in the rotor. To find the correction to the tangential velocity 
downstream of the rotor, note that in the absence of forces the 


tangential component of w £ is 


» (V + w,) =0 
(w + w, °) (cer) 


by Equations [9] and [10]; to the first order, this becomes 


4 w, - 


(Ce) + Vr (co — 


downstream of the trailing edge, by Equations [19]. 


: by Equation [19], and hence 


1 dy;z' 


cdr, z) —ce'(r) = 
r dr 


w(r, y) dy.... .[23] 
at 


7 Vevocrry Corrections 
The problem of finding the meridian velocity components in- 
duced by a given distribution of ring vorticity can be solved by 
classical methods. Equivalent solutions have been given in 
references (2) and (5). Let 
Udder) = Yilen) Ider) 


= Vien) Jifer) 


Jen) 


where J, and Y, denote the Bessel functions of order p of the 
first and second kind, respectively, r, the hub radius, r, the tip 
radius, and the characteristic values €, are the positive roots of 
the equation 


=0.. {24] 


Both the Bessel functions and the first 6 roots of Equation [24] 
are tabulated (8). Then 


wf{r,z) = >> / a,(8) e~ dB. . [25] 
n=l 


=) 


with 


= apt {26} 


nm 
a,(B) = (1 /v,*) Eda, 8) a da 
and 
1 


These formulas may be interpreted as follows: The axial ve- 
locity w, induced at any point r, z by the total distribution of 
ring vorticity &} is the sum of the axial velocities induced at r. z 
by individual disks of ring vorticity of thickness d8, located at 
z = 8, and carrying a strength of ring vorticity Er, 8) per unit 
thickness of the disk; and similarly for the radial velocity. 
The distribution over the radius of the strength of ring vorticity 
of each disk is analyzed in terms of Fourier-Bessel components, 


so that 
te(r, 8) = > a,(8) Ude.r) 
— 


in exact analogy to the more common harmonic analysis of a 
function in terms of Fourier components and its expansion in a 
Fourier series. Each Fourier-Bessel component induces veloci- 
ties which are damped exponentially with distance from the disk 
with a damping factor €, peculiar to the individual Fourier-Bessel 
component. The velocity induced by the vorticity disk is the 
sum of the velocities induced by the individual components 

In view of the approximations introduced for the purpose of de- 
termining the ring vorticity in the two preceding sections, it ap- 
pears unnecessary, at the present stage, to compute the meridian 
velocities from the exact Equations [25] and [26]. These formu- 
las are, however, useful for the purpose of constructing simpler 
approximate formulas and of checking the results obtained from 


i 
= 
| 
A: 
| 
| 
‘ 
a 
= 
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How simpler formulas are best constructed depends primarily 
on the physical setup, and the physical question asked, in any 
particular case. A useful method would often appear to be first 
to replace the ring vorticity obtained from Equation [14] by a 
simpler distribution of ring vorticity, and then to construct 
simpler, approximate formulas for the purpose of computing the 
velocities induced by the new distribution of ring vorticity. 

As regards the latter point, Marble suggests replacing the 
damping factors ¢, of the individual Fourier-Bessel components 
by a single, common damping factor, which is to be determined 
such that the mean square error over the whole field of flow due 
to the simplification is a minimum; and he describes in detail 
how this can be done (5). 

As regards the first point, Marble suggests replacing the whole 
blading by a single vortex disk, appropriately located, acros< 
which both the angular momentum and the ring vorticity chang: 
discontinuously from their distribution over the radius far ahead 
to that far astern of the blading. This approximation is suitable 
for the calculation of the velocity field induced by the trailing 
vorticity, which occupies the portion of space downstream of the 
trailing edge and is independent of z. However, it is not suita 
ble for the calculation of the velocity field induced by the bound 
ring vorticity in the blading. For instance, in the absence of 
trailing vorticity (design for optimum load) this approximation 
gives w, = w, 0, whereas it has been shown in an example 
(2) that values of w, and w, up to 3 and 5 per cent, respectively, 
of V may arise and lead to an appreciable blade correction. 

To construct suitable, simplified distributions of the bound 
ring vorticity it is useful to consider the constituents which g» to 
make up the ring vorticity in the case of optimum load design 
The load distribution at any height z in the rotor may be split 
in the mean value over the radius y,, and the rest y2(r), so that 
y(r, z) = + and in practice the first term is the 
more important one,’ 2 being, at most, locally important (for 
instance, near the tip). Moreover, the backbone of the blade 
is usually such that its intersection with some plane (z = 0) near 
the middle of the blade is nearly radial. If it is assumed that 
vir, 2) = 0, that the backbone is radial in the middle of the 
blade, and that the blade extends from z = 
tion | 14] becomes 


2 2 
(dy, /dz) yily) du, (—h 


=0 


htoz = h, Equa- 


> . 
(2, >h) 


and this may be expected to represent the main part of the bound 
ring vorticity. 

Fig. 2 shows a possible load-distribution function y,(z) divided 

* For Kaplan turbines, where the choice of a ‘‘free-vortex” blading 
imposes itself. 
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by the mean angular momentum upstream ‘Yo, and the 
sponding distribution of r*°V_ &)/(2y.2) given by Equation [27]. 
The ring vorticity changes sign at the height in the blade where 
the backbone is radial. Such a distributic may be approxi- 
mated, for instance, by a constant distribution with the same 


total vorticity, for z <0; and similarly for z > 0 (dashed in Fig. 


2). This approximation is equivalent to three disks (at z = —h, 
z = 0, and z = h) of discontinuity of the rg vorticity of the 
same kind as the disk for which formulas for the induced velocity 
have been given by Marble (5). 


Appendix | 
The equation of continuity is 


and hence there exists a stream function (r, z) for the meridional 
components of velocity such that 


ow,/Or + w,/r + Ow,/dz = 0 


w, = (1/r) df/dz, w, = {1/r) df/dr 


and by Equation [10] 
= OW/dr? — (1/r) Of /dr + 


If & vanishes everywhere, the flow in the meridional planes 
possesses a velocity potential ®, and @/z = const, if b/d: — 
const forz— +e. Hence w, =0. 

If w, vanishes everywhere, ¥ is independent of z. Hence &* = 
0, if it vanishes ahead of the rotor 5] ie 


In general, the condition that the blade surface should be the 


surface of the relative velocity and the absolute vorticity leads 
to the equation 


Appendix 2 


‘ad 


We 7 


connecting the components of velocity and of vorticity (2). If it — 


is assumed that the free vorticity and the bound ring vorticity 7 


are small compared with the bound meridional vorticity, so that 
&, V, w,< V, the derivatives of these small quan- 
tities are also small, and w, 0/0r + w, 0/dz may be neglected 
compared with V 0/dz, then Equation [28] becomes, to the first 
order 


Upon integration with respect to z, with partial integration on 
=> 


the right-hand side, this leads to Equation [14], since div — = 0. 


Appendix 3 


ReMARKS ON LIMITATIONS OF THE THEORY, AND Its APPLICATION 
vo Muttistace Axtat-FLow TuRBOMACHINES 


The assumptions made in the theory presented here are of two _ 


corre- 


kinds. The assumptions discussed in the second section define | 
the role played by the “mean flow theory” within the general . 
theory of Kaplan turbines and pumps. By contrast, the as- 


sumption that the velocity corrections w, and w, are small com- 
pared with the mean velocity is introduced in order to simplify 


| 
me 


or if the blade sheds a great deal of vorticity, 


racy. 


the ee problem of mean flow theory, and it may be 
worth a brief examination. It is supported by two quite different 
considerations. 

(a) The radial velocity w, must vanish both on the hub and 
on the casing, and the axial-velocity correction w,, as a function 
of r, for fixed z, must change sign at least once, being defined as 
a deviation from a mean. Hence both may be expected to be 
small. if the annulus is narrow. 

(6) Since any trailing vorticity downstream of the rotor repre- 
sents losses, the fact that Kaplan turbines have a high efficiency 
over a wide range of working conditions suggests that the trailing 
vorticity is small over a considerable range of working conditions. 
Moreover, the incident flow does not differ much from one with 
constant angular momentum, so the rotor blading must be a 
“free-vortex” blading where y depends little on the radius, both 
upstream and downstream of the blade wheel. This suggests a 
load distribution depending mainly on z, for which the bound 
ring vorticity changes sign at some station in the rotor (see 
_ Equation [27]) and is indeed small, if neither the total load ‘yo, 
nor the local loading dy,/dz, is large. It then follows that the 
velocity corrections induced by the ring component of both the 
bound and the trailing vorticity will also be small. 

The example given in reference (2) shows that the assumption 
that w, and w, are small compared with V is well founded even 


for the hub ratios and loads commonly used in Kaplan turbines. 


However, if the hub ratio is very small; if the total load or the 
local loading near the leading edge or the trailing edge is large; 
then the theory 
may not be expected to predict the mean flow with great accu- 
In any case, it is not designed to treat the extremes of the 
_ working range, where the flow separates from the blades. 
The theory applies also to multistage axial-flow turbomachines 
The mean flow corrections for a stationary-blade wheel are ob- 
tained by putting the angular velocity w equal to zero in the for- 
- mulas given in the foregoing, and the corrections are then again 
obtained in the frame of reference with respect to which the 
_ blade wheel is at rest. For a multistage machine, the corrections 
are obtained simply by superposition of those due to the separate 
stators and rotors; the computation is simplified by the use of 
Marble’s asymptotic expressions (5) for the induced velocities 
when computing the mutual interference of blade wheels not 
directly adjacent to one another. 
For a multistage machine, however, it is often desirable to 
employ a blading that is not of the free-vortex type (9, 10). 
ne In that case the argument may not apply that has been used to 

suggest that the bound ring vorticity is small; indeed, the justi- 
fication (6) may net apply unless the load is light, and the cor- 
rections may be predicted less accurately by the theory given 
here. Moreover, since the flow downstream of the last blade 
_ wheel should be free of angular momentum, and since the flow up- 
_ stream of the first blade wheel is often free of it, it then becomes 
necessary to provide a first blade wheel designed to convert a 
free-vortex flow to the type desired in the machine and a last 
blade wheel designed to reconvert it. That is, these two blade 
wheels have to be specially designed respectively to shed and 


absorb a very considerable amount of trailing vorticity (whereas 


_ the other blade wheels work in a stream full of free vorticity, but 
_ do not contribute much to it), and the corrections due to these 


y IN KAPLAN TURBINES 


two blade wheels must be anticipated to be pee less accu- 
rately.) 

The theory can also be used to investigate a part of the “‘second- 
ary flow” that is essentially due to viscosity. One of the im- 
portant effects of viscosity is the existence of large boundary 
layers on the hub and the casing, already upstream of the blade 
wheels. In cascade tunnels, for instance, these boundary layers 
constitute the main effect of viscosity. They can be explored 
readily, and simulated by a nonuniform distribution of incident 
velocity represented by suitably chosen functions V(r) and 
yor). (See section 4; note, however, that the assumption 
V(r) > Ve > 0 prohibits excessive realism in simulating such 
boundary layers. The difficulties that would arise if the bound- 
ary conditions for a viscous fluid were applied to the equations 
of motior for an inviscid fluid are both mathematical and physi- 
eal). Again, it should be note:! that if a blade designed to work in 
a uniform incident flow is immersed in an incident flow varying 
strongly in the spanwise direction, then the circulation of the 
blade sections varies also strongly in the spanwise direction. 
Therefore a considerable amount of vorticity is shed (which in- 
duces a secondary flow), and the justification (6) for the 
linearizing assumption does not apply. 
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% For a blading of hub ratio 0.6 converting a uniform stream free 
of angular momentum into one of “‘solid body rotation” the velocity 
corrections have been worked out numerically by Marble (5), under 
the assumption that the velocity corrections are small compared with 
the mean velocity; so for this case quantitative information is availa- 
ble regarding the range over which the assumption may be applied 
with confidence. 
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